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Preface

Refractories have always been a necessary part of industry.
High-temperature industrial processes require refractory materials to
insulate the process, assist in controlling the process temperatures and
insulate the process heat from the support structure. Typically, heat
transfer characteristics (thermal material properties) for the various
kinds of refractories are well defined by refractory manufacturers
because of the immediate need for this information in evaluating
refractory lining systems. Refractories deteriorate and wear due to the
chemical and mechanical conditions imposed on them. Mechanical
and chemical deterioration can occur either in concert or separately.
In some industrial processes the refractories last only ten days, while
in others the refractory can last years or decades. Because of the
increasing competitiveness in industry, various means of extending
refractory life are being pursued, and investigations regarding the
structural/mechanical behavior of refractory lining systems are gaining
considerable interest.
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Refractory lining systems behave in a very complex manner
mechanically. If mechanical wear is to be investigated and better
lining designs pursued, the structural/mechanical behavior of
refractory lining systems must be understood. Since limited
information is available in this area, Refractory Linings: Thermo-
mechanical Design and Applications concentrates on all structural and
mechanical aspects of refractory lining systems. This book is not
intended to be a treatise on structural mechanics, but rather a resource
for understanding the fundamentals of the structural/mechanical
behavior of refractory lining systems and the associated deterioration
and wear of refractory lining systems.

The basics of heat transfer are also presented, since heat trans-
fer is a vital part of the investigation of refractory lining systems.
Mechanical investigations of refractory linings are, therefore, more
appropriately described as thermomechanical investigations. That is,
the heat transfer investigation and the mechanical investigation are
coupled parts of a typical lining investigation.

Chapter 1 provides a general introduction to the thermo-
mechanical investigation of refractory lining systems.

The types of loadings imposed on refractory lining systems are
discussed in Chapter 2. Stress-controlled and strain-controlled loads
are defined. The recognition of the load type(s) to which refractory
linings are exposed is the most important basis for understanding the
refractory lining investigation.

Chapter 3 introduces the initial fundamental assumptions for the
mechanical material properties of refractories. The basic concepts of
material static and creep behavior are introduced, along with the
initial assumptions regarding the mechanical behavior of refractory
lining materials.

A considerable number of ASTM tests are used to evaluate the
mechanical properties of refractories. Chapter 4 addresses the
limitations of the ASTM strength tests.

Chapter 5 presents a rational approach for selecting the
strongest or best refractory. Often the crushing strength is not the
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appropriate material property for choosing the strongest refractory.
Selection of the best refractory is dependent on the predominant load
type imposed on the refractory material.

Chapters 6, 7, and 11 present material property data, including
static compressive stress-strain, creep and thermal expansion data, for
various typical refractory materials. All are necessary in evaluating
the structural/mechanical behavior of a refractory lining system.

Chapter 8 introduces the basic aspects of the mechanical
behavior of mortared and dry joints. The behavior of the joint should
be considered when expansion allowance concerns are addressed.

In Chapter 9, the concept of the hinge in refractory lining
systems is introduced. A hinge occurs at a brick joint in which only
a small portion of the joint length is subjected to the compressive
load.

The effects of the stress-strain state on the strength of
refractory material are described in Chapter 10. As with most brittle
materials, the dimensionality of the stress-strain state has a profound
influence on the compressive strength and much less influence on the
tensile strength.

Chapters 12 through 15 introduce the basic concepts of
refractory lining behavior for four types of lining geometries: the
refractory arch, the cylindrical lined shell, the spherical refractory
dome and the square and rectangular refractory-lined vesseis.

Chapter 16 is devoted to analytical investigations on the
mechanical deterioration of refractory linings as related to tensile
fracture. Typically, previous investigators dealing with transient
thermal tensile stresses, such as thermal shock and other similar
transient effects, have overlooked the effects of the vessel shell
restraint contributing to thermal tensile fracture, even during steady-
state thermal conditions. Quite often the effects of vessel restraint can
completely alter the transient thermal stresses during both heatup and
cooldown. Material design objectives are also presented with regard
to work-of-fracture (WOF) testing and the desirable WOF curves
based on load type(s) imposed on the refractory material.
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Finally, Chapter 17 describes the results of three separate
studies on three different refractory lining systems. All three studies
compare the analytically predicted results with field measurements and
field observations. The three lining systems are a steelmaking ladle,
a refractory sprung arch and a spherical refractory lining.

The author would like to acknowledge the following organiza-
tions for use of data on refractory materials: Harbison-Walker
Refractories, Division of Indresco, Inc., Pittsburgh, PA; National
Refractories & Minerals Corp., Livermore, CA; J. E. Baker Co.,
York, PA; North American Refractories Co., Technical Center, State
College, PA; and Ceram Research, Penkhull, England. Special thanks
also goes to Carolyn Brown, Desktop Publishing Services, for her
patience and understanding in interpreting and processing the original
handwritten text.

Charles A. Schacht
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1

Introduction and
General Overview

I. INTRODUCTION

This book is intended to be multifunctional, being able to
satisty the needs of the user, installer, designer and investigator of
refractory lining systems. For the plant engineer needing some
insight into refractory problems on lining spalling and other forms
of mechanical deterioration, the example studies should be of value.
For the installer, the importance of installation procedures should
become more evident from the various lining geometry studies. To
the designer and investigator of linings needing to understand the
thermomechanical behavior of lining systems, this book should be
of great assistance. Finally, for those wanting more material
property data on various kinds of refractories, this book can be used
as a reference or guide to selecting refractories for specific
applications. Therefore, the appropriate chapters can be selected
based on the user’s requirements.



2 Chapter 1

Refractories are used in industrial processes that require high
operating temperatures. Refractories serve several important roles:
to control process temperatures, to insulate the temperature-sensitive
supporting structure and to conserve heating energy by minimizing
heat loss. Typical manufacturing industries requiring refractories
include the iron and steel industry, and the non-ferrous (aluminum,
zinc, lead, magnesium, copper, etc.) industries. Refractories are
also vital in the production of glass, cements, and other materials
produced by basic industries. Refractories are also a necessary part
of the fossil fuel power industry. Here they are used to line the
boiler furnaces, exhaust stacks and other power plant process
structures. Refractories have been of particular importance in the
coal gasification research [1] in which refractory linings have been
given special attention using state-of-the-art technology in the
design of the lining. The environmental industry employs the use
of refractories in the various types of furnaces used to break down
temperature-degradable waste materials. The petroleum industry
requires refractories to insulate vessels used in the fractional
distillation of crude oil. There are many other industries too
numerous to mention here that also use refractories to contain high-
temperature processes.

This book does not address the chemistry side of refractories.
There is considerable information in the literature [for example,
references 2-4] which deals quite adequately with refractory
chemistry as related to compatibility with the process environment
and as related to chemical deterioration and wear of refractories.
Considerably less is understood and has been written regarding the
mechanical related behavior, wear and deterioration of refractories.
There are numerous examples [5-8] of indirect approaches to
refractory wear in terms of laboratory inferential testing of
refractories, use of limited mathematical methods or investigative
work on lining wear in full-scale production vessels. These types
of investigations provide insight into lining wear, but do not provide
an understanding regarding the actual detailed or totally integrated
stress/strain behavior within the refractory lining as related to the
lining fracture, wear and deterioration. Most refractory lining
systems are constructed of refractory brick shapes or block although
monolithic castable refractories are gaining considerable attention as
another reliable alternative in the design of refractory lining
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systems. The objective of this book is to provide an understanding
with regard to the mechanical fracture, wear and deterioration of
refractories along with an understanding of the mechanical or
structural behavior of the complete refractory lining system.

II. THE REFRACTORY STRUCTURE

Refractory linings constructed of brick shapes can be
classified as a block type structure in which various refractory brick
shapes [9-11] are used to construct a refractory lining. Figure 1.1
[10] describes the brick shapes used to construct an arch
roof. Often block type structures are made up of a wide range and
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FIGURE 1.1 BONDED ARCH ROOF [10]
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variety of shapes and sizes of block to arrive at a desired geometry.
Dome linings and cylindrical lined vessels and other lining
geometries are similarly constructed of appropriately selected shapes
provided by the refractory manufacturer.

Many types of block type or stone arch structures were
constructed during the Roman Empire [12]. During the latter
centuries of Europe, more sophisticated stone block structures
evolved. The Romans used stone arches to support the aqueducts
and a combination of arches and domes to construct buildings.
During the Gothic period, the French developed, painfully by trial
and error, the elegant flying buttresses in conjunction with the
massive cathedrals. During these early times throughout England
[13], the stone arch was used to construct bridges with significant
spans. Investigative work was continued [14-16] in England to
better understand the behavior of stone arches. There are still
ongoing investigative activities in England pursuing the
understanding of stone arches.

Stone was used in these early times because of its availability
and compressive strength and because stone could be chiseled and
shaped into a desirable block geometry. Because mathematics,
material technology and other related sciences were in their infancy,
suitable block structures could only be developed by trial and error.
The shape, size and other aspects of the individual blocks along the
overall geometry of a new structure were not always adequate for
the loads and other service environments imposed on the structure.
Records show that some of the early structures collapsed, and quite
often catastrophically. The key to success in all of these structures
was the adequacy of the stone block size and corresponding
structure geometry such that they did not crush or fracture under
compressive load. The evolved shape of the overall structure
resulted in minimum shear across joints and insignificant tensile
loading normal to block joints while maximizing compressive loads
normal to block joints. The dry joints between the stone blocks
cannot sustain tensile loads. Even mortared joints have limited
strength and can only support exceedingly small tensile loads.
Despite these restrictions, the block structure evolved into
successful support structures. Not only were these structures
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functional, but they also have a grace and beauty that is still
admired today.

With the advent of ironmaking, the development of metal
structural components resulted in a change in the basic design
philosophy of block type or stone structures. That is, metal
structural components could sustain both tensile and compressive
loads and were superior to stone block structural components (the
stone block joints) that were limited to only compressive loads.
Stone structures evolved into a combination of stone and metal
components. Because of the strength and versatility of metal, the
use of these metal components replaced the block stone
components. The flying buttress was no longer needed to support
the cathedral lateral roof forces. Later, as science and technology
progressed, sophisticated structural analytical methods were
developed allowing engineers to predict mathematically the
behavior of structural systems and to design more reliable
structures. As a result, stone block structures had become obsolete
before the comprehensive structural analytical methods were
developed that could explain the complex behavior of these
structures. Contemporary structures constructed of homogeneous
strength-bearing materials (steel and reinforced concrete) that
support both tensile and compressive stress states have received and
continue to receive considerable attention in all of the fields of
structural research with regard to safety, optimum strength,
minimized material usage and other structurally related aspects.

Refractory structures exhibit similar structural behavior as the
block type or stone structures. However, refractory structures are
exposed to a more complicated load environment: thermal
expansion loading. The refractory lining is typically exposed to
high temperatures resulting in complicated stress/strain
environments within the lining structure, and the refractory material
properties tend to vary as a function of temperatures. High
temperatures have a profound influence on the refractory material
properties. At high temperatures, refractory materials no longer
remain totally elastic. Instantaneous plastic and time-dependent
creep straining takes place. As a result, the structural investigation
often requires the use of computerized structural analysis methods
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that can deal simultaneously with these complex material and
structural behaviors.

Presented in this book are the basic elements needed to
conduct thermal and mechanical structural investigations of the
refractory lining structures. Also included are thermal material data
and mechanical material data vital to conducting a refractory lining
investigation. Since computer methods are a necessary tool for
conducting a reliable refractory lining investigation, basic
information regarding popular current numerical analytical methods
used for structural analysis is also provided. For those less
interested in an understanding of the structural behavior, examples
of a variety of refractory lining investigations conducted by the
author are presented.

. ANALYTICAL METHODS

Refractory lining systems are typically exposed to a thermal
environment that results in expansion of the refractory lining
system. As a result, a lining investigation typically consists of two
parts. The first is an evaluation of the thermal response of the lining
system, which may be either steady-state or transient. Of primary
interest in the thermal analysis is the temperature distribution within
the lining system. Heat loss and other aspects of the heat transfer
analysis may be of interest to some investigators but will not be
pursued in this text. The second part of the lining investigation
consists of evaluating the thermal expansion, displacements and
thermal stresses within the lining system.

One has the choice of various types of analytical methods in
solving the thermal and the thermal stress problems. Handbook
equations can be used to estimate both the temperature profile in
the lining as well as the thermal expansion stresses. However,
handbook equations are quite often limited to simplified boundary
conditions and simplified material behavior and, therefore,
underestimate the complex structural behavior of the most simple
refractory lining systems. Handbook equations’ results, in most
cases, do not match the response of the actual refractory lining
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system. That is, even for a very simple lining geometry, the
complex mechanical behavior of the lining system along with the
temperature dependent mechanical behavior of the refractory
material make these handbook equations unrealistic in their
applicability.

Computerized structural analytical methods have gained
considerable popularity in the engineering community especially
with the advent of the larger personal computers (PCs) and
upgraded structural software that takes advantage of the latest PC
capabilities. Most popular is the finite element method (FEM)
[17,18]. Basically, the structure to be evaluated is discretized
mathematically into a geometric pattern or mesh. The mesh unit is
the finite element which has been formulated using algebraic
equations to define the unknown variable behavior within the
element based on defined quantities of the node points. The finite
elements are assembled mathematically to form large matrices
which in turn define mathematically the behavior of the total
structure. Computers are necessary to solve the large system of
algebraic equations thereby defining the unknown variables at each
of the nodes. These define the desired structural response in
question. Appendix A provides a limited list of currently available
FEM programs.

The steady-state thermal problem is defined in matrix form
as:

[KI{T} = {Q} (1.1)

where [K] is the thermal conductivity matrix, {T} is the temperature
vector (at each node of the mesh model) and {Q} is the heat flow
vector (at each node). For transient thermal analysis the matrices
become more complex and introduce the effects of time.

The static structural matrices are of the form:
[KI{U} = {F} (1.2)

where {K} is the structural stiffness matrix, matrix {U} is the
displacement vector (at each node) and (F} is the force vector (at
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each node). Additional matrices are formed when inelastic and time
effect are included. For those who wish to pursue a more detailed
understanding of the finite element method of analysis references 17
and 18 should be reviewed as a starting point.

The assembly of the complete matrices as defined above
forms a set of simultaneous equations. The solution of these
simultaneous equations results in values for each degree of freedom
in the vectors {T} and {Q} for the thermal problem or {U} and {F}
in the structural problem.
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Load Types

I. INTRODUCTION

Of most importance in evaluating the structural behavior of
refractory lining systems is understanding the concept of load types.
The type of load imposed on a structure will have a direct impact
on which parameters, such as structural geometry, material
properties and stress limits, demand the most attention in optimizing
structural response, structural life and other desirable features of the
refractory lining structural system.

There are two types of loads [1-3] that can be imposed on a
structure. They are defined as stress-controlled load and strain-
controlled load. By understanding the load types imposed on a
refractory lining, one can better decide on the most desirable
refractory material mechanical properties and refractory lining
geometry that will result in the best lining design.

11
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0. STRESS-CONTROLLED LOAD

A stress-controlled load on a refractory structure is an
external load, such as a gravity load, pressure load, or other type of
mechanical load. By definition, this load is an external load, even
when the loading is the structural gravity load. A fundamental
structure is defined in Figure 2.1 with an applied stress-controlled
load (P).

The primary result of a stress-controlled load is that the stress
(S) in the structure can be determined with knowledge of only the
structural geometry. In the case of our simplistic structure, the
stress is calculated by dividing the load by the cross-sectional area
(A) of the structure:

STRESS

STRAIN

FIGURE 2.1 STRESS-CONTROLLED LOAD B
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S =P/A 2.1)

Even for more complicated, statistically redundant structures [4,5],
only the structure geometry is required to evaluate the stresses
within the structure.

The basic requirement of the structure, with respect to a
stress-controlled load, is that the structure must satisfy the
equilibrium requirements when the structure is subjected to these
external loads. The internal stress must equilibrate the external
load. Note that mechanical material properties have not entered
into the discussion regarding the determination of stresses due to
stress-controlled loads. The only need for mechanical material
properties (modulus of elasticity, Poisson’s ratio, etc.) for stress-
controlled load environments is when structural deflections or
material strains are to be determined. This concept is illustrated in
Figure 2.1; with the known stress, the corresponding strain (g) can
be determined only with knowledge of the material stress-strain
curve.

The structure must satisfy the equilibrium requirements for
stress-controlled loads. As a result, deformations will not relieve
stress-controlled loads. That is, the deflection of the structure will
not alter the magnitude of an external load or stress-controlled load.
The pressure load, the gravity load or any other stress-controlled
loads will remain at the defined value regardless of the structural
deformation. The impact of the deformations not altering the stress-
controlled load magnitude has a profound influence on how the
structure is designed against possible overload. Additional details
on the design of structures against possible overload of stress-
controlled load will be presented in Section VI.

When the magnitude of the stress-controlled load exceeds the
strength of the structural material, unlimited deformations occur.
Assuming that the material yields during overload implies that the
structure cannot internally equilibrate the external stress-controlled
loads. Since the structure cannot support the loading, the structure
will collapse.
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III. STRAIN-CONTROLLED LOAD

A strain-controlled load on refractory structures is an internal
load that is applied to the structure. More specifically, a strain-
controlled load is an imposed strain rather than an imposed stress
on the structure. The strain-controlled load can also be defined as
an internal self-equilibrating load. For the refractory structure, the
thermal expansion of the structure is an imposed strain and is
classified as a strain-controlled load. The concept of a strain-
controlled load is illustrated in Figure 2.2. The refractory block
structure in Figure 2.2 is assumed to be heated from ambient
temperature with total temperature change of aT. For the purposes
of this simplified example, it is assumed that only vertical
expansion occurs on the block structure. The thermal strain (e) is

. STRESS (S) = THERMAL STRAIN x ELASTIC MODULUS

STRESS

STRAIN

FIGURE 2.2 STRAIN-CONTROLLED LOAD ‘
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calculated with the knowledge of one mechanical material property,
the coefficient of thermal expansion (). Therefore, the thermal
strain is determined by multiplying the temperature change by the
coefficient of thermal expansion:

e = oAT (2.2)

For a completely unrestrained example block structure, the
total unrestrained vertical growth, aL, is determined by multiplying
the thermal strain by the vertical height, L, of the block:

AL = ¢L = aATL (2.3)

Note here that unlike the stress-controlled loading, the deformation
of the structure is finite at the value AL. That is, regardless of the
material strength, the deformation is limited to the AL value.

Refractory linings are typically restrained to some degree by
the external support structure. Only through a complete analysis of
the total refractory lining and support structure can the interaction
and resulting magnitude of restraint between the lining and support
be determined. For the purposes of this example problem, it is
assumed the refractory block structure is fully restrained. That is,
the full magnitude of the thermal growth strain is prevented.
Therefore, the heated vertical dimension is identical to the initial
ambient dimension. The thermal stress (S), as shown in Figure 2.2,
can be calculated by use of the stress-strain relationship for the
example refractory material. Assuming a modulus of elasticity of E
for the tangent to the point on the stress-strain curve in question,
the thermal stress is:

S = ¢E = oATE (2.4)

Other types of strain-controlled loads include shrinkage of the
material due to loss of moisture. This type of loading is most likely
to occur in castables, gunning and ramming mixes and other
materials that are applied in a wet or green state. Shrinkage is
actually a reverse of the thermal expansion strain. Most expansion
strains are positive while most loss of moisture (or shrinkage)
strains are negative.
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There are other strain-controlled loadings that occur in
refractories. In refractory materials growth or swelling of the
refractory materials occur due to a cross-coupling of chemistry with
temperature and time [3-7]. However, very little information is
available with regard to the amount of straining due to these effects
or the influence of these effects on the mechanical stress-strain
behavior of the refractory material.

In the nuclear industry, neutron bombardment [3,6] results in
a swelling or a positive volumetric strain growth of the material.
However, these more exotic strain-controlled loadings will not be
addressed here.

IV. DESIGN PHILOSOPHY OF STRUCTURES
BASED ON LOAD TYPE

With the knowledge of the load types that can be imposed on
structures, the design philosophy can now be established. That is,
what does one consider as a satisfactory margin of safety against
collapse of the structure for a possible overload. The term factor of
safety is used to define the additional structural adequacy built into
the structure to guard against overload and the resulting collapse of
the structure.

There are currently several methods used to establish the
design of the structure against overload and resulting structural
collapse. A portion of these methods are probabilistic and others
are more deterministic. That is, some methods deal with the
unknowns of defining the loads applied to the structure through the
use of probability models. The deterministic methods assume that
one can adequately design sufficient safety into a structure by
defining limits of stress and strain. A deterministic method will be
used here to define the design of the structure against overload, not
because of any favoring of deterministic methods, but the objective
here is to add clarity to the impact of stress- and strain-controlled
loads.



Load Types 17

V. SUMMARY

A stress-controlled load is an external mechanical load such
as gravity, pressure, or inertia load imposed on a structure. The
structure equilibrates the stress-controlled loads. The resulting
equilibrating stresses are determined through the knowledge of the
structural geometry. With a stress-controlled load, the stress is the
known parameter within the structure. The knowledge of the
material stress-strain relationship is not required. Only the
magnitude of the defined failure stress is required.

A strain-controlled load is an internal self-equilibrating load
caused by an imposed strain on the structure such as by thermal
straining.  Therefore, the strain is known in a structure when
subjected to a strain-controlled loading. Knowledge of the material
stress-strain relationship is required for analyzing this type loading.
Stress resulting from a strain-controlled load can be determined
only through the knowledge of the material stress-strain
relationship.

With a stress-controlled load, the ability of the structure to
sustain the stress-controlled load is based on the value of the
ultimate failure stress of the subject structural material. With a
strain-controlled load, the ability of the structure to sustain the
strain-controlled load is based on the value of the ultimate failure
strain of the subject structural material.
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Material Properties

I. INTRODUCTION

A variety of tests to define thermal chemical, electrical,
thermal and mechanical properties have been developed by The
American Society for Testing and Materials (ASTM), the world’s
largest source of voluntary standards on testing for quantifying the
characteristics and performance of materials and, in our case,
refractories. Of particular interest here are the tests used to define
the mechanical properties of refractories.

As indicated in Chapter 1, the primary interest of this text is
the combined thermal and structural or thermomechanical behavior
of refractory structures. To this end, the primary interest with
respect to material properties are those material properties necessary
to conduct thermal and structural investigations of refractory lining
systems. To further assist in defining the necessary material

19
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properties for structural investigations, a brief discussion is
provided in this chapter on the limitations (referred to in Section VI
as inferential material properties) of some ASTM tests used to
quantify material properties. However, prior to the discussion on
inferential material properties, Sections II through V provide the
necessary background with regard to material properties.

II. MATERIAL PROPERTIES REQUIRED FOR
STRUCTURAL ANALYSIS

Refractory lining systems (or refractory structures) are
exposed primarily to thermal expansion forces. Typically, most
refractory linings are restrained against complete free thermal
expansion by the external structural steel. In most cases, the thermal
stresses due to the restraint are considerably greater than the gravity
weight stresses. Therefore, the thermal analysis of the structure is a
necessary part of the refractory lining structural investigation. A
typical lining structural investigation can be classified into two
major parts: the thermal analysis and the mechanical analysis. The
thermal analysis is used to evaluate the lining temperatures while
the mechanical analysis is used to evaluate the resulting thermal
restraint stresses.

Because refractories’ primary purpose is to restrict heat flow
of a manufacturing process, refractory manufacturers have
historically provided thermal material properties of their products.
With regard to transient thermal analysis, the required thermal
material properties include the thermal conductivity, specific heat
and density. For steady-state thermal analysis only the thermal
conductivity is required.

The mechanical analysis of the thermal restraint stresses
requires a definition of the mechanical material properties of the
refractories. The most fundamental required properties are the
elastic modulus, Poisson’s ratio and the coefficient of thermal
expansion. If the gravity load stresses are to be included in the



Material Properties 21

structural investigation, then the density of the refractory material is
necessary for the mechanical analysis. The refractory lining system
is typically exposed to a range of temperatures; therefore,
mechanical material properties should be defined for the
temperature range of interest. Refractory linings exposed to high
process temperatures result in inelastic stress-strain response within
the refractory material. At the higher temperatures the mechanical
material property requirements have to be expanded to include the
inelastic mechanical material properties (plastic and creep).

Structural investigations of refractory lining systems can be
classified as either short-term or long-term. For short-term
investigations, time dependent material response (material creep) is
considered insignificant. For long-term investigations, the time
dependent response is assumed to be significant. Therefore, for
long-term investigations, creep response of the refractory material
should be incorporated into the material definition. Typically, if
only short-term inelastic material behavior is of interest, then the
combination of elastic modulus and plastic modulus mechanical
material property data are required. Elastic and plastic moduli are
obtained from compressive stress-strain data. An example of
compressive stress-strain data for a typical 70% alumina brick is
shown in Figure 3.1. Since each stress-strain curve is obtained
from a test that takes only a few minutes to conduct, this data is
often referred to as static compressive stress-strain data. In other
words, the static compressive stress-strain data is short-term or
time-independent material property data.

III. ASSUMPTIONS FOR ELASTIC MATERIAL
BEHAVIOR

The following assumptions are made with regard to material
behavior of refractories where material property descriptions are
required in the analysis of refractory lining systems. The following
information is not intended to be a theoretical treatise on material
behavior. Rather, the following information is provided to assist in
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defining the most significant material properties that have been used
in refractory lining investigations described in this text which quite
accurately duplicate measured behavior of refractory lining systems.

In general terms, it can be said that refractory materials
behave both thermally and mechanically much like other materials
used in structural systems. Typically steel, concrete and wood will
all allow heat flow through the material to varying degrees.
Through the use of heat flow calculation methodologies, the
resulting temperatures can be predicted. Also, a structure made of
these materials will deform when subjected to gravity or thermal
loads. When the loads are removed, the structure will return to the
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original unloaded state, assuming excessive loading was not
applied. A structure made of refractories will also exhibit the same
thermal and mechanical behavior. Just as in heat flow problems,
the stress-strain behavior of the refractory structure can be predicted
using currently available structural analysis computer programs. In
order to evaluate structural behavior of a refractory structure,
however, typically the temperature-dependent stress-strain behavior
of the refractory material must be defined.

For the structural analyses of refractory lining systems
conducted in this text, the refractory material was assumed to
behave in the classical sense. That is, the refractory material was
assumed to be continuous, homogeneous and isotropic. Continuous
and homogeneous meaning that the material is identical throughout
the full volume of mass considered and that the smallest element of
mass is identical to the largest volume of mass. Isotropic meaning
that the material properties are the same in all directions.
Anisotropic materials exhibit behavior that differs in various
directions within the material. Orthotropic materials exhibit
behavior that differs specifically in three orthogonal directions
within the material.

Within the domain of elastic behavior, it is also assumed that
the refractory material behaves in a linear elastic nature. For
example, doubling the load results in a doubling of the stress and
strain within the elastic material. References 1 and 2 are provided
for those who wish to pursue a more complete understanding of
classical elastic theories.

The modulus of elasticity is typically the initial tangent to the
stress-strain curve as illustrated in Figure 3.2. The secant modulus
is another approach to approximating the stress-strain curve for a
strain range to the point of intersection between the secant tangent
and the stress-strain curve. For lesser strains, however, the secant
modulus underpredicts the stiffness of the material. The best
approach in modeling a refractory material for structural analysis is
to use the actual stress-strain curve by employing a mathematical
equation that closely duplicates this curve. Most structural analysis
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programs model the material by using a series of tangent lines or
instantaneous moduli as shown in Figure 3.2. The stress-strain
curve is approximated by a series of linear parts.

IV. ASSUMPTIONS FOR INELASTIC
MATERIAL BEHAVIOR

As shown in Figure 3.1, refractory materials behave in a
linear manner at the lower temperature ranges. However, at higher
temperatures, inelastic behavior takes place as exhibited by the non-
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linear stress-strain data curves for temperatures above 800°C
(1500°F). Since each data curve was developed over a time period
of just a few seconds or minutes, it can be concluded that the
inelastic flow was primarily due to time-independent inelastic flow
of the material. That is, because of the short time period, time-
dependent flow or creep is not significant. The instantaneous time-
dependent flow is typically called plastic flow. Later, it will be
shown that at high temperatures significant creep flow will occur
even during the short-term static compressive stress-strain tests. In
the structural analysis conducted in this text, the inelastic flow of
the refractory material was assumed to behave in the classical
inelastic manner [3,4].

The flow curve for typical ductile material behavior is
described in Figure 3.3. The form of the equation often used to
define the ductile stress-strain behavior is the power equation of the
form:

o = Ke" (3.1)

where K is the stress at ¢ = 1.0 and n, the strain-hardening
coefficient, is the slope of a log-log plot of Equation 3.1. However,
this sample equation results in considerable mathematical
complexity even when the material behaves identically in all
directions (isotropically).

Even for uncomplicated isotropic materials, describing the
inelastic flow for three-dimensional stress states is done by using
empirical relationships. Presently, there is no theoretical way of
relating three-dimensional stress-state yielding to uniaxial yielding.
These current empirical yield criteria are developed to match
experimental observations with certain limitations. In general, the
rules governing flow are as follows: the hydrostatic stress state does
not cause yielding. In classical elastic theory, the hydrostatic stress
is referred to as the first invariant (I,) and defined as:

L=0,, + 0,, + 0, (3.2)
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STRESS

FIGURE 3.3 HYPOTHETICAL REPRESENTATION OF
DUCTILE BEHAVIOR TYPICALLY OBTAINED
FROM LABORATORY TEST

where the sigma values are the three principal stresses. The Von
Mises, or distortion-energy, criterion for flow proposes yielding
when the second invariant (J,) exceeds a critical value (K) defined
as:

], = K (3.3)

where 1, = {(o0,, - 0,, )2+ (04 - 035 )% +( 033 - Oy, )* }/6

Another popular yield criterion is the maximum shear stress, or
Tresca criterion. This criterion predicts yielding when the maximum
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shear stress (T,,,) reaches the shear stress that occurs in a unijaxial
tension test, defined as:

Tpax = [0 - G35l [ 2 (3.4)

where 0,, and o, are the algebraically largest and smallest principal
stresses, respectively. For a uniaxial tensile test, 0,, = o, and o5, =
0, where o, is equal to the uniaxial tensile stress, and :

= o, |2 3.5)

Tmax

Adding orthotropic relationships along with stress-dependent
strain limits (small tensile stress-strain range compared to high
compressive stress-strain range) adds considerably more complexity
to the flow rules. Needless to say, inelastic flow problems need to
be solved by computer methods. Because of the more complex
refractory flow, there are very few computer programs that have the
appropriate fully developed mathematical material models for
refractory materials. It suffices to say computer programs with the
classical approach to material behavior provide results that very
closely simulate refractory material behavior.

V. USE OF CONCRETE MATERIAL CONSTITUTIVE
MODELS FOR REFRACTORY MATERIALS

Refractory materials are classified as a brittle material.
Basically, a material is brittle or in a brittle state if under a
condition of increasing deformation it suddenly loses the ability to
resist load [5]. A material is ductile or in a ductile state if the
material can sustain a permanent deformation without losing its
ability to resist load [5]. Later, laboratory developed compressive
stress-strain data on various refractory materials which exhibit
ductile flow will be discussed in detail. It will be shown that at
low temperature (near ambient), refractories behave in a more
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brittle manner. However, at higher temperatures refractory material
behaves in a more ductile manner.

Considerable amount of work has been conducted on concrete
[6-57] over the past several decades, attempting to define the
material behavior of concrete. The references cited here are not
intended to be an exhaustive search on the subject, but they are
indicative of the unsettled definition of a brittle material such as
concrete with regard to the stress-strain behavior. The work on
concrete has centered around several areas, including the behavior
of concrete within the range of small strains. At higher strains,
microcracks become more prominent and have a significant
influence on the stress-strain curve. That is, according to material
investigators, the apparent non-linear stress-strain behavior that
takes place, as shown in Figure 3.1, is attributed primarily to
microcracking.  According to investigators of concrete, higher
strains result in increased microcrack propagation, causing an
increase in the permanent deformations. The degree or amount of
microcracking has been referred to as damage [23,47].

Concrete has also been referred to as being orthotropic and
non-linear in elastic behavior. In addition, the ratio of the various
stress components for a three-dimensional stress state influences the
material relationships of concrete. Needless to say, concrete
material behavior is quite complex and will most likely command
considerable future research attention.

Recent investigators [58] on refractory lining systems have
used the material mathematical models (constitutive relationship) of
concrete to evaluate the thermomechanical behavior of refractory
lining systems. The use of these material models for evaluating the
stress-strain behavior of refractory structures appears to be an
appropriate application.  However, four primary concerns are
expressed here over the use of concrete constitutive material models
to represent refractories.

The first concern, as cited by one concrete materials in-
vestigator [35], is that few of the material models have been
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systematically tested to see if they are reliable in predicting the
behavior of the structure.

The second concern relates to the objective of the material
model. The concrete structure is evaluated to determine when and
how the concrete will fail. Refractory structures are typically
restrained by steel structures and are evaluated to determine the
interaction between the refractory lining and support structure. The
objective of evaluating the refractory lining is not always to
evaluate the failure load on the refractory lining.

The third concern is in regard to the temperature
environments on concrete structures versus the temperature
environments on refractory structures.  Structural concrete is
typically exposed to ambient temperatures. Temperatures over a
few hundred degrees centigrade are most likely never experienced
by concrete structures. However, refractory structures are exposed
to a much higher temperature environment. For example, the steel
industry, which is one of the largest consumers of refractories,
exposes refractories to molten steel at nearly 1650°C (3000°F). At
these higher temperatures, does the refractory truly undergo plastic
flow rather than microcracking? Also will microcracks heal at the
higher temperatures? At these higher temperatures there are
concerns over the applicability of concrete material models to
refractory materials.

The fourth and final concern is over the load environments
on concrete structures versus load environments imposed on
refractory structures. As expressed in the third concern, the
temperature environments on refractory structures are typically
much more severe than those experienced by concrete structures.
The temperature environment is directly related to the load
environments imposed on these two types of structures. Concrete
structures are subjected to stress-controlled loads. That is, concrete
structures primary purpose is to support gravity loads due to the
weight of the structure itself plus external loads imposed on the
structure. These loads create stresses within the concrete structure.
If the load stresses exceed the ultimate failure stress (either ultimate
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tensile or compressive stress), then unlimited deformations (or
strains) and a collapse of the structure would result. Refractory
structures on the other hand are exposed to strain-controlled loads.
That is, the temperature environment is the primary loading,
resulting from the thermal growth restraint imposed by the steel
support structure. The load is strain controlled since the thermal
strains are at a set value determined by the amount of increase in
temperature and the coefficient of thermal expansion. Unlike
stress-controlled loading in which the stress is at a set value, strain-
controlled loading results in a set value for strain. In stress-
controlled loading, stress levels beyond the failure stress result in
unlimited strains. In strain-controlled loading, the structure will fail
if the strain exceeds the ultimate failure strain. However, the strain
is limited. In other areas of material behavior, such as in the
fatigue strength of materials, strain-controlled fatigue data can differ
significantly from stress-controlled fatigue data. Therefore, the
development of concrete material models for stress-controlled loads
may not be totally applicable to refractory materials that are
exposed primarily to strain-controlled loading.

VI. INFERENTIAL MATERIAL PROPERTIES

The previous discussions have provided the basic background
information for defining both the thermal and mechanical material
properties of refractories. ASTM test procedures [59] have been
defined to assist in quantifying the mechanical behavior of
refractories.  The following discussions are not intended to
underrate the importance of these ASTM tests. These tests provide
necessary information in ranking the strength and usefulness of
refractory materials. However, with regard to the structural analysis
of refractory lining systems, the ASTM material data cannot be
used as definitions of mechanical material property. The ASTM
data is, therefore, referred to as inferential [60] material property
information. That is, the ASTM data can be used for comparative
ranking of a group of ASTM tested materials. This data, however,
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is not appropriate for use in the structural analysis of refractory
lining systems.

A. Sonic Modulus of Elasticity (MOE )

The ASTM sonic test (C885-87) is used to evaluate the
elastic modulus (young modulus or modulus of elasticity) of any
general type of refractory. In the sonic test, a sample of refractory
is subjected to a sonic frequency that results in the generation of a
resonant frequency within the sample. Through the use of defined
calculation procedures, the elastic modulus is determined. The basis
for the determination of the elastic modulus by this method is that
all materials with a defined geometry and defined elastic modulus
will vibrate or resonate at a defined frequency. Therefore, the
elastic modulus can be determined if a defined geometry of material
resonates at an imposed frequency. Typically, the resonating
stresses in the sample are quite small. As a result, the elastic
modulus is high since the tangent to the stress-strain curve is
typically steeper at the low stress level. Figure 3.4 illustrates the
concept of the sonic elastic modulus versus static compressive
stress-strain data. The sonic elastic modulus would be satisfactory if
the actual refractory structure is exposed to a very low stress-stain
environment. However, as will be shown later, refractory structures
are exposed to stresses in the range of 10 to 50 MPa (several
thousand psi) and that the sonic elastic modulus is not appropriate
for this range of stress. Another reason for the sonic method not
being useful for structural analysis is that the sonic method does not
provide any information with regard to the amount of plastic flow
that occurs at the higher temperatures. For these reasons, the
elastic modulus data as determined by the ASTM sonic method is
classified as inferential data.

The following illustrates the differences in refractories
between the sonic elastic modulus and the elastic modulus
calculated from static compressive stress-strain data. Figure 3.5
[61,62] compares the sonic and static elastic moduli of two similar
70% alumina brick. The sonic elastic modulus is plotted from the
reported test data. The static elastic modulus was calculated using
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the slope of the stress-strain curve for a strain level of one
millistrain. For the high temperature stress-strain data, the higher
strains result in even lower secant or instantaneous modulus values.

Figure 3.6 [63] describes another comparison of sonic and
static elastic modulus data for a 58% alumina gunned castable. The
static modulus was also calculated using one millistrain. As shown,
the difference between the sonic and static moduli becomes greater
at the higher temperatures.

Figure 3.7 [62,64] provides a comparison of sonic and static
MOE data for two similar 90% alumina bricks. These data show the
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sonic and static elastic modulus values are similar at low
temperatures, but tend to diverge at the higher temperatures. Both
the sonic and static data show a sharp reduction in the elastic
modulus values at temperatures in excess of 1100 to 1200°C. The
static elastic modulus was calculated using one millistrain.

Figure 3.8 [65] makes a comparison of sonic and static of an
85% Alumina castable. Just as in the previously sighted data, the
static MOE has a much lower value than the sonic MOE, especially
at the higher range of temperatures.
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A final comparison of sonic and static elastic modulus of
three similar 85% alumina bricks is shown in Figure 3.9 [66]. This
work represents some of the earliest stress-strain tests on refractory
materials as well as the first comparisons of sonic and static
moduli. Just as shown in Figure 3.6, a noticeable reduction in the
sonic MOE occurs at the 1000 to 1200°C temperature range. This
behavior is also observed in some of the static MOE.

Comparison of the sonic and static MOE has also been made
in structural concrete. However, most of this work has been
conducted at ambient temperatures as structural concrete and is not
typically exposed to thermal loading. Figure 3.10 [12] describes
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some investigative work relating the ratio of static and sonic MOE
for concrete of different strength at ambient temperature. The low-
strength concrete exhibits a greater ratio between static and sonic
MOE than the high-strength concrete. That is, for high-strength
concrete, the static and sonic MOE are nearly identical.

Based on the refractory MOE data described in Figures 3.5
through 3.9, refractory materials tend to exhibit a much greater ratio
between static and sonic MOE (see Figure 3.11), especially at high
temperatures. Because of the variety of refractory strengths, there
is a wide range between the upper and lower limits of the static and
sonic MOE ratio.
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The preceding discussion regarding the differences between
sonic and static MOE is not intended to underrate the usefulness of
sonic MOE data. Investigators [67-81] have shown that sonic
measurements can be used to rank strength and identify flaws and
other parameters relating to quality control of refractories. The sole
purpose of this discussion on sonic MOE data is to show this data
cannot be directly used in the structural analysis of refractory lining
systems.

The impact on the use of sonic versus static MOE is
demonstrated by a recent investigation [82] of steelmaking ladle
lining expansion forces. More details of this ladle investigation will
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be provided in a later chapter. For now, the effects of sonic and
static  MOE will be examined for this example. Figure 3.12
summarizes the results of the investigation. The ladle shell plate
circumferential stress was measured by several strain gages. The
strain gage test result measurement plotted represents an average of
the strain gage measurements. The strain gages measure the
resulting expansion stresses developed by the 70% alumina lining
system inside the ladle, similar to the 70% alumina brick as
characterized by the MOE data in Figure 3.5. The measurements
were made on a cold ladle during heat-up (about 7 hours with a
1000 to 1100°C hot gas temperature), during the subsequent idle
time (20-minute move of empty ladle, exposed to ambient air) and
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during molten metal hold (about 1 hour at 1650°C). As shown, the
strain gage results measured a maximum circumferential in the ladle
sidewall shell plate stress of about 110 MPa (16,000 psi). The
ladle cross section is basically cylindrical and the sidewall shell
plate stress represents the summed integrated thermal expansion
behavior of the refractory wall lining as reacted and restrained by
the sidewall shell plate.

Two different analytical computer models were used to
evaluate the thermomechanical behavior of the ladle sidewall to
compare with the test results. Each model assumed a different
condition for the refractory lining material properties. The
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assumption of using sonic MOE data (short dash line) resulted in a
predicted shell plate stress of about 280 MPa and 340 MPa during
the heatup and the subsequent molten metal hold. Clearly, the
sonic MOE does not result in duplicating the actual integrated
mechanical response of the refractory lining.

The use of static compressive stress-strain data (Figure 3.12,
dash-dot-dash line) to duplicate the elastic-plastic response of the
lining material results in a greatly improved prediction of the shell
plate stress. However, it should be noted that the ladle lining is a
brick lining with mortar joints. The model for the material
behavior assumed no mortar joints. The lining was assumed to be
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continuous. It will be shown later that the presence of mortar joints
will result in a reduction of about 30% of the stress component of
the stress-strain data and the resulting static MOE data. Therefore,
it can be concluded for the ladle study that the static compressive
stress-strain data does represent a ftruer representation of the
mechanical behavior of refractory material.

Another separate study [83] that identifies lining and shell
stress when sonic and static MOE are used is illustrated in Figure
3.13. The sonic MOE data on both castable and brick results in
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[—

considerably greater lining stress and shell stress predictions than
when static MOE data are used. This study did not verify the
analytical results with strain gage testing, but it is expected that the
static MOE data would provide the truer stress prediction.

B. Thermal Expansion Under Load (TEUL) Test
The ASTM test (C832-89) for evaluating the thermal

expansion under load of a refractory material is classified as
inferential material property data. In this test method, the refractory
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material thermal expansion is measured while simultaneously being
subjected to a compressive load of at least 0.7 MPa (100 psi). The
test is conducted using a one-dimensional load condition in which
the amount of expansion is measured parallel to the direction of the
compressive. As the temperature of the sample is continually
increased, a temperature will be reached at which the onset of
compressive inelastic flow will begin due to the compressive load.
As the temperature is further increased the amount of plastic flow
will exceed the thermal growth and noticeable slumping of the
specimen will be observed. This test is then used to measure the
temperature at which the onset of plastic flow occurs. Or as
phrased in the ASTM C832-89 specification, Part 5, titled
Significance and Use, under 5.1, "The thermal expansion under load
and the 20 to 50 hour creep properties of a refractory are useful in
characterizing the load bearing capacity of a refractory that is
uniformly heated.” These data are directly applicable for choosing
refractories in blast furnace stoves and glass furnace checkers
applications.

The TEUL test is used to evaluate the refractoriness under
load of refractory materials, but is not useful for structural analysis
for several reasons. First, this ASTM test method mixes two basic
mechanical properties. Those properties are the coefficient of
thermal expansion and the inelastic flow of the material. The
coefficient of free thermal expansion cannot be evaluated since it is
not certain how much elastic or plastic straining has taken place in
the sample prior to the onset of significant plastic flow.

The second reason the ASTM TEUL data cannot be used in
structural analysis is with regard to predicting the onset of inelastic
flow. For most materials, the onset of plastic flow is a function of
the magnitude of the stress. Typically, at low temperatures a
greater stress is required to initiate plastic flow than at higher
temperatures.  Therefore, the onset of plastic flow may have
occurred at a much lower temperature and at a much higher stress
than predicted by the TEUL test. The TEUL test stress of 0.17
MPa is considerably less than the actual stress environments
experienced in most refractory lining systems. For these reasons,
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the ASTM C832-76 TEUL test method is classified as inferential
data.

Examples of TEUL test results are compared to the static
compressive stress-strain curves. Figure 3.14 [84] describes the
results of TEUL tests on a 98% alumina castable. A departure of
the linear change in displacement occurs in a nearly proportional
manner, up to a temperature of about 1250°C. Also, both the 0.2-
and 0.4-MPa curves are nearly identical up to 1250°C. Above
1250°C, the percent of deformation is nearly linear with respect to
the magnitude of the load. That is, the 0.4-MPa load results in a
deformation departure from the no load curve of roughly twice the
departure of the 0.2-MPa deformation. However, examination of the
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FOR A 98% ALUMINA CASTABLE [84]
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the static compressive stress-strain data of the same castable (see
Fig 3.15 [84]) shows a different trend. At a stress level of about 12
MPa, the amount of deformation (or straining) at 1370°C is about
20 times greater (0.005/0.00025) than the deformation at 1100°C.
The TEUL test results do not show this proportionality of inelastic
displacement between the 1370 and 1000°C deformations (as
measured from the no load curve).

Additional background on TEUL testing (A 60% MgO brick)
is described in Figure 3.16 [84]. This TEUL test was run using a
constant 0.2-MPa load. The onset of inelastic deformation is in the
range of 1550 to 1600°C. However, based on the static compressive
stress-strain data (see Figure 3.17 [85]) significant inelastic
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FIGURE 3.15 STATIC COMPRESSIVE STRESS-STRAIN DATA
OF 98% ALUMINA CASTABLE [85]
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deformation occurs at temperatures in excess of approximately
1300°C.

It can be concluded, based on static compressive stress-strain
data, that the TEUL test measures the onset of inelastic deformation
for the very low TEUL test stress of 0.2 to 0.4 MPa. However,
refractory lining systems can experience stresses of 20 to 40 MPa.

The low-stress TEUL test results do not indicate the threshold
temperature at which inelastic deformation would occur at these
higher stress levels.
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C. Creep Test at Low Stress

The effects of creep can be defined by ASTM Test C16-81.
These creep tests are typically conducted at low stress levels of
about 0.20 to 2 MPa (25 to 300 psi). These stress levels, typically
used to evaluate the time-dependent creep response of the refractory
material, are quite low compared to actual working stress
environments of refractory lining systems. Therefore, this data is
questionable with regard to the applicability of this data for the
analysis of refractory lining systems. For this reason, the low stress
level creep data is classified as inferential data.

STRESS, MPa

STRAIN x10-3

FIGURE 3.17 STATIC COMPRESSIVE STRESS-STRAIN DATA
| FOR A 60% MgO BRICK [85]
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4
ASTM Strength Tests

I. INTRODUCTION

The uniaxial strength of refractory materials differs
considerably with regard to ultimate compressive strength versus
ultimate tensile strength. The ultimate compressive strength of
refractories is typically two to ten times greater [1,2] than the
ultimate tensile strength. However, this is not a unique
characteristic of refractory materials. Graphite, structural concrete,
rock and other brittle materials exhibit similar ranges between
tensile and compressive strengths.

Ultimate tensile and compressive strengths are estimated by
ASTM test methods. The following discussions address the
ultimate strengths of refractories, and the interpretation of the
ASTM test results along with other parameters that surround the
development of the ultimate strength. With regard to ultimate
strength, it should be noted that the ASTM tests are used to
estimate the ultimate strength of refractories. It is recognized in the
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material science community of refractory materials [1] that the
following ASTM tensile strength tests to be discussed do not
evaluate the true ultimate tensile strength, but rather provide an
estimate of the ultimate tensile strength of refractories.

It should also be noted that the following ASTM tensile and
compressive strength tests are load controlled tests. Therefore, only
the specimen geometry is required to determine the resulting stress
within the specimen. Needing only the geometry to evaluate the
failure stress provides no information on the non-linear mechanical
material behavior. It will be shown in the following discussion that
the refractory modulus of elasticity (MOE) is not linear with respect
to the sign of stress (compressive or tensile) and the magnitude of
stress. Therefore, the specimen modulus of elasticity, in addition to
the specimen geometry, is needed to define the estimated ultimate
tensile stress in some of the ASTM tests.

II. ASTM TESTS ON TENSILE STRENGTH
OF REFRACTORIES

The ASTM C1099-92, C583-80 and C491-85 modulus of
rupture (MOR) tests [2] are used to estimate the ultimate tensile
strength (f') of refractories. C491-85 is an MOR test for air-setting
plastic refractories but was discontinued in 1993. These tests are
used to quantify the modulus of rupture of refractory materials.
There are several types of tests to estimate the ultimate tensile
strength of brittle materials such as refractories. The three most
popular are defined as the modulus of rupture test (as identified
above), the splitting tensile strength (identified here as STS) test
(ASTM C496-69 [3]) and the direct, or uniaxial, tensile pull
(identified here as DTP) test (ASTM C190-58, discontinued [4]).
The STS test is also referred to as the Brazil test. Each of these
three tests can be used to evaluate the ultimate tensile strength of
brittle materials. The more commonly used test to estimate the
ultimate tensile strength in refractories is the MOR test. According
to investigators of refractory material tensile strength, the MOR test
is more reliable and, therefore, has become, the more popular test
used throughout the industry.
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Comparison of the test results for the three testing methods
applied to concretes show the MOR test consistently predicts higher
ultimate tensile strength values than that of the STS and DTP tests.
Typical ratios of estimated ultimate tensile strength data on the
same material for the three tests [Chap. 2, ref. 10] are:

£’ woe/Fipmor = 1:41 to 1.83
And the ', is, on the average, 50% higher than f', ,. According

to other investigators [Chap. 2, ref. 12], ultimate tensile strength
investigations on concrete indicates the f', . is typically 5 to 12%

higher than f', . for the same material. The latter reference also
indicates that f', , values are twice that of f' . values for concrete
materials.

The variation in tensile strength as a result of the type of
tensile test chosen has not been fully understood. Regardless of the
test used, Griffith [5] contends that the measured strength is always
lower than the theoretical molecular cohesion strength because of
the presence of small cracks and flaws in the specimen. The
orientation of the flaws and the locations of the flaws (internal or
surface) relative to the applied stress influence the stress
concentration effects caused by the flaws. As the applied load, and
resulting equilibrating stress, is increased, the number of flaws tend
to increase along with the size of the flaws. The most critical flaw
(flaw located in region of greatest equilibrating stress) may be
submicroscopic in size prior to the specimen loading. Griffith's
theory of tensile strength, however, does not totally explain the
consistent difference in refractory tensile strength values between
the three types of tensile strength tests. Some investigators suggest
that inherent eccentricity of loading in the DTP test results in this
test developing lower estimated ultimate tensile strength data. That
is, there may be an unaccounted bending moment introduced in the
sample that results in an additional unaccounted tensile stress. This
additional bending stress adds to the tensile stress from the direct
pull load resulting in an effectively lower failure load at tensile
failure. This would suggest that the DTP test has more inherent
eccentricity than the STS and MOR tests.
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According to Duckworth [1], the MOR single-point loading
(see Figure 4.1) method in ASTM C583-92 results in a maximum
bending stress (f,) in the specimen at a single point. Low probability
exists for the most dangerous (or most critical) flaw to be located at
the region of the peak bending stress with two point loading (see
Figure 4.2), in which the peak bending stress is distributed over a
significant portion of the specimen length. Therefore, a higher
probability exists for having a most dangerous flaw in the region of
greatest equilibrating stress. Duckworth identifies factors relating to
the geometry of the specimen and testing device that may lower
MOR values. These factors are described as (1) torsion introduced
in the specimen by non-uniform loading across the breadth of the
specimen, (2) poor specimen corners due to fabrication of the
specimen cross section (effectively resulting in a lower moment of
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inertia), (3) curvature of the specimen along the length, (4) unequal
loading at the two load points and (5) localized stresses in the
specimen at load points.

The STS tensile stress test results are reportedly similar to the
DTP test results. However, Neville [Chap. 2, ref. 12] indicates that
the STS test results on concrete are consistently 5 to 12% higher
than the DTP test results. Bresler [Chap. 2, ref. 10] indicates STS
concrete test results are 5% lower than the DTP concrete test
results. He attributes this to the biaxial compressive stress state
developed during testing of the STS sample but does not elaborate
on any details.
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Tensile strength tests on various types of rock have shown
similar relationships as to those reported on rocks and concrete (see
Tables I and II) [6,7].

Duckworth [1], Jaeger [6] and Schacht [8] have shown that
the stress-dependent modulus of elasticity of the material can have a
significant influence in estimating the ultimate tensile strength
predicted by the ASTM MOR tests. Schacht, however, goes on to
explain the significance of the stress sign-dependent MOE on the
STS test and use finite element methods to describe the significance
of MOE on predicting tensile strength [8]. Most of the data on the
stress dependency of refractory modulus of elasticity shows the

Table I
Comparison of Tensile Strengths (psi)*
W Method Rock
Marble, [Sandstone, |Trachyte,

‘ Carrara |Gosford Bowral
Uniaxial tension 1,000 520 1,990
Brazilian (15 arc) 1,265 540 1,740
Hollow Brazilian (R, /R, = 2) 2,500 1,200 3,500
Bending (3 point) 1,710 1,140 3,659
From Ref. 6

Table 1T

Variability of Results of Tests on Tensile
Strength of Concrete*

| Type of Test Mean Strength Standard Dev. |Coeff. of
MN/m? Ib/in.? | Within Batches [Variation
MN/m? 1bfin.? | Per Cent

Splitting test 2.79 405 0.14 20 5
Direct tensile test|1.90 275 0.13 29 7
MOR 4.17 605 0.25 36 6
Compression 41.23 5,980 1.43 207 3.5
cube test

rom Chap. 3, Ref. 12
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tensile MOE to be less than the compressive MOE. The available
literature regarding stress-dependent compressive and tensile static
stress-strain data is rather limited. Neville suggests that for
structural concrete the modulus of elasticity in tension is less than
the modulus of elasticity in compression [Chap. 2, ref. 12]. Jaeger
[7]1 expresses similar characteristics for rock material. Other material
investigators [7,9,10] also show the tensile modulus of elasticity is
less than the compressive modulus of elasticity.

III. CURSORY ANALYTICAL INVESTIGATIONS
OF ASTM TENSILE TESTS USING
CLASSICAL MATHEMATICS

The following discussion addresses the actual stress states
developed in the types of specimens used in three different ASTM
tensile test methods. The objective of identifying the actual stress
states is to better assist in explaining the differences in the
estimated ultimate tensile stress due to a stress sign- (compressive
or tensile stress) dependent MOE.

It will be shown that the stress states that exist in the three
ASTM tensile tests due to the stress sign-dependent MOE result in
three distinctively different assumptions regarding material behavior.
With regard to the DTP test, the stress state is quite simple. Here,
the principal tensile stress is basically a one-dimensional tensile
stress. No compressive stresses exist to complicate the issue.

The MOR test is basically a one-dimensional stress state.
However, since internal bending strength is the mode of resisting
the externally applied load, both compressive and tensile one-
dimensional stresses are developed in the beam specimen.
Compressive stress exists in the top portion and tensile stress exists
in the bottom portion of the beam specimen. For MOE data that is
not dependent on stress, the beam neutral axis will be at the beam
midheight. With these regions of compressive and tensile stress in
the specimen, an MOE that is dependent on the sign of the stress
will cause the beam neutral axis to shift from the midheight
location.
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The STS test specimen stress state is unique compared to the
DTP and MOR specimen stress states. The STS is basically a two-
dimensional stress state. In addition, one dimension of the stress
state (parallel to the load direction) is compressive throughout the
full region of the specimen, while the second dimension of the
stress state (perpendicular to the load direction) is tensile throughout
the full region. In this case, the elastic modulus is different in the
two principal directions (orthotropic) over the full region of the
specimen.

The three different ASTM tensile tests result in three distinct
differences in material behavior when the MOE is a function of
tensile and compressive stress states. The following discussions
provide more detailed information on effects of stress sign-
dependent MOE.

A. DTP Test Method

The direct tensile pull specimen is the only specimen that is
exposed to a pure tensile stress state in the region of expected
fracture. As a result, the stress state is uncomplicated compared to
the stress states in MOR specimen and the STS specimen. Because
of the uniaxial tensile stress state, the stress-dependent modulus of
elasticity plays no role in influencing the estimated tensile stress
state. The estimated ultimate tensile stress is evaluated by simply
dividing the ultimate tensile load by the cross-sectional area of the
specimen. Also, as previously noted, the DTP test is a stress-
controlled test and since only a pure tensile stress is developed,
only the specimen geometry is required for calculating the estimated
tensile strength.

B. MOR Test Method (Linear MOE)

The MOR specimen stress state is a bit more complicated
than the DTP specimen stress state. The MOR specimen is a
simple supported beam. The internal equilibrating bending moment
is developed along the length of the specimen, as previously
illustrated in Figure 4.1. In some instances, the MOR test is
conducted using two point loading as shown in Figure 4.2. The



ASTM Strength Tests 67

following discussion can be addressed to either the one or two point
loading. However, for our purposes here, the one point loading is
used.

The moment in the specimen increases linearly from zero
value at the two end support points to a maximum at the
midspan load position. At midspan the internal equilibrating
moment (M,,;) for the one point loading is equal to the external
moment (M_,.):

Mpr = Mg = (P2)L72) = PL/4 (4.1)

For materials in which the modulus of elasticity is not
influenced by the sign (compressive or tensile) or magnitude of the
stress state, the tensile bending stress (f) at the bottom of the beam
is equal and opposite to the top compressive stress (f.) for any
vertical plane of interest. The bending stress is calculated by
dividing the moment by the section modulus (S). For the purposes
of this discussion, it is assumed the MOR specimen has a
rectangular cross section and the section modulus (8S) is:

S = bd¥/6 (4.2)
where b is the beam width and d the beam depth. Therefore:
f=M/S= (PL/4)6/bd? = 15PL/bd? (4.3)

in which the + notation is used to define the bottom tensile stress
and the - notation is used to define the top compressive stress. In
this case, the neutral axis of bending in the cross section of the
beam is located at the beam midheight. That is, the neutral axis is
located at df2, measured either from the top or bottom of the beam.
The midheight neutral axis (NA) is shown by the dot dash line in
Figure 4.3. These relationships can be made with regard to the
MOR test if the stress-strain relationships are linear. That is,

neither the sign nor the magnitude of the stress influence the value
of the MOE.
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C. MOR Test Method (Stress Sign-Dependent MOE)

For refractories in which the MOE is dependent on the sign
of the stress, the tensile MOE is in most cases less than the
compressive MOE. As described in Figure 4.4, the neutral axis will
not be located at the midheight, but above the beam midheight, as
shown by the following equations. It is assumed that the MOE is
non-linear with respect to the sign of the stress but constant with
respect to the magnitude of either the compressive or tensile stress,
as illustrated in Figure 4.5.
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Since the tensile MOE is less than the compressive MOE, the
beam will require a larger volume of tensile strain than compressive
strain to allow internal force equilibrium to occur. The basic
assumptions [11,12] regarding beam behavior are (referring to
Figure 4.4) that internal equilibrium requires that F. equal F_ It
still holds true that plane sections prior to bending remain plane
sections after bending occurs. Therefore, bending strains increase
linearly from the neutral axis. The upper and lower triangles in
Figure 4.4 represent the upper compressive and lower tensile strain
states in the beam. Multiplying these strains by the appropriate
elastic moduli (see Figure 4.5) will result in the compressive and
tensile stresses.
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The linear relationship between stress and strain can be
defined algebraically as:

f=Ae (4.4)
For the compressive stress (f), the constant term A is the
compressive MOE times the compressive strain (e,), or:

f. = Ee, 4.5)
Likewise, for the tensile stress (f):

f, = Eg, (4.6)
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Therefore, the internal compressive force (F.) is represented by the
volume of the stress diagram, which is equal to the compressive
strain multiplied by the compressive MOE:

F, = f,cd/2 = B (ecd/2) (4.7

where C is the parameter that locates the neutral axis. Likewise for
the internal tensile force:

F, = f(1 - ¢)d/2 EJe(l - c)d]/2 (4.8)

These internal forces are located at the center of gravity of their
appropriate strain diagrams. Because of the linear relationship
between stress and strain, the center of gravity of the stress volumes
(and location of internal forces) is identical to the center of gravity
of the strain volumes. The distance separating these forces is two-
thirds the beam depth. The internal moment can be defined as:

M, = F, (2d/3) 4.9)
From Equation 4.1:
F(2d/3) = PL/4 (4.10)
Rearranging:
F, = 3PL/8d (4.11)

Equation 4.8 can be defined, using Equation 4.6 as:
F = f' (1 - ¢)bd/2 (4.12)

in which f', is the estimated ultimate tensile stress. From Equations
4.11 and 4.12:

f'(1 - c)bd/2 = 3PL/8d
', = (1 - ¢)(3PL/4bd? (4.13)
Since plane sections remain plane:

e'c=¢e(l -c)
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or:
e, =e(l -c)c 4.14)

where €', is the estimated ultimate tensile strain.
From the assumption of equilibrium:

F,=F

c

(4.15)

Therefore, from Equations 4.7 and 4.8 and from internal equilibrium
F =E:

E(ecd/2) = E[e'(1 - c)d]/2
Cancelling terms and rearranging:
ec = [E/E][¢'(1 - ¢)]
Substituting Equation 4.14 for e’;:
¢ = E/E[(1 - ¢)’/c]

Rearranging terms:

(1 - BJE) + 2¢(E/E,) - EJE, = 0 (4.16)

The quadratic equation for ¢ is evaluated based on the ratio of
tensile and compressive MOE. Defining R equal to E/E, Figure
4.6 is a plot of the relationship between the ratio R and the constant
K, used to calculate the estimated ultimate tensile stress from the
MOR test. Equation 4.13 is reduced to one constant term K:

', = (1 - c)(3PL/4bd>) = K(PL/bd? 4.17)
These results show that for a ratio of the tensile and compressive
MOE ranging from 0.25 to 1.0, a corresponding variation in the

constant term K varies from about 1.1 to 1.5.

These calculations used to estimate the ultimate tensile
strength for the MOR test assume that the ratio of the tensile and
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compressive MOE is known from material test on the subject
refractory and that the tensile MOE is less than the compressive
MOE. It is also assumed, in the above calculations, that the ratio of
tensile MOE to the compressive MOE, as illustrated in Figure 4.5 is
constant. That is, regardless of the stress magnitude, the ratio R
does not change.

Other mathematical approaches are used to evaluate the
impact of the difference in MOE as a function of the stress sign.
The equivalent area method [6] is an alternate approach to
account for the difference in MOE values. The equivalent area
method is used to reinforce concrete design to account for the
presence of steel reinforcement within the concrete.
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D. MOR Test Method (Stress Sign- and Stress
Magnitude-Dependent MOE)

In some cases the stress-strain data define the stress-strain
relationships as being non-linear (see Figure 4.7). As a result the
MOE is dependent not only on the sign of stress, but also on the
magnitude of stress.

As the definition of the stress-strain behavior becomes more
complex, as shown in Figure 4.7, simple algebraic geometric
relationships cannot be used. The strain still remains linear through
the beam section as shown in Figure 4.4. Plane sections remain
plane. However, the stress is non-linear through the beam cross
section as reflected by the non-linear stress-strain relationship. The
solution to calculating the estimated ultimate tensile stress now
becomes more complicated and requires a higher level of analytical
skills.

For non-linear stress-strain data that can be mathematically
defined, classical mathematics can be used to evaluate the MOR test
results in determining the estimated ultimate tensile stress. Since
stress is non-linear with respect to strain, the center of gravity of
the stress volumes are not identical to the strain volumes. That is,
because the stress is non-linear with respect to strain, the stress
volumes are not triangular in shape as are the strain volumes. As a
result, the distance (a) between the compressive and tensile forces
(F, and F) is no longer at the center of gravity of the corresponding
compressive and tensile triangular-shaped strain volumes. The
reason is the geometry of the stress volumes is not reflected by the
geometry of the strain volumes.

The estimated ultimate tensile strength, using classical
mathematics can be determined starting with the evaluation of the
internal compressive and tensile forces. Returning to Figure 4.4,
the compressive and tensile bending strain through the beam
midlength cross section is defined in the x direction. The vertical
direction through the beam midlength cross section is defined as the
y direction.

The linear relationship for the compressive bending strain
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through the beam cross section is:
e, Je. = yled
or:
€ = €e.ylcd (4.18)

where e is the compressive bending strain in the x direction at an
arbitrary distance y from the neutral axis. e, is the maximum
compressive bending strain when ¢/, is achieved. e, is the tensile
bending strain in the x direction at an arbitrary distance y from the

neutral axis.
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Likewise, for the tensile strain:
e, = e'y/[(1 - c)d] (4.19)

Equation 4.19 shows the linear relationship for the x-direction strain
in terms of the estimated ultimate compressive and tensile strains.

The compressive stress-strain relationship plotted in Figure
4.7 is assumed to be an n™ order polynomial function defined as:

f.=F(e)=Ae" +Be'+--- (4.20)

Likewise, the tensile stress-strain relationship is:
f = F(e) = Ate” + Bte™ + - - - 4.21)
The Equations 4.18 and 4.19 are substituted into Equations
420 and 4.21, respectively. The compressive and tensile x-
direction bending stress at the distance y from the neutral axis can

be defined as:

fe = Afeyfed]” + Bleyfed]™ + - - - (4.22)

f, = Ale'y/(1 - o)d]"+ Btle'y/(1 - c)d]™' + --- (4.23)

The internal forces F, and F, can be evaluated by the two
integrals (again assuming rectangular cross sections):

F=b f £, dy (4.24)
F.=b f f_ dy (4.25)

After the two integrals are evaluated, the relationship between
e, and e, as defined by Equation 4.14, still holds. Equation 4.24
can be defined in terms of e'. Therefore, the value of ¢ can be
determined, thus locating the neutral axis.
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The next objective is to locate the center of gravity (or
moment arms) of the internal compressive force and internal tensile
force. Therefore, moment equilibrium is:

MEXT = MINT = FCaC + Fla1 (4'26)

where a, and a_are the moment arms of the internal compressive
force and internal tension force, respectively. The compressive
portion of the internal moment is:

Fa =b f f.ydy 4.27)

Likewise, the tensile portion of the internal moment is:

Fa=b f f. y dy (4.28)

Stress (f) is a function of strain (e), f = f (e), as illustrated in Figure
4.7. And since the elastic modulus is the slope of the stress-strain
curve, the compressive portion of the internal moment can be
expressed as:

Fa, = b [ [dRe)/dee.y dy (4.29)

Fa =b [ [dfe)/dele, y dy (4.30)

The substitution of Equation 4.14 can still be used in Equations
4.29 and 4.30. Once the moment arms a, and a, are determined, the
internal moment can be defined by summation of moments at the
location of the compressive force (as was done in Equation 4.10),
that is:

F(a, +a) = PL/4

The tensile force is expressed in terms of the estimated ultimate
tensile stress and the tensile stress volume (as was done in Equation
4.12).  Therefore, the estimated ultimate tensile stress, f, is
evaluated as a result of the non-linear stress-strain relationships
from the tensile and compressive stress-strain conditions.
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E. STS Test Method

The STS test method is basically a two-dimensional test
method in which the two stress states, f, and f,, differ in sign. The
maximum compressive stress (f,), located at the center of the disk
specimen, is defined as:

f, = -6P/ndb (4.31)

where P is the total applied load, d is the diameter of the disc, and
b is the thickness of the disc.

The maximum tensile stress (f;), located at the center of the
disc, is defined as:

f_ = 2P/ndb (4.32)

Because of the two-dimensional stress state, there is a cross
coupling of the two stress states. The cross coupling of the two
stress states is accomplished by the mechanical material property
defined as Poisson’s ratio (u). The tensile strain at the center of the
disc (for a linear MOE) is defined as:

€, = (f,- uf,)/MOE (4.33)
Solving for f:
f, = € MOE + puf (4.34)
or:
f, = EMOE + ue MOE (4.35)

Using the stress sign dependent MOE:
f, = EMOE, + ne MOE, (4.36)

Since the y strain (€,) is negative, the x stress (f,) is lessened.
However, this occurs regardless of the stress dependency of the
MOE. Typically, the MOE is less for the tensile stress state, which
means a lower f, tensile stress. As a result, it takes a greater load
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to reach the true ultimate tensile strain. In the ASTM tests, a linear
MOE is assumed, resulting in the incorrect interpretation that a
greater ultimate tensile strength is reached in the STS test than the
ultimate tensile strength measured in the DTP test.

For those who desire a more complete treatise on the
mathematical derivation of the STS stress-strain equations, Jaeger
and Cook [6] provide a complete presentation.

F. Summary

The stress sign-dependent MOE has two distinct influences
on the results of the MOR test and the STS test. With the DTP
test, the stress sign-dependent MOE has no influence. In the DTP,
the magnitude of the tensile strain is not altered regardless of the
linearity of the MOE.

With respect to the MOR test, the stress sign-dependent MOE
changes the regions of compressive strain and tensile strain within
the test sample. The MOR beam specimen has a one-dimensional
stress state. That is, the internal bending strength of the beam
specimen is a one-dimensional stress running parallel to the beam
length. With lower values of tensile MOE, two changes occur.
First, the volume of the tensile strain regions are increased because
of the upward shift of the neutral axis. Secondly, the tensile strain
becomes less than the compressive strain.

With respect to the STS test, the regions of tensile and
compressive strains basically remain unchanged regardless of the
non-linearity of the MOE. The STS disc specimen has a two-
dimensional stress state. One stress component within the disc is
the compressive stress, parallel to the external load direction, that
equilibrates the external load. The second stress component is the
tensile stress perpendicular to the external load. This second stress
component is developed due to the cross coupling of the stress
components as defined by Poisson’s ratio. However the cross
coupling causes a reduction in the tensile strain, as governed by the
value of Poisson’s ratio and lower tensile stress when a lower
tensile MOE exists.
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IV. ANALYTICAL INVESTIGATIONS OF ASTM
TENSILE STRENGTH TESTS USING
FINITE ELEMENT ANALYSIS

A. Introduction

As shown, by using classical mathematics, the MOR and the
STS tests predict different ultimate tensile strength than the DTP
test when the MOE is dependent on the sign of the stress. In order
to provide additional understanding on the influence of stress sign
dependent MOE on the MOR and DTP test results, the finite
element analytical method is used to duplicate the stress-strain
states that exist in the DPT and STS test specimens.

The ANSYS Finite Element Program [13] is used to conduct
the analysis. For those who desire additional reading on the finite
element method (FEM) and available FEM computer programs
review references 14 through 20.

The following discussion addresses the finite element analysis
of the MOR test specimen stress state and the STS test specimen
stress state. As previously discussed, the DTP test specimen is a
one dimensional tensile stress-strain state. There is no compressive
stress-strain condition that interferes with the tensile stress-strain
condition. Therefore, the DTP test is not evaluated.

B. MOR Test by FEA

A finite element analysis was conducted on the MOR test
specimen using both the linear MOE and a stress sign-dependent
MOE. The model used in both cases was identical. The MOR test
specimen geometry was assumed to be a beam 152 mm (6 in.) long
and 25 mm by 25 mm (1 in. x 1 in.) in cross section. The two
point support was used here with the support being at 127 mm (5
in.) center to center. Because of both load and geometric symmetry
only half of the beam geometry was required (see Figure 4.8).

The analysis was conducted assuming that the DPT test
resulted in an ultimate tensile strength of 1.38 MPa (200 psi) for the
hypothetical material used in the following example. From
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Equation 4.3, a load (P) of 119 N on the MOR specimen was
required to create a maximum tensile stress of 1.38 MPa. The
beam model had a rather fine mesh of quadrilateral elements (two-
dimensional linear strain within quadrilateral) with 40 elements in
the beam depth and 60 elements along the beam half-length.

The FEA-predicted stress results for the MOR beam specimen
with a linear MOE are described in Figure 4.9. The MOE
throughout the beam was assumed to be 2 x 10* MPa (3 x 10° psi)
regardless of stress state. As shown, the zero bending stress (C
contour line) is at the midheight neutral axis for the full beam
length between the support points. The maximum tensile stress at
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the bottom, midlength position on the beam specimen is 1.35
MPa (192 psi), close to the predicted 1.38 MPa ultimate tensile
strength from the DPT test. See Table III for a summary of results.
The primary tensile stress-strain region of the beam specimen is
defined as extending vertically from the bottom of the beam to the
midheight neutral axis (tick mark at N.A.), and extending
horizontally from support to support.

Figure 4.10 describes the computed region of tensile bending
stress (dark region). Note the tensile stress bulbs in the regions of
the two support points. Except for the region surrounding the
supports, the tensile bending stress region can be approximated as a
rectangular area. However, the tensile stress is quite low in these
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Table IIT

Comparison of Predicted Tensile
Stress for MOR and STS Tests

83

Maximum Tensile Stress by Test Type, MPa (PSI)

MOR STS
Method Linear Stress Linear | StressSign
MOE Sign MOE | MOE*
MOE*
Finite Element 1.32 1.03 1.37 1.29
Method (192) (149) (199) (187)
1.38+ 1.38++
Classical (200)+ (200)++
Equation 12744+ L17*
(184)+++ (170)*
1.59%*
(231)**

+ Equation 4.3 for MOR test.
++ Equation 4.32 for STS test.
+++  Equation 4.37, Timoshenko Equation.
* Equation 4.38 for rectangular prism.

*k Equation 4.40 for square prism.

local stress bulbs at the support regions. Therefore, the stress-strain
energy is also quite small in these regions, and assuming this region
as part of the rectangular area would not significantly influence the

solution.

A second analysis was conducted using tensile MOE of 0.69
x 10* MPa (1 x 10° psi) and a compressive MOE of 2 x 10* MPa.
By trial and error, repeated solutions were made until a converged
stable solution of the tensile stress-strain region of the beam was
achieved. The converged solution of the tensile stress-strain region
is described by the lightly shaded area in Figure 4.11. This region
is an approximate area of the primary tensile region.
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The region of calculated tensile bending stress is described in
Figure 4.12 (dark region). Compared to the assumed tensile
bending stress region shown in Figure 4.11, the calculated region
provides a reasonable duplication of the assumed region. The tick
marks at the ends of the MOR specimen model identify the top
limit of the assumed tensile bending stress region. The tick mark to
the left of the support point identifies the right limit of the assumed
tensile bending stress region (region of tensile MOE). The assumed
region is a bit larger in the region near the support. However, the
difference in these two regions (calculated tensile stress and tensile
MOE) represents the portion of low strains and, therefore, low
strain energy. As a result, the solution results would not be altered
significantly if the true tensile bending stress region was incorporated
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into the MOR specimen model.

As in the case of the linear MOE, the support point causes a
tensile stress bulb just above the support. This is assumed to be of
little consequence in the solution because of the low stress and
strain in this region. It should also be remembered that the beam
Equation 4.3 assumes these support point secondary stresses and
strains have no influence on the solution. This assumption is
verified in the MOR analysis with the linear MOE.

In Figure 4.13, the stress contour plot for the stress sign-
dependent MOE, the neutral axis shifts upward to a position of
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about 17 mm measured from the bottom of the beam. Note that the
beam mid-height is 12.5 mm as measured from the bottom or top of
the beam. The maximum tensile stress is 1.03 MPa (149 psi) for the
same loading used with linear MOE analysis.

The comparison of the two MOR analyses is summarized in
Table III. The lower valued tensile MOE results in a lower
maximum tensile stress. The assumption that the tensile MOE and
compressive MOE are constant with respect to the stress magnitude,
as illustrated in Figure 4.5, is most likely not realistic. In actuality,
the tensile MOE decreases with increasing tensile stress as shown in
Figure 4.7.



ASTM Strength Tests 87

A =-2.0 MPa
B =-1.0 MPa
BEAM BENDING STRESS C = 0.0 MPa
D= 0.2 MPa
E= 0.4 MPa
F= 0.6 MPa
G= 0.8 MPa
H= 1.0 MPa

FIGURE 4.13 MOR TEST, BENDING STRESS FOR STRESS
SIGN-DEPENDENT MOE

C. STS Test by FEA

Similar analyses were conducted on the STS test specimen.
Because of load and geometric symmetry, only a quarter section of
the disc was required, as described in Figure 4.14. The y direction
is vertical or parallel to the applied load. The x direction is normal
to the y direction. The disc was assumed to have a 254-mm (10-
in.) diameter and a 25-mm (1-in.) thickness. Based on Equation
4.32, a 14,000-N (3,140-Ib.) load was applied to create an f, tensile
stress of 138 MPa (200 psi) at the center of the disc. The resulting
x and y stresses are described in Figures 4.15 and 4.16,
respectively, for the case of a linear MOE. Note that the vertical y
stress is compressive through the full area of the disc. The
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horizontal x stress is tensile throughout the major portion of the
disc. A locally high compressive x stress exists in the region of the
load. However, the major portion of the disc has a tensile x stress.

It should also be noted that the x stress is not uniform across
the height of the disc as defined in several investigations using
classical mathematics. According to the finite element solution, the
tensile x stress increases along the vertical centerline from zero
values near the load points to maximum values at the center. Only
near a small center region of the disc does the tensile x stress
become nearly constant.
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The FEA results of the STS test with the stress sign
dependent MOE are summarized in Figures 4.17 and 4.18. The
values of tensile and compressive MOE are identical to the values
used in the MOR finite element investigation. However, in the STS
disc the two-dimensional stress state requires using an orthotropic
definition of the material properties. Therefore, the tensile MOE (in
the x direction) was 0.69 x 10° MPa while the compressive MOE
(in the y direction) was 2 x 10* MPa.

The maximum tensile x stress at the center of the disc for the
stress  sign-dependent MOE is about 1.29 MPa (187 psi). This
predicted tensile stress is slightly less in value to the linear MOR
results.
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D. Summary

The finite element investigations of the MOR and STS tests
assist in providing an understanding with regard to the impact of
the MOE on the predicted stresses. Most brittle materials have a
tensile MOE of lesser value than the compressive MOE. The result
being that the MOR and STS tests develop a lower tensile stress
than tensile stress developed in the DTP test. As a result, greater
loads are imposed on the MOR and STS specimens during
testing to cause fracture of the specimens at the true tensile
strength. When the classical equations are employed for a linear
MOE material, the MOR and STS tests predicted ultimate tensile
stress to be both lesser and greater than the DTP test.
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There are other causes for the differences in the predicted
ultimate tensile stress. Most of these other causes are attributed to
misalignment of the specimen in the testing rig, misalignment of the
testing rig or imperfections in the specimen geometry.

The MOR test predicted ultimate tensile stress is calculated
from Equation 4.3 as:

f,= 1.5 PL/bd*= (1.5 P/d)(L/d)

Duckworth [1] cites the Timoshenko [21] equation for
calculating the beam tensile bending stress, which is modified to
account for the localized stresses that occur due to the point load on



92 Chapter 4

AY
S-S A =-20.00 MPa
‘ﬁ_ TRt B = 10,00 MPa
] / S C = -5.00 MPa
) .~ D = -4.00 MPa
‘ E= -3.00 MPa
1] F = -2.00 MPa
1l G = -1.00 MPa
E \ H= 001 MPa |
| E >
G
(] £ F
Q
7 \\
/ H
1M \
| - H \
L) \ \.
" \
5) ; |
5 an_‘j = ] i MX )X
SPLIT TENSILE SPECIMEN--ORTHOTROPIC MATERIAL
FIGURE 4.18 STS TEST, Y STRESS FOR ORTHOTROPIC MOE

the beam. The Timoshenko equation is defined as:

f, = (1.5P/bd)(L/d - 4/3n) (4.37)
According to this equation, the tensile bending stress is reduced by
subtracting 4/3w from L/d. Substituting the values from the Section

HILB MOR test with linear MOE (P = 119N, d= 254 mm,
b = 25.4 mm and L = 127 mm) into Equation 4.37:

f = (1.5 x 119/25.4%)(127/25.4 - 4/3m)

= 0.277 (5 - 0.42) = 1.27 MPa (184 psi)
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The comparison of the predicted tensile bending stress from the
classical beam bending stress equation, the Timoshenko modified
beam bending stress equation and MOR test results indicates that
the Timoshenko modification is too conservative. That is, the
effects of the concentrated load, in the region of maximum tensile
bending stress, is not as great as defined by the parameter 4/3=.

V. FINITE ELEMENT ANALYSIS OF OTHER TYPES
OF DIAMETRAL LOADED TENSILE
STRENGTH TEST SPECIMENS

A. Introduction

Other types of specimen geometries [6] have been used to
evaluate the tensile strength of brittle materials. The tensile stress
prediction by these other types of specimens is the focus of the
following discussions.

Tensile strength of brittle materials can be evaluated using
other types of specimen geometries. These other geometries are
selected either for the purpose of reducing the cost of specimen
preparation or for the purpose of obtaining a more accurate
determination of the tensile strength. The following analyses and
discussions address these additional types of diametral compression
tests using test specimen geometries defined as the rectangular
prism, the square prism, the sphere, and the hollow cylinder (or
ring). The following analyses are limited to a linear MOE.

B. Rectangular Prism Analysis

The rectangular prism analysis was conducted on a
rectangular specimen 254 mm (10 in.) in depth (d) and 500 mm (20
in.) in length (L). Diametrical compressive loads were applied just
with the STS test specimen. Since the STS test specimen had a
diameter of 254 mm, the predicted tensile stress results of these two
specimens could be compared.
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The maximum tensile stress at the center of the rectangular
prism is defined [6] as:

f' = 1.70 P/ndb (4.38)

where d, in this case, is the depth of the rectangular specimen.
Comparing Equations 4.32 and 4.38, the disc specimen should
develop a slightly greater tensile stress.

Using a diametrical load P of 14,000 N (3140 1b.), the
estimated ultimate tensile stress (using Equation 4.38) for the
rectangular prism test specimen is:

f = 1.7(14,000)/(254)(25.4) = 1.17 MPa (170 psi)

The finite element analysis was conducted using a quarter
section model as described in Figure 4.19. Because of both load
and geometric symmetry, only a quarter section of the rectangular
prism specimen was required to model the specimen.

Of particular interest was the magnitude of the horizontal
stress (x stress direction) and the vertical stress (y stress direction).
Figures 4.20 and 4.21 are computer plots describing the x and
y stress direction, respectively, in the quarter section model. Just as
in the previous finite analysis, MX, is the location of maximum
tensile stress and MN maximum compressive stress (or minimum
stress as defined on an algebraic scale).

With respect to the x stress described in Figure 4.20, the
maximum tensile and compressive x stress is located in the region
of the applied load. Because of the density of the stress contours,
the MX and MN are difficult to distinguish. Figure 4.22 is an
amplification of the region in the vicinity of the load (including the
element grids). The depressed area of the applied load describing
the x stress is also the location of the maximum compressive x
stress (MN). Just adjacent to the applied load is the location of the
maximum tensile x stress (MX). However, the maximum tensile x
stress is not in a region of a continuous field of tensile stress.
Therefore, fracturing or cracking would be limited in this region.
Fracturing also initiates in the center of the specimen, midway
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between the two opposing loads because of the maximum tensile
stress in this region. And, in addition, because the tensile x stress
is continuous here, the propagation of a vertical crack and the
ultimate splitting of the specimen is achieved. As previously noted,
Figure 4.22 also describes the fine mesh of the elements used to
capture the stress gradients. The predicted maximum tensile x
stress near the load was about 2.13 MPa (309 psi). The predicted
maximum tensile x stress at the center of the specimen was 1.08
MPa. The predicted maximum tensile stress at the specimen center
is slightly less than the maximum tensile stress predicted by
Equation 4.38.The tensile x stress results are summarized in Table
Iv.
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C. Square Prism Analysis

The square prism analysis was conducted on a square
specimen 254 by 254 mm (10 by 10 in.). The same magnitude of
diametrical loads as used in the STS and rectangular specimens
were used for the square specimen.

The tensile stress at the center of the square prism to cause
splitting is defined by Jaeger [6] as:

f' = 0.366 P/R (4.39)
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where R is the half-length of the sides of the square prism.
According to Jaeger, Equation 4.34 was developed for a thickness-
to-side length ratio of 0.125. However, it was confirmed in the
following analysis that the thickness-to-side length ratio has no
relevance to constant values in Equation 4.39. Equation 4.39 can
be rewritten in the form of the previous equations in which d equals
2R. Substituting d/2 for R:

' =0.732 P/d
Using the constant 7, the equation takes the form:

f = 2.3 P/ndb (4.40)
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The Equation 4.39 (or Equation 4.40) predicts a higher tensile stress
for the square specimen than that predicted by Equation 4.32 for the
split disc specimen of identical size.

The x and y stress contours for the square prism are
summarized in Figures 423 and 4.24, respectively. Comparing
Figures 4.23 and 4.24 with the corresponding STS results (Figures
4.15 and 4.16) shows that the square prism stress contours agree
favorably with the STS stress contours. Also, the maximum tensile
stresses of the square prism are about identical to maximum tensile
stresses of the STS. It can be concluded from these studies that the
square prism tensile stresses, for all intents and purposes, identical
to the STS tensile stresses. That is, Equation 4.40 does not
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Table IV

Comparison of Predicted Tensile Stress

By Various Diametrically Load Specimens
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Type of Diametrical Loaded Specimen;
Predicted Tensile Stress, MPa (PSI)
Rectangular | Square
Method Prism Prism Spherical
Specimen Specimen Specimen
Finite 1.08# 1.36# 1.5#
Element (159) (197) (220)
Method 2.13#4# 1.72## 11.7##
(309) (250) (1670)
Classical 1.17+ 1.38++ 0.38 to 0.75+++
Equation (170) (200) (55 to 109)
1.59*
(230)
# Maximum tensile stress at interior of model
##  Maximum tensile stress in vacinity of load
+ Equation 4.38 for rectangular prism

++  Equation 4.32 for STS test
+++ Equation 4.42 for spherical prism
* Equation 4.40 for square prism

realistically predict the square prism subject tensile stresses. The
more accurate Equation 4.32 can be used for either the STS test or
the square prism test.

Details of the x stress are shown in Figure 4.25. Again the
square prism x stress is very similar to the STS x stress described
in Figure 4.15. However, the horizontal top boundary of the square
prism creates x stress that is not present in the STS. The curved
boundary of the STS results in no similar x stress. However, the
square prism boundary x stresses do not affect the x stress values at
the center of the square prism.
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D. Spherical Specimen Analysis

The spherical specimen has been suggested [6] as another
geometry for evaluating the tensile strength of brittle materials. To
be consistent with the previous specimen’s size, the spherical
specimen analyzed was assumed to be 254 mm in diameter.

The equation used to define the maximum tensile stress that
would cause the specimen to split is defined [6,22,23] as:

f' = k P/R? (4.41)

or in terms of the specimen diameter:
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£ = 4k P/d (4.42)

According to Jaeger [6], the value of k varies from 0.225 to 0.45
based on the investigator [24-26].

The spherical specimen model is an axisymmetric quarter
section of the sphere. This is the only portion of the geometry that
is required due to symmetry of both geometry and loading.
Diametrical loading 28,000 N (6,280 Ib.) was applied to the model.

Figure 4.26 describes the radial stress (stress in radial x
direction) within the spherical specimen. The radial stress pattern
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differs from the previous prism geometry results in that the
maximum stress occurs at an internal region near the load. In the
previous specimens, the maximum stress occurs at the midregion of
the specimen. The maximum tensile stress to cause fracture is
about 1.5 MPa (220 psi).

A greater tensile stress of about 11.7 MPa (1670 psi) exists at
the surface adjacent to the load (see Figure 4.27). Figure 4.27 is an
amplification of the region surrounding the load. The depressed
area identifies the region of the applied diametral load. It should be
explained that localized cracking will occur in the tensile
region adjacent to the loading. However, this tensile region is quite
limited and the tensile fracturing would be quickly arrested when
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the crack tip reaches the compressive stress region. The C contour
is the zero stress contour and identifies the line of transition from
the tensile stress to compressive stress. As a result this localized
tensile stress region will not cause the spherical specimen to
fracture.

The vertical stress (y direction of sphere) is basically all
compressive as evidenced in Figure 4.28.

The circumferential stress within the sphere is described in
Figure 4.29. The maximum circumferential tensile stress occurs in
the same region as the maximum radial tensile stress. It is
concluded that, because of symmetry, the splitting or fracturing of
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the spherical specimen initiates simultaneously at two regions
within the specimen near the load points.

Substituting the results from the analysis, the predicted value
for k in Equations 4.41 or 4.42 is 0.875. This value for k is about
2 to 4 times greater than the value defined by previous
investigators.

Of all the prism geometries, the spherical prism appears to
have the greatest disparity between actual material test results and
analytical predictions of tensile strength. The spherical prism also
has the greatest disparity in test results as defined by
previously referenced investigators.
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The observed variability of tensile strengths in using the
spherical prism is perhaps explained by three stress-strain features
of the spherical prism that make it different from the previously
defined prisms used for predicting tensile strength. First, the
spherical prism is a three dimensional prism. All of the other
tensile strength prisms were either one-dimensional or two-
dimensional with regard to the stress-strain states created within the
specimen. The second unique stress-strain feature of the spherical
prism is the biaxial tensile stress-strain state at the two interior
regions identified in Figures 4.26 and 4.29. At these two regions
peak radial and circumferential tensile stress states exist
simultaneously.  The third unique stress-strain feature of the
spherical prism is that two equal peak tensile stress-strain states
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exist simultaneously. In all of the other tensile strength specimens,
only one peak tensile stress-strain state exists within the specimen

geometry.
VI. SUMMARY

The various tensile strength geometries provide a range of
values for estimating tensile strength for brittle materials. The
primary reason for this range is attributed to the stress-dependent
modulus of elasticity. The dimension of the stress state, in
combination with the stress-dependent elastic modulus, results in
maximum tensile stress-strain states that differ from the tensile
stress predicted by the classical equations (see summary in Table
IIT). The analytical results support the observed variations in tensile
strength observed by investigators using the direct pull test, the
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modulus of rupture test and the splitting tensile strength test.

Other specimen geometries have been proposed to evaluate
the tensile strength of brittle materials. Analytical investigations of
these geometries indicate that some of the proposed equations to be
used for these geometries are not accurate.

As summarized in Table IV, the classical equation for the
rectangular specimen predicts a tensile strength slightly greater than
the analytical results.

The classical equation used for the square specimen predicts a
much higher tensile strength than that predicted by analysis. The
STS classical equation more accurately predicts the tensile strength
for the square specimen.

The spherical specimen has the greatest variation in predicted
tensile strength as determined by the spherical specimen classical
equation. The analytical results identify unique features of the
stress state in the spherical prism that may account for the wide
range in tensile strength tests observed by some investigators.
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5

Choosing the Best Refractory
for the Thermomechanical
Application

I. INTRODUCTION

The objective of this chapter is to assist the user in providing
criteria for selecting the strongest refractory with regard to the
specific refractory lining application. The definition of strongest
here means a refractory that will not fracture or at least have the
least chance of fracturing when exposed to the load environment.
Selecting the strongest refractory may require a user review of the
refractory manufacturer’s literature or user requests for additional
tests to be conducted by the manufacturer that are unique to the
user’s process applications. In some cases, the user may conduct
tests on the manufacturer's samples to assist in choosing the better
refractory material. In many applications, the choice of the better
refractory is based on both chemical and mechanical considerations.
As previously discussed, the chemical aspects will not be addressed
in this text. Of primary concern here is the mechanical material
property aspects of choosing the best refractory.

111
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II. BACKGROUND

As discussed in Chapter 4, a considerable amount of effort
has been placed by the material engineers, material scientists and
material testing communities in defining the ultimate tensile and
compressive strengths of refractories. This is evidenced by the
various ASTM tests that have been developed to quantify the
ultimate strengths of materials and, in our case, refractory materials.

The ultimate tensile strength and ultimate compressive
strength are typically the most available data provided by refractory
manufacturers. This data is often examined by users to rank the
mechanical strength in determining the strongest refractory material.
The selection of strongest refractory is often a task of examining
other property data as well. The selection of which mechanical
property data to be used for ranking the various supplier’s materials,
however, should be based on, or at least be strongly dependent
upon, the type of load environment to which the user’s refractory
system is subjected. As discussed in Chapter 2, a refractory
structure is exposed to either stress-controlled or strain-controlled
loadings or a combination of both.

There are a few types of refractory structures that are exposed
to primarily stress controlled loads. These types of refractory
structures may also be exposed to a significant temperature
environment. In this case, the refractory lining is not restrained
against thermal growth, the result being no significant thermal
stress. In these cases, the stress-controlled loads are gravity weight
loads which are usually quite small.

Most refractory lining structures are exposed to strain-
controlled or thermal expansion loads. That is, the majority of
refractory structures are restrained, to some degree, against full free
expansion of the heated refractory. Therefore, the restrained
refractory material is subjected to a portion of the total potential
thermal strain.

The ratio between the thermal expansion stresses and the
gravity load stresses is normally quite high. In other words, gravity
load stresses typically will be in the range of 0.2 to 1.0 MPa (30 to
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150 psi), while the thermal expansion stresses can be in the range
of 15 to 40 MPa (2000 to 6000 psi) or higher. Based on the
magnitude of the stress (or strain) within the refractory structure,
the refractory structure subjected strain-controlled loads (thermal
expansion forces) should demand attention in ranking and selecting
the strongest refractory than for a stress-controlled loaded refractory
structure.

III. DEFINING THE PROBLEM

The type of process contained within the refractory structure,
the stiffness of the external steel support structure, the severity and
cyclic nature of the transient process temperatures, the magnitude of
the process temperature and the severity of the process chemistry
are just a few items that influence the life of refractories. Some
process vessels are stationary, while others expose the refractory
lining to transient displacements (e.g., rotary kilns). Some vessels
are transported within the plant while filled with molten metal (e.g.
steelmaking ladles). The life of a refractory lining is a function of a
combination of the severity of the chemistry and mechanical
environments. Each time a lining is selected, the question always
arises: which supplier provides the best refractory for my
application?

Perhaps the best way to describe the thermomechanical
criteria for selecting the strongest refractory is to provide examples
which illustrate the choice process. The first example illustrates a
refractory structure exposed to a stress-controlled load. The second
example illustrates a refractory structure exposed to a strain-
controlled load. Both of these examples are greatly simplified to
demonstrate the primary criteria for selecting the strongest
refractory.

Prior to the presentation of the two example problems, let us
first assume that two competing refractory manufacturers are each
proposing a refractory for your application. You, the user, must
decide which refractory material is best for our application.
Chapter 3 described compressive stress-strain data for some typical
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fired high-alumina (70% AlLO;) brick (see Figure 3.1). In the
following examples, the complexity of the temperature environment
on the refractory lining is also simplified in order to assist in
defining the selection criteria. The refractory in our process is
assumed to be at a single constant temperature. The magnitude of
your process temperature is arbitrary at this point.

For the purpose of identification, one refractory material
manufacturer is called manufacturer A. The second manufacturer is
manufacturer B. It is further assumed that both materials were
tested in a laboratory to evaluate the compressive stress-strain
response of each material at our process temperature. Figure 5.1
would be the resulting compressive stress-strain curve obtained for
each of the refractory materials for your process temperature.

Upon examination of the compressive stress-strain data of
materials A and B, two distinguishing differences are identified.
Material A has a much greater ultimate compressive strength (f'c,)
than that of material B (f'.g). Material A, however, has a lesser
ultimate compressive strain (e'c,) than the ultimate compressive
strain of material B (e'cg). It can be concluded that material A is a
more stiff material than material B. Likewise, material B is a softer
or more flexible material than material A. Of primary interest here
is the magnitude of the ultimate compressive strength. As indicated
in Figure 5.1 and as reported by manufacturer A, refractory material
A has a greater ultimate compressive stress than material B.
Therefore, based on the test data, initial conclusions are that
refractory material A is stronger than refractory material B. This
may or may not be true based on our application environment.

A. Choosing the Strongest Refractory for a Refractory
System Subjected to Stress-Controlled Loading

Stress—controlled loading was first introduced in Chapter 2.
The refractory lining stress in the following simplified example (see
Chapter 2, Figure 2.1) is defined by dividing the cross-sectional
area (A) of the sample into the external loading (P). The external
load is a stress—controlled load, defined here is a gravity load,
imposed on the simplified geometry (refractory cube). In our case,
the load P could be a combination of other external gravity loads
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in addition to the gravity weight of the refractory lining itself.

In this example, the lining is also exposed to a uniform
temperature of T,. In this example, No restraint is placed on the
thermal growth of the refractory. Therefore, no strain-controlled
loading is imposed on the lining system. The operating stress for
this example lining is simply defined as:

Ssc = P/A (5.1)

The stress is defined without the benefit of the mechanical material
property data described in Figure 5.1. The full complement of the
fundamental mechanical material property data would include the
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linear coefficient of thermal expansion (expressed as «), the
modulus of elasticity (expressed as E), the bulk density (expressed
as p) and Poisson’s Ratio (expressed as v). The bulk density is
used to define the stress-controlled gravity load. For the stress-
controlled loading, only the structural geometry is required to
evaluate the internal equilibrating stress within the structure. In the
case of our simplified example, the cross-sectional area A is
required. The internal equilibrating stress is evaluated for any
structural system without the need of material properties. Even for
highly redundant linear structures, only the structural geometry is
required in defining the internal equilibrating stress when the
structure is subjected to a stress-controlled load. To quantify our
example, let us assume the load P is 1000 kg and the cross-
sectional area A is 6.45 cc’, the stress Sy, substituting into
Equation 5.1 would be:

Se. = 1000/6.45 = 15.71 MPa (220 psi)

With regard to the choice of strongest material, clearly refractory A
is the obvious material to use for this application. Based solely on
thermomechanical considerations, the choice is made by comparing
the values of the ultimate compressive strengths of the two
refractories. Refractory A has a much higher ultimate compressive
strength than refractory B. If the degree of microfracturing is
related to the ultimate compressive strength, then refractory A
would be subjected to less microfracturing and the associated
deleterious effects that shorten the life of a refractory lining. If
long-term loading is applied, then creep effects would also be
included in the choice.

In summary, for a stress-controlled loading, the compressive
stress-strain curves for refractory A and B have no direct bearing on
the evaluation of the choice of the strongest material. None of the
mechanical material properties have a direct bearing on evaluating
the stress in a structure subjected to a stress-controlled loading.

It should be pointed out that the primary emphasis is placed
on the compressive stress-strain behavior of the refractory material.
The reason being that most refractory lining systems are restrained
to some degree against thermal growth and are, therefore, subjected
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to a compressive stress-strain environment. Tensile stress-strain
environments are usually much less in magnitude due to two
reasons. For linings consisting of brick shapes, no tensile forces
can be transmitted across the brick joint, even when mortared joints
are used. Secondly, refractory materials are much weaker in
tension than in compression. The refractory lining, either a brick
shape material or a castable material, cannot support a significant
tensile stress-strain environment.

B. Choosing the Strongest Refractory for a Refractory
System Subjected to Strain-Controlled Loading

In the second simplified example, the refractory dimensions
are assumed to be identical to the first example. In the stress-
controlled example, the refractory was heated to a temperature T,.
However, the lining was assumed totally unrestrained. Therefore,
no expansion stresses were developed. In this second example (see
Chapter 2, Figure 2.2), let us assume that an external support
system restrains the full expansion of this lining system. In actual
lining design, evaluating the magnitude of the restraint requires a
thermal-structural analysis of the refractory lining system, including
both the refractory lining and the external structural support system.
This type of analysis is required in order to evaluate the thermal
expansion interaction between the lining and the support. This
analysis would require the mechanical material properties of both
the support and refractory lining materials. In this simplified
example, the refractory is assumed to be fully restrained.

Let us assume that both refractory A and refractory B had the
same identical coefficient of thermal expansion. Therefore:

o, = Og 5.2)

Let us also assume, for the purposes of this example, that the steel
support structure is very stiff and that both lining systems would be
fully restrained. Therefore, the magnitude of the restrained thermal
strain (ez) on each of the two refractories is identical. This thermal
strain is defined as:

eg = a(Ts - Ty (5.3)
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where T, is ambient installed lining temperature. Since both
refractories have identical coefficients of expansion and are exposed
to the same process temperatures, both refractory materials are
subjected to identical thermal strains. The thermal restraint strain in
refractory A (eg,) is identical to the restraint strain in refractory B

(exp):
(5.4)

€ra ~ CgrB
It should be pointed out that the value of the thermal strains
is achieved through a thermal-structural analysis that required both
the geometry of the structure as well as the mechanical material
properties. Also, as defined elsewhere in this text, the thermal and
structural analyses are done in two parts. Part I is a thermal
analysis, using thermal material properties to quantify the support
and lining temperatures. Part II is the structural analysis, using the
Part I temperatures and the mechanical material properties to
quantify the expansion interaction between the support structure and
lining system. The stress-strain behavior of both the support and
lining are then obtained from the Part II analysis.

Returning to our example, the remaining quantity that has not
been defined is the thermal restraint stress in each of the two
refractory materials under investigation. The thermal restraint stress
(Sy) is calculated by multiplying the thermal strain by the modulus
of elasticity:

Sg = x E (5.5)

The modulus of elasticity can only be defined through laboratory
testing of a material. In the case of steels, an ASTM tensile coupon
is prepared and a tensile stress versus tensile strain curve is
obtained, as illustrated in Figure 5.1. It is the slope of this curve
that defines the modulus of elasticity of the steel wunder
investigation. In the case of our two refractories, compressive test
samples were prepared and tested at the defined operating
temperature Ts. The resulting compressive stress-strain curves for
refractory A and refractory B are described in Figure S.1.

Let us now evaluate the thermal restraint stress in each of the
two materials. Both materials are exposed to the identical thermal
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restraint strain. From Figure 5.1, projecting up from ey to curve B,
the thermal restraint strain results in a thermal restraint stress of
Sgg, Which is less than the ultimate compressive strength (f'cg) of
refractory B. However, for refractory A, the magnitude of restraint
strain results in a thermal restraint stress (Sg,) that exceeds the
ultimate compressive strength (f',) of refractory A. In equation
form, the two results are:

Sgg < f'cp (5.6)

>y (5.7

Sga

With an equal coefficient of expansion and equal process
temperature, refractory A is inferior to refractory B. For these
simplified example refractory lining systems, exposed to primarily a
strain-controlled loading environment, and considering the
thermomechanical aspects of the two materials, refractory B is
superior to refractory A. Refractory A has superior ultimate
compressive stress than refractory B but lower ultimate compressive
strain (e'c) than refractory B. In equation form:

€'cp > g (5.9)

Therefore, in the strain-controlled loading environment, refractory B
is superior to refractory A.

In summary, the strain-controlled loading (restrained thermal
expansion forces) requires the use of compressive stress-strain data
in order to convert the thermal strain to a thermal stress. The
compressive stress-strain data allows the refractory user to
accomplish the primary design functions. First, it allows the
refractory user to calculate the thermal stress for an imposed
thermal strain condition. Without the compressive stress-strain data,
the evaluation of the magnitude of thermal stress is impossible.
Secondly, the compressive stress-strain data allows the refractory
user to compare the calculated thermal stress with the ultimate
crushing stress, The second design function is important in that it
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allows the user to make decisions with regard to the selection of the
most appropriate refractory or with regard to the incorporation of
expansion allowance to reduce the magnitude of the thermal stress-
strain conditions. The compressive stress-strain data also allow the
refractory user to compare the calculated thermal strain directly
with the ultimate strain of the refractory materials. Typically, the
structural analysis of the refractory lining system requires the
compressive stress-strain data in which both the thermal strains and
thermal stresses are a part of the structural analysis solution.

IV. VERIFICATION FROM FIELD TEST STUDIES

The scientific and technical reasoning for selecting the
strongest refractory has been illustrated in the previous examples.
There is presently no documented laboratory tests to verify this
approach of selecting refractory material. The results of field tests
are very limited [1]. The lack of both laboratory and field test
experimental data can be attributed to the lack of understanding in
the user and manufacturing communities on the impact of stress- or
strain-controlled loadings on refractory lining structures. Or it can
be attributed to the cost in developing the compressive stress-strain

data.

An interesting field study was conducted by Dela Garza [2].
His work reflects the influence of ultimate crushing strain on the
life of a refractory lining. Field test studies were conducted on the
operating life of rotary kiln linings. The operating lives of several
refractory manufacturers rotary kiln shapes were compared to two
refractory kiln shapes.

V. SUMMARY

Since the majority of refractory lining systems serve as a heat
containment system for a variety of industrial processes, it can be
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concluded that most refractory lining systems are subjected to
strain-controlled loading and require a complete definition of the
stress-strain behavior of the refractory material. With the lining
subjected to thermal strains, the corresponding stresses can only be
defined using the stress-strain data.

For the lining subjected to a stress-controlied loading, the
strongest refractory should be selected on the basis of the greatest
ultimate crushing strength and least amount of creep for long-term
loading. For the lining subjected to a strain-controlled loading, the
strongest refractory should be selected on the greatest ultimate
crushing strain.

VI. RECOMMENDATIONS

The following recommendations [1] are made with regard to
the structural and mechanical aspects of refractory use. These
recommendations are intended to assist in optimizing these aspects
of refractory lining systems. It should also be kept in mind that the
chemistry aspects must also be addressed. The following
recommendations are intended to be considered in addition to the
chemistry aspects of refractory lining design.

The first recommendation is addressed to the refractory
manufacturer. The second and third recommendations are addressed
to the user of the refractory. The last recommendation is directed at
both the user and manufacturing communities.

Recommendation No. 1

Since a majority of refractory lining systems are subjected to
strain-controlled linings, it 1is desirable for the refractory
manufacturer to provide to the user, the compressive stress-strain
data [2] as part of the technical data on the supplied refractory
material. The compressive stress-strain data are required by the
user to assist in the decision-making process of selecting the
appropriate refractory material. This data is an absolute necessity if
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the user's refractory lining system is exposed to a strain-controlled
(thermal expansion) loading system.

Recommendation No. 2

The refractory user should, if the lining of interest is exposed
to significant strain-controlled loadings, request compressive stress-
strain data on the refractory materials from the refractory
manufacturer.  The ultimate crushing strength is adequate for
refractory lining systems that are subjected to only a stress-
controlled loading. However, for the lining system which is
subjected to strain-controlled loading, the compressive stress-strain
data are an absolute necessity for the user in selecting the best
refractory for the application.

Recommendation No. 3

The refractory user that requires the compressive stress-strain
data (has a lining system subjected to a strain-controlled loading)
can use this data in two ways. First, the user can simply compare
the compressive stress-strain data on the various refractories being
considered and select the refractory material on the basis of the
greatest strain range (the greatest ultimate crushing strain). Second,
the user can conduct a structural analysis using the compressive
stress-strain data for each refractory material under consideration.
This second approach would determine if the refractory lining
system is over-restrained, even for the most flexible material. The
analysis would determine if the user’s refractory lining system is in
need of expansion allowance devices. The analytical approach
would also identify if the user's lining system is exposed to a mild
straincontrolled loading. Therefore, the stiffer refractory may be
quite satisfactory.

Recommendation No. 4

Currently no ASTM specification exists that establishes the
testing standards for laboratory development of the compressive
stress-strain data. There are other similar materials, such as
structural concrete, that have ASTM standards for conducting
compressive strength tests. It is recommended that an ASTM
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standard be established by refractory users and manufacturing
communities that sets standards for conducting compressive stress-
strain tests. The standards would include:

a. The strain or stress rate for loading the sample. A
strain rate would be more appropriate since we are
addressing strain-controlled loading.

b. The sample size.

c. A verification on the compliance of the testing
equipment based on well-known established materials.

d. A suggested coupling of the of the ultimate
compressive stress and the corresponding ultimate
compressive strain on the manufacturer’s data sheets.

e. Based on the user's maximum process temperature
imposed on the refractories, a suggested increment of
testing temperatures, ranging from room temperature up
to the user process temperature.

f. Minimum hold time at the specimen test temperature
before the specimen is tested.

g A procedure for preparing the sample (core drilling,
etc.) and a method of preparing the ends to accept the
compressive loading.

h. Core drilling direction based on users need and primary
direction compressive loading.

i. Other requirements on core sample preparation such as
core drilling speed [3] and other related conditions
with regard to the sample preparation.

There will be, most likely, other requirements that would be
imposed on the test procedure to assist in unifying the test results.
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6

Static Compressive
Stress-Strain Data

I. INTRODUCTION

Perhaps one of the most important mechanical material
property data for refractories is the compressive stress-strain data.
Unlike the utimate compressive strength data, the compressive
stress-strain data provide both the ultimate compressive strength and
the matching ultimate compressive strain. With this material
information, the refractory user can appropriately select the
strongest refractory. In other words, based on the major type of
lining loading (stress-controlled or strain-controlled) the user can
choose the appropriate refractory for the lining system. More
importantly, the compressive stress-strain data also provides a
portion of the mechanical material properties required for structural
analysis.

This chapter will define the compressive stress-strain data for a

variety of refractory materials, including superduty fireclay brick,
high-alumina brick, phosbonded high-alumina brick, fired mag-
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chrome brick, mag-carbon brick, a variety of castables, gunned
mixes and other forms of refractories.

It is not the objective of this chapter to rate or rank the
refractories presented with regard to strength or anyother aspects
regarding the life of refractories. Rather, the presentation of the
compressive stress-strain data is intended to provide insight for the
refractory user in designing a refractory lining system. The
availability of compressive stress-strain data is quite limited. In
most cases, these data are not provided by the refractory
manufacturer unless requested by the user. There are many
instances in which users are unaware that such data are available or
can be developed. The compressive stress-strain data are a fairly
recent development compared to the other property parameters that
are provided by the manufacturer. Therefore, the compressive
stress-strain data are presented here, allowing the user to become
familiar with this information. The compressive stress-strain data
also provide considerable insight into refractory behavior at high
temperatures.

Some refractories are inherently stiffer than others. Some
appear to be extremely flexible. Obviously, the compressive stress-
strain response of a refractory material will vary with chemistry,
percent of impurities, basic material makeup, prefired manufacturing
processing and firing details, the method of bonding and many other
attributes of the manufacturing process. As a result, a user should
obtain compressive stress-strain data from the manufacturer unique
to the refractory under consideration.

II. BACKGROUND

The compressive stress-strain data described in this chapter
originated from several laboratories equipped to develop these data.
Each laboratory used test strain rates that were compatible with
their own testing equipment. In addition, each laboratory differed
in specimen size, specimen geometry, type of preparation
equipment, type of refractory tested, method of specimen
preparation, cutting or drilling rates in the specimen development
and other details relating to the test environment.
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For those familiar with the compressive stress-strain data, the
compressive strain-strain data are quite often defined as static
compressive Stress-strain data. The time required to test a specimen
lasts from several seconds to several minutes. Therefore, the time-
dependent creep effects should be minimal. At higher temperatures
(in excess of, say, 1400°C) creep does become significant, even for
the short time periods of the test. It will be shown later, for the
specimens tested at higher temperatures, that unaccounted creep
effects may not greatly influence the accuracy of the solution to the
refractory structural lining under consideration. The objectives of
the refractory lining structure may differ between users. The
reasoning for the inclusion or exclusion of creep effects should be
based on these objectives.

The compressive stress-strain data are presented according to
refractory types. In some cases the available data are very limited.
In each refractory material presented, the manufacturer’s defined
chemistry is presented along with other associated data. In most
cases, the ultimate crushing strength was established by the ASTM
test procedures independent from the compressive stress-strain test.
The data is presented in graphical form. In some instances, the
polynomial equation that best fits the curve is also provided.

III. PRESENTATION OF COMPRESSIVE
STRESS-STRAIN DATA

The following compressive stress-strain data on various types
of refractories were developed by four different testing laboratories.
In two instances the testing laboratory was also the refractory
manufacturer.  These two being Harbison-Walker Refractories
Corporation (Pittsburgh, PA) and National Refractories and
Minerals Corporation (Liverpool, CA). These two refractory
suppliers also have the appropriate laboratory test equipment to
develop compressive stress-strain data. The remaining two are
independent laboratories: Babcock and Wilcox Corporation
(Lynchburgh, VA) and Ceram Research (Stoke-on-Trent, Great
Britain).
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IV. FIRECLAY BRICK

Superduty fireclay compressive stress-strain data are described
in Figure 6.1 for samples tested at 20, 260, 540, 815, 980 and
1150°C. This particular fireclay brick is no longer produced.
However, the compressive stress-strain data provide valuable
information on the mechanical behavior of quality superduty
fireclay brick. As shown, when subjected to significant compressive
stress, fireclay brick remains elastic for temperatures up to 815°C.
At temperatures of 980 and 1150°C, plastic flow becomes
significant. The compressive stress-strain data can also be expressed
in polynomial form as:

S=CX+CX+CX+---+CX" (6.1)

STRESS, MPa

0.000 0.001 0.002 0.003 0.004 0.005 0.006 0.007 0.008
STRAIN

FIGURE 6.1 COMPRESSIVE STRESS-STRAIN DATA ON A
SUPERDUTY FIRECLAY BRICK
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Table I summarizes the polynomial coefficients of the
compressive stress-strain data in Figure 6.1.

Table 1

Compressive Stress-Strain Data
of Figure 6.1*

TEMP. POLYNOMIAL COEFFICIENTS, C; x 10"

OF (EXPONENT n)
STRESS-
sTRAIN |© C, G C., C, Cs C,
°C
20 [3.57
(4)**
260 |3.57
O
540 [3.57
(4)**

815 1.58 4.17
@) (6)

980 [1.49  [-5.51 185 |35 3.27 -1.19
@) (6) ® an 13) (15)

1150 [1.11  [-8.20 [4.04 [-1.14 1.79 -1.47  |4.86
4 (6) €)) (12) (14) (16) an

*Blank table cell implies no coefficient.
**Straight line data for temperatures 20, 260, and 540°C nearly identical.

The manufacturer’s [1] description of this superduty fireclay
brick is summarized in Table II. The cold crushing strength is
defined as ranging from 17.2 to 28 MPa in Table II. The cold
crushing strength, as described in Figure 6.1, is in excess of 50
MPa. Additional manufacturer’s data can be found in a more recent
publication [2]. The compressive stress-strain curve for the
815°C temperature ends prematurely at about 25 MPa. This
occurred most likely due to an abbreviated test or due to sample
flaws developed during preparation. The strength at 815°C should
range between the 540 and 980°C values.
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Note:

Table I

Manufacterer’s Description Of
Superduty Fireclay Brick [1]

Chapter 6

CLASS SUPERDUTY FIRECLAY BRICK
P.C.E. (Orton Cone) 33-34
Bulk Density, 144 to 148
Ib/ ft* ( Kg/m® ) (2300 to 2370)
Apparent Porosity, % 100 to 13.0
Cold Crushing Strength,
lb/ in'Z (MPa) 2500 to 4000
(6.2 10 9.0)
Modulus of Rupture 900 to 1300
b/ in.2 ( MPa) (6.2 to 9.0)
Reheat  Test, permanent
linear change, %, after
heating at 2910°F (1600°C) -0.3to -1.0
Load Test, 25 psi (172 kPa),
% linear subsidence after
heating at 2640°F (1450°C) 1510 2.6
Panel Spalling Test,
% loss, preheat at
3000°F (1650°C) 2.0to 6.0
Chemical Analysis,
approximate %
Silica (Si0,) 529
Alumina (A1,0,) 42.0
Titania (TiO,) 2.4
Iron Oxide (Fe,0,) 1.0
Lime (CaOQ) 0.2
Magnesia (MgO) 0.3
Alkalies
(Na,0 + K,0 + Li,0) 1.2

These data are subject to reasonable variations and, therefore,
should not be used for specification purposes.
ASTM test methods, where applicable, used for determination of data.
All data typical of brands at time of printing.
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Table I
Compressive Stress-Strain Data
of Figure 6.2
TEMP. | POLYNOMIAL COEFFICIENTS, C; x 10"
o (EXPONENT n)

CURVE, G |G G G, G G G G |G Coo

540 24128 |41 |-50 |26 |-77 |14 -14182 |-20
3) |6 o) a3 |ae [das) |en | @) | ee | @6

1090 33(19 |-45 |32 [-11 |19 [-13
A1 | (e [ap a2 [a3)

Figure 6.2 describes the results of a separate compressive
stress-strain test on the same superduty fireclay brick just defined.
Here the compressive loading was continued until failure. The
540°C curve shows a maximum value of about 38 MPa. The linear
portion of this curve reaches about 36 MPa at a strain of
approximately 0.002. This is consistent with the 540°C curve in
Figure 6.1.

The 1090°C compressive stress-strain curve of Figure 6.2
shows a continued increase in strength at strains of 0.04. A
favorable comparison is observed with the 980°C curve of Figure
6.1. At a strain of 0.008, Figure 6.1 shows a strength of 40 MPa,
while Figure 6.2 shows a strength of about 25 MPa. Considering
the temperature differences, both test data appear realistic.

Each of the above test results were made from core-drilled
samples of the fireclay brick. Considering the variability in the
manufacturing process of refractory brick, some of variance
between the two test results can be attributed to the sample
differences.

V. HIGH-ALUMINA BRICK

High-alumina brick is a highly popular form of refractory
used throughout industry. High-alumina brick belongs to the
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FIGURE 6.2 COMPRESSIVE STRESS-STRAIN DATA ON A
SUPERDUTY FIRECLAY BRICK

alumina-silica group [1,2] containing an alumina (A1203) content of
47.5% or higher. The high-alumina title distinguishes them from
brick made of clay or other aluminosilicates in which the alumina is
below 47.5%.

The alumina classes of 50%, 60%, 70% and 80% have a
range of plus or minus 2.5%. The 85% and 90% classes have a
range of plus or minus 2%. The 99% class has only a minimum of
97% or only a minus range of 2%.

A. 50% Alumina Brick

The compressive stress-strain data of a fired 50% alumina
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brick is described in Figure 6.3. For the purposes of this
discussion, this 50% alumina brick is identified as Product No. 1 of
three different 50% alumina brick products chosen for this
discussion.

This 50% alumina brick is advertised to have a cold
crushing strength of 52 MPa (7,540 psi). The alumina content is
specified at 50.5%. The 538°C curve exhibits an apparent stiffening
up to a load of about 30 to 40 MPa. Beyond the 40-MPa loading,
the stress-strain response becomes fairly linear. The 1094°C curve
is linear over the full tested range. Both samples exhibit
considerable strength in excess of the advertised cold crushing
strength.

Figure 6.4 describes the data [3] from a second 50% alumina

—
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FIGURE 6.3 COMPRESSIVE STRESS-STRAIN DATA ON A
50% ALUMINA BRICK (No. 1)
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FIGURE 6.4 COMPRESSIVE STRESS-STRAIN DATA ON A
50% ALUMINA BRICK (No. 2)

brick product. This high-alumina brick is advertised to have a cold
crushing strength of 41 to 69 MPa. The compressive stress-strain
samples were only tested to a load level of about 25 MPa. The
alumina content is specified at 50.4%. Note that the lower
temperature curves (22 to 1093°C) show some stiffening, as
observed in Figure 6.3. The data in Figure 6.4 also show that
softening begins to occur at temperatures above 1093°C.
Significant softening occurs at temperatures above 1204°C.

The third and final set of compressive stress-strain data of a
50% alumina brick is presented in Figure 6.5 [4]. According to the
manufacturer’s data sheet, the advertised cold crushing strength is in
the range of 41 to 69 MPa. Type No. 3 is made by the same
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FIGURE 6.5 COMPRESSIVE STRESS-STRAIN DATA ON A

50% ALUMINA BRICK (No. 3)

manufacturer as Type No. 2. The alumina content is specified at
522%.

Product Nos. 2 and 3 reflect a somewhat

In summary, at low temperatures the stress-strain data of

stiffer refractory than

Product No. 1. At 1094°C, both Product Nos. 1 and 3 have similar

stiffnesses at strains up to about 0.004.

At high temperatures

(above 1093°C) Product No. 2 has considerably more stiffness than
Product No. 3, as observed by the 1204°C curve. Product No. 2 has
significant strength at 1316°C.
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B. 70% Alumina Brick

The 70% alumina brick is the most frequently used high-
alumina class through industry. Because of the popularity of this
class of alumina brick, the compressive stress-strain data for five
different 70% alumina brick products are presented. These data
provide considerable insight into the structural behavior of
70% alumina brick and the brick parameters that influence the
structural behavior.

The first of the 70% alumina brick products is presented in
Figure 6.6 [S], though no specifics are provided with regard to the
cold crushing strength, specific alumina content or other details.
However, this 70% alumina brick appears typical for this class of
alumina brick.

25}
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s 15T
% ,
44}
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£ 10]
5 L
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STRAIN
\ FIGURE 6.6 COMPRESSIVE STRESS-STRAIN DATA ON A
70% ALUMINA BRICK (No. 1)
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Figure 6.7 describes another 70% alumina brick (No. 2) [4].
This brick has a lower specified density, in the range from 2643 to
2739 kg/m® (165 to 171 Ib/ft’), an alumina content of 72.1% and a
cold crushing strength of 52 to 76 MPa (7,500 to 11,000 psi) [6].

The 70% alumina brick presented in Figure 6.8 (No. 3) [7,8]
has the same brand name as the 70% alumina brick presented in
Figure 6.7. Therefore the brick chemistry and other makeup
parameters are also identical. The only difference between the types
presented in Figures 6.7 and 6.8 is the density. The 70% alumina
brick in Figure 6.8 was manufactured in the laboratory using a
friction press. The result is a higher bulk density: 2755 kg/m* (172
Ib/ft’). The higher density is reflected in the greater stiffness
observed in the compressive stress-strain data in Figure 6.8.
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FIGURE 6.7 COMPRESSIVE STRESS-STRAIN DATA ON A
70% ALUMINA BRICK (No. 2)
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FIGURE 6.8 COMPRESSIVE STRESS-STRAIN DATAON A
70% ALUMINA BRICK (No. 3)

The fourth 70% alumina brick product is described in Figure
6.9 [3,9,10]. This 70% high-alumina brick is defined to have a cold
crushing strength of 28 to 41 MPa (4,000 to 6,000 psi). The
alumina content is 72% and the bulk density ranges from 2500 to
2579 kg/m® (156 to 161 Ib/ft’). At temperatures of 1094 and 1204°C,
the compressive stress-strain data of this product is quite similar to
the stress-strain data of the alumina brick product of Figure 6.8. At
low temperatures (22 to 816°C) the 70% alumina brick data in
Figure 6.9 reflects a much greater flexibility than in the other three
products. In Figure 6.9 the stress-strain curve at 22°C is curtailed at
about 15 MPa. This is most likely attributable to a sample flaw or
a malfunction of the testing equipment.
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FIGURE 6.9 COMPRESSIVE STRESS-STRAIN DATA ON A
70% ALUMINA BRICK (No. 4)

Of particular interest is the stress-strain response of a
chemically bonded 70% alumina brick (Product No. 5), described in
Figure 6.10. The properties of this refractory brick are a bulk
density equal to 2650 kg/m® (167 Ib/ft’), alumina content of 70%
and a cold crushing strength of 66 MPa (9,500 psi). Compared
to the stress-strain data of the previous fired 70% alumina bricks,
this chemically bonded 70% alumina brick has considerably greater
flexibility over the full range of temperatures considered.

The grouping of the compressive stress-strain data for this
chemical bonded 70% alumina brick is also interesting. The 22 and
816°C data are very similar. Likewise, the 1094 and 1204°C are
both similar.  This implies that a significant change in stiffness
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FIGURE 6.10 COMPRESSIVE STRESS-STRAIN DATA ON A
70% ALUMINA BRICK (No. 5)

occurs within the temperature range of 816 to 1094°C.
C. 80% Alumina Brick

The compressive stress-strain data on three different 80%
alumina brick products are examined. As expected, the greater the
alumina content, the greater the stiffness of the refractory brick.

Figure 6.11 is the compressive stress-strain data for the first
80% alumina brick Prduct (No. 1). This product is a phosphate-
bonded high-alumina brick. This product has an advertised cold
crushing strength of 143 MPa (20,750 psi) and an alumina content
of 82.6% [2]. Interestingly, the stress-strain data for the tempera-
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FIGURE 6.11 COMPRESSIVE STRESS-STRAIN DATA ON A
80% ALUMINA BRICK (No. 1)

tures of 22 and 816°C show more flexibility than the fired 70%
products. This can be attributed to the phosphate bonding. This
flexibility was also observed in the chemically bonded 70%
alumina brick. At the higher temperatures of 1094 and 1204°C, this
product exhibits considerable strength and flexibility.

The remaining two 80% alumina products (see Figures 6.12
and 6.13) are both fired alumina brick. The stress-strain [4] data
described in Figure 6.12 are for a domestic product, as were all of
the products described thus far. The stress-strain data described in
Figure 6.13 are for an 80% alumina brick product manufactured in
Australia [11].
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FIGURE 6.12 COMPRESSIVE STRESS-STRAIN DATA ON A
L 80% ALUMINA BRICK (No. 2)

It can be concluded that the 80% alumina brick has an
increased strength over the full temperature range of 22 to 1316°C.
Additional compressive stress-strain data on 80% alumina bricks
(85% based on Bauxite) with various types of bonding can be found
in Reference 12.

D. 90% Alumina Brick

The compressive stress-strain data on a 90% alumina brick
currently available are quite limited. Figure 6.14 describes
thecompressive stress-strain data on a fired 90% alumina brick
[6,10]. The specifications of the brick are 91.6% alumina and a cold
crushing strength ranging from 103 to 138 MPa (15,000 to 20,000
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FIGURE 6.13 COMPRESSIVE STRESS-STRAIN DATA ON A
80% ALUMINA BRICK (No. 3)

L

psi). The ambient stress-strain data were only run up to a
compressive stress of just under 50 MPa, less than about haif of the

ultimate crushing strength.

The influence of the 90% alumina content is shown by the
strength at the higher temperatures. Here significant stress-strain
response of the 90% alumina brick is exhibited at 1482°C.

E. Summary
The compressive stress-strain data have been presented for

a range of high-alumina brick products. The following trends are
observed with the range of high-alumina brick examined.
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FIGURE 6.14 COMPRESSIVE STRESS-STRAIN DATA ON A
90% ALUMINA BRICK (No. 3)

The stiffness increases with increasing alumina content.
That is, for a given strain value, the stress increases with increasing
alumina content.

The stress-strain response becomes more significant as the
alumina content increases. The stiffness of the brick increases with
increasing alumina content.

In general, the chemically bonded high-alumina bricks have
more flexibility than the fired high-alumina bricks.

There appears to be other aspects of the high-alumina brick
chemistry that influence the compressive stress-strain response. It is
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too premature to discuss these influences. Lime and alkali content
appear to influence the stress strain response.

A portion of the high-alumina products experienced a
strengthening or stiffening when samples were tested above
22°C. Testing at continuously higher temperatures showed that a
peak strengthening or stiffening was reached, after which the
samples became softer as temperatures increased. This phenomenon
was seen, for example, in the 50% alumina brick Product No. 2.
Although no investigations have been conducted to establish the
cause, it is assumed that the increased temperatures result in either
an increase in the bonding between various materials or an increase
in the material strength.

Finally, the density appears to have a significant influence
on the brick stiffness. As the density increases, the stiffness also
increases.

Compressive stress-strain data on high alumina brick with an
alumina content in excess of 90% were not available at the time of
this writing. It can be expected, however, that as the alumina
content increases to these higher percentages, the strength and
stiffness at higher temperatures will also increase.

VI. MgO-CHROME BASIC BRICK

There is considerably less compressive stress-strain data
available in the literature for basic brick than for high-alumina
brick. However, the following basic brick compressive stress-strain
data provide valuable information in comparing the stiffness of
basic brick with high alumina brick. This type of information is
greatly needed by the user to make judgments and decisions on the
design of the basic refractory lining system.

Four basic brick products are used to illustrate the
compressive stress-strain of MgO basic brick. Three of the basic
products are 60% MgO dead burned basic brick. The fourth is a
chemically bonded 60% MgO basic brick.
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A. 60% MgO Dead Burned Brick Product No. 1

Figure 6.15 describes the compressive stress-strain data on a
60% MgO dead burned (DB) basic brick [13]. The reference does
not cite the product name nor the cold crushing strength. Literature
on other similar basic brick suggests that the cold crushing strength
may range from 28 to 59 MPa (4,000 to 8,500 psi). An interesting
characteristic of the 60% MgO DB brick, when compared to the
previously discussed high alumina brick, is the stiffness of the
subject basic brick for temperatures up to 1300°C. The high-
alumina brick (up to 90% alumina) exhibited loss of stiffness at
temperatures above about 1300 to 1400°C. The basic brick, as
described in Figure 6.15, exhibits stiffness at temperatures of
1300°C equal to the stiffness at room temperature.
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FIGURE 6.15 COMPRESSIVE STRESS-STRAIN DATA ON A
B 60% MgO DIRECT BOND BRICK (No. 1)
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B. 60% MgO DB Brick Product No. 2

The second set of 60% MgO DB basic brick compressive
stress-strain data are described in Figure 6.16 [5]. Just as with No.
1, no cold crushing strength was cited for this basic brick. This
basic brick also exhibits a similar stiffness over the full temperature
range of 22 to 1316°C. At 1316°C, some departure is shown at the
higher levels of compressive stress, where it exhibits a greater
flexibility. It would be expected that the cold crushing strength of
this basic brick should be in the range of 20 to 59 MPa.

C. 60% MgO DB Basic Brick Product No. 3

The third set of 60% MgO DB basic brick product stress-

25
20
155

100

STRESS, MPa

0.0000 0.0005 0.0010 0.0015 0.0020 0.0025 0.0030
STRAIN

FIGURE 6.16 COMPRESSIVE STRESS-STRAIN DATA ON A
60% MgO DIRECT BOND BRICK (No. 2)
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strain data (see Figure 6.17) [4,10], show considerable flexibility at
temperatures in excess of 1316°C. This basic brick is 62.4% MgO
and has a cold crushing strength of 69 MPa (10,000 psi). The room
temperature stress-strain data were only developed up to a
compressive stress of 25 MPa. Similar stiffnesses are seen at the
lower temperature regimes, as in the previous two basic products.
Significant high-temperature stiffness of the product is illustrated by
the 1482°C stress-strain data.

D. 60% MgO Chemically Bonded Basic Brick Product No. 4
The fourth 60% MgO basic brick product is chemically

bonded (see Figure 6.18) [4]. At temperatures of 1093°C and higher,
the subject chemically bonded basic brick has considerably more
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FIGURE 6.17 COMPRESSIVE STRESS-STRAIN DATA ON A
60% MgO DIRECT BOND BRICK (No. 3)
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FIGURE 6.18 COMPRESSIVE STRESS-STRAIN DATA ON A
60% MgO CHEMICALLY BONDED BRICK (No. 4) |

flexibility than the DB basic bricks. The MgO content and cold
cold crushing strength are not identified. The MgO content is
expected to be near that of the previous basic products. The cold
crushing strength is not expected to be above the range of the
previous basic products.

E. Summary

In general, for the same temperature range, the stiffness of
the 60% MgO DB basic brick is greater than the 70% alumina
brick, for alumina contents approaching 90%. The 60% MgO DB
basic brick has similar stiffness at temperatures above 1400°C. This
information has significant impact on the design of alumina and
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basic lining systems.
VII. MgO-CARBON BASIC BRICK

Stress-strain data of MgO-carbon brick is very limited due to
the complexity in conducting the compressive stress-strain tests at
high temperatures, especially above 1000°C where inert nonoxidiz-
ing environments are difficult to maintain. The compressive stress-
strain data [14] for two MgO-carbon products are presented.

A. MgO-Carbon Resin Bond Brick

Figure 6.19 describes the compressive stress-strain data of a
MgO-carbon resin bond brick. This brick has a 20% carbon content
with metal (alumina) additions. The upper temperature limit of the
stress-strain data is 1093°C (2000°F). Both the 22°C and 1093°C
curves have a similar response. Therefore, this product is not
significantly affected by temperature, at least within the 22 to
1093°C range. It is expected, however, that this product would
show softening for the stress-strain data above 1093°C. Compared
to the 60% MgO direct bond and chemically bonded products, this
MgO-carbon brick is fairly soft. As the compressive stress
increases, the inelastic flow also increases.

Comparison of the MgO-carbon resin bond brick with the
previous MgO-chrome direct bond brick (see Figures 6.15 to 6.17)
shows that the MgO-carbon resin bond brick is more flexible,
especially at room temperature.

B. MgO-Carbon Pitch Bond Brick

Figure 6.20 describes the compressive stress-strain data of a
MgO-carbon pitch bond brick. This brick has a 5% carbon content
and does not have any metal additions.

Comparison of the two MgO-carbon bricks (Figures 6.19 and
6.20) indicates that both of these products have similar ranges of
stiffness at the higher temperatures. The 5% carbon brick does
exhibit a greater stiffness at room temperature. Since thermal
expansion reaction forces in vessel linings are not present at room
temperature, the room temperature stress-strain data are of little
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FIGURE 6.19 COMPRESSIVE STRESS-STRAIN DATA ON A
MgO-20% CARBON (PLUS METAL ADDITIONS)
BRICK (NO. 1)

consequence in the lining design, except that it does reflect the
degree of softening as a function of temperature.

C. Summary

Even with state-of-the-art testing equipment, inert
environments cannot be developed for investigating the compressive
stress-strain data on MgO-carbon refractory products. For this
reason the compressive stress-strain data on MgO-carbon products
presented here are limited to 1093°C.

The stiffnesses of both MgO-carbon products (No. 1: resin
bond with metal additions and No. 2: pitch bond) are similar
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IFIGURE 6.20 COMPRESSIVE STRESS-STRAIN DATA ON A
MgO-5% CARBON BRICK PITCH BONDED (NO. 2)

at temperatures up to about 1093°C.

It is expected that both of the mag-carbon products will
continue to soften at higher tempreature since MgQO will soften, as
evidenced in the 60% MgO DB products.

VIII. DOLOMITIC BRICK

Dolomitic brick has continued to gain popularity in many
industrial applications. The following stress-strain data are expected
to provide the necessary information for designing a dolomitic
lining and to optimize the thermomechanical behavior of the
dolomitic lining system. The following stress-strain data [15] are
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for two popular forms of dolomitic brick, direct bonded and resin
bonded.

A. Dolomitic Direct Bonded Brick

The mechanical properties of this form of dolomitic brick are
provided in the manufacturers data sheet [16]. The coefficient of
thermal expansion for this type of refractory brick is 4.1 x
10 mm/mm°C (7.4 x 10° in./in.°F). The compressive stress-strain
data for this dolomitic brick (No. 1) are shown in Figure 6.21. The
strain, for the temperature range of 1093 to 1316°C, is quite
significant for a direct bonded brick.
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FIGURE 6.21 COMPRESSIVE STRESS-STRAIN DATA ON A
DOLOMITE DIRECT BONDED BRICK (NO. 2)
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B. Dolomitic Resin Bonded Brick

The mechanical property of this form of dolomitic brick
(No. 2) is provided in the manufacturer’s data sheet [17]. The
coefficient of thermal expansion for this type of dolomite brick is
3.56 x 10° mm/mm°C (6.4 x 10° in./in.°F). The compressive
stress-strain data for this dolomite brick are described in Figure
6.22. Because of the test limitations, the compressive stress-strain
data could only be evaluated for up to 1093°C. With respect to
stiffness, the resin brick has a more gradual transition from room
temperature up to 1093°C. There is a reversal of stiffness, however,
as shown by the 536 and 816°C data curves. The resin bonded
brick becomes less stiff at 538°C than at 816°C. This may be due to
the temperature-dependent behavior of the resin.
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FIGURE 6.22 COMPRESSIVE STRESS-STRAIN DATA ON A
DOLOMITE RESIN BONDED BRICK (NO. 2)




Static Compressive Stress-Strain Data 155
C. Summary

As with the MgO-carbon brick, the current state-of-the-art
testing equipment limits the stress-strain data of resin bonded brick
to about 1093°C. Most likely, the resin bonded dolomitic brick will
continue to soften at temperatures above 1093°C.

IX. SILICA BRICK

Figures 6.23 and 6.24 describe the compressive stress-strain
data on two different silica brick (18,19). No other mechanical
property data were available for these two silica refractory brick
materials. The silica brick stress-strain data in Figure 6.23 exhibit
considerably more strain range for the 1200°C data curve than at
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FIGURE 6.23 COMPRESSIVE STRESS-STRAIN DATA ON A
SILICA BRICK (NO. 1)
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FIGURE 6.24 COMPRESSIVE STRESS-STRAIN DATA ON A
SILICA BRICK (NO. 2)

the other temperatures. The silica brick data described in Figure
6.24 were developed for temperatures up to 800°C. Neglecting the
1200°C data curve, both silica brick exhibit similar strain ranges.
The silica brick of Figure 6.24, however, exhibits a loss of strength
at 400 and 800°C for the strains in excess of about 0.003 to 0.004.

One interesting phenomenon observed in both silica brick
data is the variation in stiffness above room temperature. The data
in Figure 6.23 reflects an increase in stiffness above the 300°C
temperature and a gradual reduction for temperature above 600 to
900°C. In Figure 6.24, an increase in stiffness is observed
for temperatures above 200°C. Because of the test limitations on
temperature the decrease in stiffness at the high temperature could
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not be identified. Naruse and Hoshind [20] reported a similar trend
in silica brick defined as dense and superdense quality silica brick.
Taking the slopes of the stress-strain data (slope = modulus of
elasticity, MOE) they plotted the MOE as a function of temperature
as shown in Figure 6.25. Their data is in close agreement with the
independent stress-strain data shown in Figures 6.23 and 6.24.

The preceding data imply that there is an intermediate
temperature range in which the silica brick tends to soften.

X. CASTABLES

There is considerably less compressive stress-strain data on

STATIC ELASTIC MOE, GPa

| I,

0 200 400 600 800 1000 1200 1400
TEMPERATURE, (°C)

FIGURE 6.25 HOT MOE FOR SILICA BRICK
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refractory castables than for the various refractory brick. The
following data should provide considerable insight into mechanical
behavior of castables and into the behavior of monolithic lining
systems.

A. Alumina Castable

The following compressive stress-strain data are for a
castable with an alumina content of 57.94%, according to the
manufacturer’s specifications [6]. This castable also has a crushing
strength ranging from 26 to about 55 MPa over the
temperature range of 100 to 1315°C. As in most castable
refractories, there is shrinkage that takes place between the as cast
(wet in mold or green) state in drying and final heated condition.
In some cases, the shrinkage can be significant and will offset the
thermal expansion of the castable. With regard to mechanical
properties, the shrinkage of castables is perhaps one of the
distinguishing differences from those of fired refractory brick.

A most interesting factor that has been included in the
following castable stress-strain data [21] is the influence of the
installation procedure on the stress-strain data. The stress-strain
data in Figure 6.26 are for the vibration cast form of the subject
castable. Note the increased stiffness for the temperature range of
22 to 1093°C when compared to the gunned installation (see Figure
6.27). Basically, the vibration cast-installed castable would be
significantly more dense, or less porous. The density can be
defined as one of the parameters used to rank the stiffness of a
given castable.

The incorporation of steel fibers does not result in an
effective stiffening of the castable. The additional compressive
stress-strain data [21] on the same above castable (vibration cast)
with steel fibers did not differ significantly from those shown in
Figure 6.26. Close comparison shows that the steel fiber addition
causes a slight softening of the castable at temperatures above room
temperature. This is attributed to the difference in thermal
expansion between the steel fibers and the surrounding castable.
The fibers can function properly if there is a shear bond at the
interface of the fiber and castable, as in reinforced structural concrete.
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FIGURE 6.26 COMPRESSIVE STRESS-STRAIN DATA ON A
60% ALUMINA CASTABLE ( VIBRATION CAST )

The heatup temperature results in the fiber expanding more than
the castable, causing deterioration of this shear bond. Most likely
the castable at the two ends of fiber is also crushed. The result is
that local deterioration of the castable may occur in the vicinity of
the fiber ends and the castable surrounding the fiber.

B. 45% Alumina Castable

The following compressive stress-strain data reflect a
chemical influence on the stress-strain behavior of an alumina
castable. Figures 6.28 and 6.29 describe compressive stress-strain
data for a conventional 45% alumina castable and a 45% alumina
low-cement castable, respectively [5]. Even with a low-alumina
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FIGURE 6.27 COMPRESSIVE STRESS-STRAIN DATA ON A
60% ALUMINA CASTABLE (GUNNED )

content, alumina castable can exhibit considerable stiffness with a
low cement content. Exclusive of cement content, the percent
alumina is expected to influence the stiffness of the alumina
castable. In general, the higher the percent alumina, the stiffer the
alumina castable. Comparison of the low-cement 45% alumina
castable data (Figure 6.29) with the gunned 60% alumina castable
(Figure 6.27) reflects the influence of the cement content.

C. Low Cement 70% Alumina Castable

The compressive stress-strain data on a low-cement 70%
alumina castable (normal casting procedure) are described in Figure
6.30 [5]. According to the manufacturer’s data sheet [22], this
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FIGURE 6.28 COMPRESSIVE STRESS-STRAIN DATA ON A
CONVENTIONAL 45% ALUMINA CASTABLE
(NORMAL CASTING PROCEDURE )

castable has a cold crushing strength ranging from 41 to 47 MPa at
room temperature. Comparing this low-cement 70% castable with
the low-cement 45% castable (see Figure 6.29) shows the higher
alumina content can have a significant influence on the castable
stress-strain behavior. The percentage of cement content for these
low-cement castables has not been determined here.

D. 94% Alumina Castable

The compressive stress-strain behavior of a 94% alumina
castable is shown in Figure 6.31. The comparison of the stiffness
of this conventional 94% alumina castable with a conventional 45%
alumina (see Figure 6.28) shows the impact of the alumina content.
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FIGURE 6.29 COMPRESSIVE STRESS-STRAIN DATA ON A
LOW CEMENT 45% ALUMINA CASTABLE
L (NORMAL CASTING PROCEDURE)

According to the manufacturer’s data sheet [2], this castable has a
cold crushing strength (after drying at 110°C) of about 58 MPa. It
should also be noted that the 94% castable has a significant strain
range for temperatures above 1093°C.

E. 98% Alumina Castable

Figure 6.32 describes the compressive stress-strain data on a
98% alumina castable [22]. The manufacturer’s data sheet
describes a cold crushing strength for this castable that ranges from
35 to 41 MPa. Note that significant stiffness and strain range is
exhibited at temperatures above 1370°C.
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FIGURE 6.30 COMPRESSIVE STRESS-STRAIN DATA ON A
LOW CEMENT 70 % ALUMINA CASTABLE
(NORMAL CASTING PROCEDURE)

F. Summary

Unlike the refractory brick, the refractory castable is
basically manufactured (installed) at the sight of the process vessel.
In some instances castable shapes can be installed at the
manufacturer’s plant sight. The density of the refractory brick is
controlled by the brick press. The brick press is typically a
mechanical press. In some instances they are hydraulic or friction
types. Therefore, the brick is made at a controlled density [23].
The castable, on the other hand, can have a variation in density
based on the installation method.

The chemistry of castables has a significant influence on the
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FIGURE 6.31 COMPRESSIVE STRESS-STRAIN DATA ON A
CONVENTIONAL 94% ALUMINA CASTABLE
(NORMAL CASTING PROCEDURE)

stress-strain behavior. Typically, the lower the cement content of
alumina castables, the greater the stiffness; and the higher the
alumina content, the greater the stiffness.

The addition of steel fibers to a castable does not have
a significant influence on the stiffness of the castables. The steel
fibers (either carbon or stainless steel) expand to a greater degree
than the castable, causing a highly localized deterioration of the
castable. As a result most test data show that the use of steel fibers
tends to reduce the strength at high operating temperatures [24],
while increasing the strength at lower temperatures.
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FIGURE 6.32 COMPRESSIVE STRESS-STRAIN DATA ON A
VIBRATION CAST 98% ALUMINA CASTABLE

XI. MATHEMATICAL DEFINITIONS OF THE
STRESS-STRAIN RELATIONSHIP

As previously discussed in Chapter 3, considerable work has
been conducted on structural concrete in defining the stress-strain
behavior, strength behavior and other relationships related to how
concrete materials behave. The following discussion addresses the
various mathematical forms used to quantify the stress-strain
relationships for structural concrete. The limitation on this
information is the lack of temperature dependency.

The use of an equation form of the stress-strain data is most
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applicable for computer analysis of refractory lining systems. The
stress-strain data from laboratory tests are also used for computer
analysis. Some structural computer programs require a definition of
parameters taken from the stress-strain data sheets such as the initial
tangent modulus. Some computer programs require the stress-strain
data in equation form.

One form of mathematical definition [25] of the stress-strain
relation for structural concrete is of the dimensionless form:

y =mx/{ 1+ [m-(n/n-1)]x+x(n-1)} (6.2)

where y = f/f’, the ratio of the concrete compressive stress to the
ultimate strength; x = €_/ €, the ratio of the concrete strain to the
strain at y = 1 ( the ultimate strain) ; m = E_ / Es, the ratio of the
initial tangent modulus to the secant modulus at y = 1 (at ultimate
stress); and n is a factor to control the steepness rate for the
descending portions of the stress-strain relation. As the strain
increases in the descending portion of the stress-strain curve, m
controls the slope of the descent. Figure 6.33 describes the stress-
strain relation for a concrete material using Equation 6.2.

Concrete stress-strain has been expressed in the following
form as [26]:

f.=(A€e,+Be}/(1+Ce +De?) (6.3)
where the stress-strain data are expressed as the ratio of the two
quadradics. The constants A, B, C and D are determined from a
curve fit of the test data. Using Popovic’s [27] suggested
definitions, the parameters m and n for equation 6.2 are defined as
[25]:

m=1+179/f, (6.4)
n=1{/668 -1.85 >1 (6.5)

Substituting into Equation 6.2, the resulting stress-strain curve,
as described in Figure 6.33, is obtained for concretes with a range
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FIGURE 6.33 NONDIMENSIONAL COMPRESSIVE STRESS-
STRAIN RELATION OF CONCRETE

of f'.. The Equation 6.2 formulation agrees well with forms defined
by Wang and Popovics. Equations 6.4 and 6.5 are in MPa units.

Another form of compressive stress-strain relationship for
structural concrete is described as [28]:

fo= €E, [{1+[(E [E)-2][e./€.]+[e. /€ T} (66

[4

where the ultimate strain (€°) is:

€ = (315 - {f }*B)F, x 10%)°% 6.7)
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Equation 6.6 (see Figure 6.34) is not applicable for values of EJ/E,
greater than 0.5 (or EJEless than 2). That is, if Eg is of
suffient magnitude that it is greater than half the value of E, the
curve is not considered to be significantly nonlinear and Equation
6.6 is not applicable. Equation 6.7 is in psi units.

These formulations were modified for application to castable
refractory by accounting for the influence of temperature [29]. For
the linear stress-strain behavior (typical at lower temperature and
lower strains), the following equation was used:

Ife /€', < 2-EJEs thenuse f. =E €,

Beyond the linear stress-strain range (usually at higher strains and

-
fe | — EQUATION 6.6

FIGURE 6.34 COMPRESSIVE STRESS-STRAIN
FORMULATION FOR CONCRETE
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higher temperatures) if €,/ €. > 2 -E,/Eg then use Equation
6.6.

For the castables, the initial tangent modulus (E,) decreased
with increasing temperature. To account for the temperature effects,
the tangent modulus was modified as:

E,=Eg{1+A[e™T7 1] (6.8)

where E; is the initial tangent modulus at room temperature. The
constants A and B are obtained by a curve fit of the data.
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Creep Data

I. INTRODUCTION

The term creep has often been used in the literature to identify
the time-dependent straining of refractories or other materials in
general. There are two tests to evaluate or quantify the time
dependent straining. They are the creep test and the relaxation test.
The creep test is basically a time-dependent stress-controlled
loading test, while the relaxation test is a time-dependent strain-
controlled loading test. More details regarding these two tests will
be discussed later in this chapter. However, for the purposes of the
following discussion, the term creep will be used, unless otherwise
specified, as a term to identify the time-dependent straining of
refractories.

Creep of refractories is another mechanical material property
that plays an important role in understanding the structural behavior
of the refractory lining system. The previously discussed
compressive stress-strain data are used in the structural analysis to

173
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evaluate the instantaneous analysis or time-independent behavior of
the refractory structure.

I1. BACKGROUND

Refractory creep increases at high temperatures. The creep
threshold temperature, or the temperature at which refractory creep
should be considered, varies among the various types of
refractories. In many cases, refractory linings, such as those used in
cylindrical vessels, are exposed to a through-thickness temperature
gradient. Only a small region on the hotface side of the lining is
exposed to temperatures at which creep is significant. If one is
evaluating the total thermal expansion interaction between the
refractory lining and support structure, neglecting this small hotface
region of creep may not result in a significant error in the solution.
The reason is that this region has already been significantly
deformed by the instantaneous plastic straining. Also, this region is
typically very small and the resulting total expansion force in this
hotface region is quite small compared to the remainder of the
lining expansion force. Also, if one is evaluating the greatest
expansion force interaction between the lining and support structure,
the greatest forces will be with the instantaneous analysis results.
Inclusion of the creep behavior will result in a relaxation of the
hotface refractory material and a lesser expansion force. Again,
however, the degree of the total reduction of the thermal expansion
force can be quite small when creep is considered. If the
investigative effort is to evaluate the stress-strain behavior of the
local hotface region of the lining system, then the creep behavior of
the refractory lining material should be included in the structural
analysis.

One additional consideration should be made in using the
available refractory creep data. As previously discussed, most of
the creep data have been developed at low compressive stress
levels, considerably less than the compressive stress levels
experienced in actual lining systems. There is a concern over
applying these creep data to lining refractories that are developing
significantly higher compressive expansion stress.

Just as with the development of the compressive stress-strain
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data presented in Chapter 6, the creep data were developed by
several testing laboratories. The laboratories include refractory
companies, independent laboratories and universities. Considerably
more creep studies have been conducted than compressive stress-
strain studies.

The objective of this chapter is not to rate or rank the
refractory materials presented with regard to strength or other
aspects associated with the refractory life, but rather to provide
insight into those interested in creep deformations that occur in
refractories in order to aid in designing better refractory lining
systems.

III. CREEP RESPONSE OF A REFRACTORY
LINING STRUCTURE WHEN SUBJECTED
TO STRESS-CONTROLLED AND
STRAIN-CONTROLLED LOADINGS

Typical examples were previously provided with regard to the
use of compressive stress-strain data associated with stress-
controlled and strain-controlled loadings. The following simplified
examples will demonstrate the influence of creep on a refractory
lining subjected to stress-controlled and strain-controlled loadings.
The examples used here are similar to those used in Chapter 5.
However, they serve to show the role of the load type on the creep
response of the refractory structure.

The creep response of refractory materials has been expressed
in different equation forms. One popular form [1-4] of the creep
equation, defining the total percent of creep strain (€), is:

€, =e t"c° e (7.1)

where a, b and ¢ are constants unique to the refractory material
under consideration, e is the constant 2.71828 . . ., t is the time
period of interest, o is the applied stress, Q is the activation energy,
P is the gas constant and T is the absolute temperature.

Another popular form of the creep equation is [5-10]:
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€ =etg e (7.2)

or:
€.= Af(s) t o°e¥™" (7.3)

where A and f(s) are constants unique to the material under
consideration. f(s) is defined as a structure term.

Basically, all three equation forms are similar. The constant
terms e®, A and f(s) are constant terms that do not vary with time.
The definition of time term in equation Equation 7.1, t°, can have b
= 1 in which the time is linear.

Figure 7.1 describes the total creep strain that would occur in a
refractory material subjected to a constant load F. € is the initial
strain that occurs due to the time-independent displacement of the
material. €  is a combination of the elastic and plastic deformation
due to the applied load. This initial strain would be determined by
the compressive stress-strain curve, as illustrated in Chapter 6. The
initial strain is defined as:

€, = F/AE (7.4)

The creep strain is obtained by substituting the applied stress, the
material constants and the elapsed time (at = t-t) into Equation
7.1. Note that the applied loading is constant for the elapsed time
under consideration. The creep response of materials is sometimes
expressed as two parts, primary (or initial) creep strain (€,,)
followed by secondary creep strains (€,). The primary creep and
secondary creep strain are typically expressed by separate and
distinct equations. Usually primary creep becomes negligible after
a short time period into the time-dependent response of the material.
This initial straining is represented by the initial non-linear curve of
creep strain versus time. The secondary creep strain typically
continues to increase linearly as a function of time. During the
final stages of creep when the material begins to fail because of
excessive creep, the creep response becomes more accelerated.
This final stage of creep is called tertiary creep.
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In some cases investigators of refractory creep have shown the
initial creep to be quite small and insignificant. Other investigators
have shown the secondary creep to be non-linear. Our purpose here
is not to interpret or question the creep data results, but rather to
present the data of these investigations. If the refractory user
desires to include the creep response of his refractory materials
under consideration, it would be a prudent design procedure to
request creep data for the materials under consideration from the
refractory manufacturer.
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A. Creep Response of a Refractory Lining System Subjected
to a Stress Controlled Loading

The stress-controlled loading on a refractory lining structure, as
previously discussed, implies that the internal equilibrating stress
can be defined by using only the structure geometry. In the case of
our simplified example, the geometry is the cross-sectional area A,
illustrated in Figure 7.1.

The use of Figure 7.1, which illustrates the results of a creep
test under constant load, is also used to illustrate the concept of a
refractory lining system exposed to a stress-controlled loading
because the creep test is a stress-controlled load test. In this
example, to illustrate the creep effects of a stress-controlled load,
the load is assumed to be constant during the time interval under
consideration. This assumption is quite compatible with the concept
of a gravity load (a stress-controlled loading) imposed on a
refractory structure. It can be concluded that the creep strain
continues to increase in time for a stress-controlled loading. As
previously discussed, stress controlled loadings are typically quite
small. Therefore, the total creep strain rate can also be small.

In refractory systems where large stacks of refractory shapes
are used, creep analysis is conducted to evaluate the total creep
subsidence due to gravity loading. Typically, the calculations are
quite simple and similar in nature to those defined in the previous
example. The refractory block weight is known as well as the time
period under consideration. The refractory manufacturer can most
likely define the creep equation for the material of interest. If the
temperature environment is fairly constant with time, then the
evaluation of the total creep strain is quite straightforward.

In summary, for a lining exposed to a stress-controlled loading,
the creep strain will continue to increase in time. There are some
exceptions, but typically the stress-controlled load is constant in
time causing the creep strain to continuously increase in time.

Also, the stress-controlled loads are quite low which means that
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the creep rate is quite low. It would take a significant amount of
time to reach any significant total creep deformation.

If long time periods are considered in the creep analysis for the
stress-controlled load condition, quite often only the secondary
creep equation is used. When comparing the amount of primary
creep deformations to the secondary creep deformations for long
time periods (years of time), the primary creep deformations are
often insignificant.

B. The Creep Response of a Refractory Lining System Subjected
to a Strain-Controlled Loading

The strain-controlled loading on a refractory lining structure, as
previously discussed, implies an imposed strain. As in the example
of Chapter 2, this simplified example is assumed to be totally
restrained. Also as in Chapter 2, it is assumed the lining is heated
from an ambient temperature T, to an operating temperature T,
within a very short time period. The instantaneous thermal strain
(€g) imposed on the lining is:

€ = o(Ty - T,) (7.5)

where a is the coefficient of thermal expansion. For the purposes of
this discussion, it is assumed that the lining is heated to a
temperature T in a rapid manner such that no significant creep
occurs during heatup. This assumption is necessary in order to
describe an idealized creep response of the lining. The idealized
creep behavior serves to better define the actual creep response.
The lining is then assumed to be held at the T temperature.

The creep response of a lining exposed to a strain-controlled
loading differs considerably from that of the lining subjected to a
stress-controlled loading. First, the magnitude of the instantaneous
stress (Spo, see Figure 7.2) is a function of the instantaneous
compressive stress-strain data described as:

Sro = E€go (7.6)
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E is the modulus of elasticity, taken as the slope of the compressive
stress-strain curve at the temperature Ty and for the thermal strain
of €y, ( see Equation 7.5).

As illustrated in Figure 7.2, the imposed strain is constant with
respect to time, while the stress decays or relaxes with respect to
time. The creep response of the lining with a strain-controlled
loading is basically the reciprocal of the lining with a stress-
controlled loading. It can be assumed that for an extremely long
time period (or infinite time), the stress will decrease to a zero
value and that the total creep strain (€, will be equal to the
imposed strain:

€. = €po 7.7

The strain-controlled loading results in a reciprocal creep
response. The solution for the constant strain material response is
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the reciprocal of the creep response. The dependent variable is
stress and defined as:

o, = €, (ee Tyl (7.8)

The time-dependent response of materials is occasionally
measured by a relaxation test. The relaxation test is the reciprocal
of the creep test in that the strain is constant in the relaxation test,
while the stress is constant in the creep test. In most cases, the
creep test is a more economical and usually less complicated test to
conduct. The relaxation creep test can also be defined as a strain-
controlled loading test.

In summary, the refractory lining with a strain-controlled
loading results in an upper limit of total creep strain equal to the
initial imposed thermal strain.  Also, for the strain-controlled
loading, the stress will decrease in time and ultimately become zero
when all of the imposed strain is relaxed by creep.

The strain-controlled loading on a refractory structure in
combination with time-dependent straining results in a limited
amount of creep strains within the lining system. For an assumed
infinite time period, the maximum creep strain will be equal to the
restrained portion of the imposed thermal strains.

IV. EXAMINING THE CREEP EQUATIONS

To better understand the creep equation in predicting creep
strain, the various parts of the creep equation are examined here.
Typical values are used for the various creep equation parameters.
The creep equation parameters are defined here as a, b, ¢, A and
f(s). The influence of the stress ¢ and temperature T on creep
straining is also examined. The purpose here is to provide insight
into sensitivity of each portion of the creep equation with regard to
the amount of predicted creep strain.

It should be noted that the methodology of defining the time-
independent stress-strain material properties (static compressive
stress-strain data) and the time-dependent stress-strain material
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properties (creep data) is done in basically two different ways. The
static compressive stress-strain data are typically presented in the
form of data curves at selected temperatures. In some cases, an
algebraic equation is used to define each static compressive stress-
strain curve. This form of data presentation was done for some of
the initial stress-strain data in Chapter 6. In most cases, however,
the form used to present the static compressive stress-strain data is
data curves.

Creep data, on the other hand, is in most cases presented in
equation form in which the constants of the equation are presented.
In some cases, the total creep deformations are presented as a result
of the test results. However, in order to apply the creep data, the
creep equation form and the creep equation constants must be
defined, simply because the use of computer models requires the
use of a creep equation. In the case of the static compressive
stress-strain data, computer modeling in most cases uses a bilinear
or multilinear formulation of the actual stress-strain curve.

A. The Stress Exponent ¢

The stress exponent c is examined here to evaluate the impact
of this constant on the creep equation’s prediction of creep strain.

Based on various investigators, the stress exponent ¢ can vary
from 0.3 to nearly 2.0. For the purpose of this discussion, the
period is arbitrarily set at 8,500 hours, or approximately one year
(354 days). The remainder of the creep parameters for the equation
form of 7.1 were set at the following values [3]:

a =510

b = 0.40

Q = 34 kcal/mole

P = 0.0011036

T = 3260°R (2800°F)

Note that the temperature T is in degrees Rankine (*R) in the creep
equation. The stress is set at 5 psi (0.0345 MPa). The units
defined in the following discussion on creep are those reported by
the various investigators.
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The results of using a range of ¢ values is described in Figure
7.3. The value of ¢ = 0.9 was used by the investigator [3]. The
investigator’s analysis was carried out to about 600 hours, in which
a total creep deformation of 5% was achieved. This was replicated
for the time of 600 hours shown in Figure 7.3. The total creep
deformation of about 30% is reached in 8,500 hours for ¢ = 0.9.
The refractory would most likely fail at a much lower amount of
creep deformation. When the ¢ parameter is reduced to 0.3, a much
lower creep deformation occurs (about 11% at 8,500 hours). The
characteristics of the materials determine the value of ¢ and the
value of the other parameters of the material being tested. The
purpose here is to reflect on the ¢ value influence on creep. In
most cases, the material with the least amount of creep is desired.
Therefore, a refractory material with a low ¢ value would be
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chosen (assuming other parameters are equal), since a low ¢ value
results in less creep deformation.

For a constant stress, the ¢ parameter does not influence the
shape of the creep deformation curve. As shown in Figure 7.3, the
¢ parameter is basically a parameter that controls the magnitude, or
the influence of the stress, in causing creep deformation. For
example with ¢ = 1, the value of ¢° for this example is (using stress
equal to 5 psi):

50'=5.0
At the lower range of ¢ = 0.3, the value of ¢° is:
5.0 = 1.62

Therefore, the effectiveness of the applied stress is governed by
the creep stress exponent c¢. For a stress of 5 psi, the exponent ¢ of
0.3 reduces the effectiveness of the creep stress to:

(1.62/5)(100) = 32.4%

of the full value of stress (¢ = 1.0). As the ¢ exponent decreases,
likewise the effectiveness of the creep stress to cause creep also
decreases, assuming a constant value of stress. The c¢ value can
also be said to reflect the resistance of the material against creep
deformation.

Figure 7.4 describes the impact of an increasing creep stress for
two different values of the creep stress exponent c. At the stress
level of 5 psi, the creep stress effectiveness is reduced to 32.4% in
going from ¢ = 1.0 to ¢ = 0.3, as defined above. At a stress level
of 2,000 psi, the effectiveness of the creep stress is reduced to:

(2000°3/2000™%)(100) = 0.49%
As the creep stress increases, the material becomes increasingly

resistant to creep straining when compared to the full value of stress
(c = 1.0).
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B. The Constants e® and Af(s)

The constants e* and Af(s) affect the amount of creep
deformation just as the stress exponent ¢ does. When the constants
e® or Af(s) are increased in value, the amount of creep deformation
is increased in a direct proportional manner. This discussion
addresses the relationship between the exponent a and the value of
Af(s). The constant e is the natural log base and is defined as
2.718281828 . . . .Various investigations define an a value that
ranges from a minimum of 1.0 to a maximum value of about 45.
Therefore, the constant a has a much greater range in magnitude
than the stress exponent c.
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As previously discussed, both the e® and the Af(s) constants are
similar in that they are independent of time. Figure 7.5 describes
the relationship between a and e°. Since €° is equal to Af(s), the
exponent a can also be related to the value Af(s). The material
investigators may not agree that these constants are similar. But in
terms of the mathematical usage of these constants, they are similar.
Figure 7.5 shows a significant increase in the value of e* when the
exponent a is increased from a value of 4 up to a value of 11. That
is:

e =54.60
e'' =59.874.14

Therefore, the a constant has a profound influence on the magnitude
of creep strain predicted by the creep equation. Figure 7.6 describes
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the value of e* for the range of 11 to 18 over a constant a. The
value of e* for a value of a equal to 11 indicates a value of
about 6 x 10’. This is similar in magnitude to the value of Af{(s)
reported by investigators of creep. The plotting of the relationship
between a and e” using a linear scale is somewhat cumbersome as
illustrated in figures 7.5 and 7.6. Using a log scale for e values
provides more insight into the relationship between a and e®, as
shown in Figure 7.7. Figure 7.7 provides additional insight into the
impact of the exponent a in the prediction of creep strain.

C. The Time Exponent Constant b

The time exponent constant b can vary from minimum values
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of 0.4 to a maximum value of 1.0 according to investigators.

Therefore, when comparing the range of the exponents a, b and
c, the time exponent b has the least range. Just as with the stress
exponent, the lower the value of the exponent b, the less creep
strain there is for a given range of time, all other creep parameters
being equal.

Figure 7.8 describes the influence of the time exponent b in
predicting the creep strain. As shown here, the lower value of b
reflects a time-hardening effect. That is, as this exponent b
decreases, the material is less susceptible to the effect of time in
causing creep. Figure 7.8 is for the time span of 0 to 250 hours.
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Figure 7.9 reflects the effect of time for the time range of 0 to
8,750 hours (about 1 year). The influence of the exponent b can be
expressed for the two extreme values for b: 1.0 and 0.30. At 250
hours:

(250°%°/250"%(100) = 2.10%
At 8,750 hours:
(8,750°%°/8,750'%)(100) = 0.17%

Therefore, as time increases, the lower-valued b exponent has a
more significant influence in reducing the creep strain. It can also
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be concluded that the time-hardening effect in reducing creep
strain becomes more pronounced.

D. The Influence of Temperature

The last element of the creep equation that will be examined
is temperature. The temperature is typically expressed as an
absolute temperature in degrees Rankine (°F + 460) or Kelvin (°C
+ 273). The temperature term of the creep equation, e ¥*", has the
absolute temperature in the denominator of the e exponent. The e
constant is the natural log base, just as for the leading term e® in the
creep equation. The Q constant is the activation energy and the P
constant is the universal gas constant. The universal gas constant
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can be expressed in many ways, as illustrated in Table I. The units
of the activation energy Q, the universal gas constant P, and the
absolute temperature T must be consistent.

Materials investigators have documented values of Q ranging
from 19 to about 140 kcal/mole for the various types of refractories.
The impact on the Q value, assuming a constant temperature
3260°R (2800°F), is examined in Figures 7.10 and 7.11. The
value of R, associated with the units for Q, is 0.0011036 kcal/mole
K. As the value of Q increases, the magnitude of e ¥*" decreases.
Also, as the value of Q increases, a greater difference exists
between the two temperatures chosen in this example. The lower
the temperature, the greater the decrease in e 9*" with the increasing
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Q value. That is, as the value of Q increases, the amount of creep
decreases. As the temperature decreases, the creep decreases. The
later observation is, most likely, intuitive and obvious for most
users of refractories and other materials.

E. Summary

Hopefully, the examination of the creep equation parameters
has provided more insight into their influence on the amount of
creep. If creep data are to be used, they should be verified by
testing the refractory in question or at least substantiated in some
scientific manner.
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Table 1

Universal Gas Constant P

VALUE UNITS
1.987 BTU/Ib mole ‘R
1.987 Cal/mole °K*
0.0011036 k cal/mole R*
8.315 kJ/mole “K*
8.315x10’ ergs/mole K
1545 ft 1b/lb mole ‘R
533 ft Ib/Ib°R
287 T/kg'K
8.205x10 m’atm/kmole K

8.314x10°

m’bar/kmole K

*Unaits typically us

in literature.

V. DEFINITION OF CREEP CONSTANTS

The previous sections defined the influence of the various
creep equation constants as applied to the creep equations shown in
Equations 7.1, 7.2 and 7.3.

A summary of refractory creep investigators is provided
in Table II. In most cases the refractories have been tested at very
low stress levels. In one instance the creep test was conducted at
2,000 psi (14 MPa). In most instances, the low level creep data did
not exhibit significant creep straining at temperatures below about
1100°C (2000°F). However, the use of this low stress level creep
data for higher stress applications is questionable.
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TABLE II

Creep Equation Parameters
for Creep Equations in the Form of Equations 7.1, 7.2, and 7.3

Type of Creep Equation Constants Test Units Ref.

Refractory [ Af(s)| b c Q T |Stress No.
x 107 x 10°

Fireclay, 1.12 |1 1 .19 |K 0 Q=cal/mole |6

superduty  |(12) % to R=cal/K

60% AL,O, [7.83 |1 1 72 100 = 1978

Brick ) “ psi  |€ = %fhr.

65%ALO, |6.83 |1 1 |96 t= hr

Brick (8) 4)

Mullite 3.92 1 1 9.3

Brick (8) (4

Fireclay 3.0 1 1 425 *|R 28 il

Brick 9 4) psi

70%AL0, [2.32 |1 1 5.82 * €.=in./in./hr

Brick 9 4)

70%AL0O, [2.32 |1 1 5.78 *

Brick 9) )

60%AL0, (1.0l |1 1 [400~

Brick 5 @

90% AlL,O, (855 |1 1.68 [4.10 (R 3,000 (Q=kcal/mole |7

Castable (-5) 1) psi

90% AlLO, (3.34 |1 1 1.47

Castable (14) 2)

90% ALO, [2.42 |1 1.7 |1.71 |[K  |13.8 |Q=K/mole |8

Castable (-11) 2) MPa

Mag Cr 2.5 0.80 |1 35 K 2-4 Q=kI/mole |5

Brick,D.B. ((5) (5) MN/m? |R=8.315kJ/

mole K

Note: Exponent n for the Af(s) and Q terms shown in parentheses. Units for
temperature in Rankine (R) or Kelvin (K).

* Constants shown for ratio of Q/R.

** Personal notes.
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TABLE 1I (Continued )

Creep Equation Parameters
for Creep Equations in the Form of Equations 7.1, 7.2 and 7.3

195

Type of Creep Equation Constants Test Units Ref.
Refractory a b c Q T |Stress No.
60% MgO |7.80 [0.65 |0.85 [49 |R 20 psi |Q=kcal/mole |4
Brick,D.B.

MgO -4.60 [0.60 [1.40 [19 R=0.0011036
Brick,D.B. kcal/mole R
MgO 2.10 |0.55 [1.30 |34

Brick,D.B. €= %

MgO 22.10 [0.30 [0.90 |81 t= hr
Brick,C.B.

50% ALO, [8.8° [0.50 [0.75 |41 |R 28-57 €= % 1
Brick psi Q = kcal/mole
70%AL,0, [34.20 [0.65 [1.15 [132 14-57 |t=hr

80%ALO, |22.15 |0.80 [0.85 |91 28.57 |Kkcal/mole R
Brick psi

93%MgO [15.65 [0.40 [0.30 |71 |R l4to |Q=kcal/mole |2
Brick,D.B. 57 psi

98%MgO |1.30 [0.55 [0.35 |22 R=0.0011036
Brick,C.B. keal/mole R
95%MgO [5.10 |0.70 [0.50 |34

Brick,D.B. €= %
92%MgO |5.30 [0.65 [0.60 |31 = hr

Brick,D.B.

50%MgO [10.85 [0.55 [0.75 |57

Brick,D.B.

44%MgO  [12.85 [0.60 |0.95 |61

Brick,D.B.

21%MgO [41.45 [0.55 [0.80 |[141

Brick,C.B.
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VI. OTHER FORMS OF THE CREEP EQUATION

Other forms of refractory creep equations have been
developed to quantify creep [12-14]. They are:

€= At”

where € is the total creep strain, A is a function of stress (o)
and temperature (T), t is time and m is the time exponent. The
creep rate is defined as:

de/dt = mAmet - ™
in which the creep rate is a function of the creep strain.
Another form of a refractory creep equation is [14]:
€ =€ T + [1-e]

where € is the steady-state (or secondary) creep strain rate, €, is
the total primary creep strain, and JK is an empirical time constant.

VII. SUMMARY

The time-dependent response of a refractory material can be
measured by two test methods: the creep test and the relaxation test.
Typically, the creep test is the first choice among most investigators
because of lesser cost and effort. Also, the form of the creep test
equation, with the creep strain being the dependent variable, is
compatible with the equation form used in most current structural
computer programs.

With regard to load types and creep of refractory lining
systems, the stress-controlled loading, in combination with time-
dependent creep straining of refractories, results in an unlimited
accumulation of creep strains within the lining system. Typically,
however, the stress-controlled loads are small, resulting in small
accumulations of creep strain.
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The creep data provided in Table II were, in most cases,
developed for very low stress levels, considerably less than the
stress levels experienced in actual vessel linings. As a result the
use of this data for vessel lining investigations is questionable. The
low levels of creep stress used in the creep test implies a need for
creep tests at stress levels normally encountered in vessel lining
systems.
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Thermomechanical Aspects
of Joints

I. INTRODUCTION

The joint compressive stress-strain behavior is an inherent part
of defining the compressive stress-strain behavior of refractory
shapes. The more joints the lining has, the greater the influence the
joints will have on the lining behavior.

Joints may be either mortared joints or dry (unmortared) joints.
In either case, the stress-strain behavior of the joint interface differs
considerably from the stress-strain behavior of the parent refractory
material.

The primary emphasis here will be on the compressive stress-
strain behavior of the joint. The joint cannot not develop
significant tensile load. For this reason, the joint will separate
under tensile loading.

199
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The joint is a non-linear structural mechanism of the refractory
lining system. The compressive stress-strain behavior is non-linear,
even at low temperatures. The joint is also non-linear with respect
to the joint contact area. When the lining is installed all joints are
in full contact, or at least construction and installation methods
attempt to make all joints have full contact. However, when the
lining production loading (operating pressure and heatup temperature)
is displaced, some joints may partially open. More details on joint
opening behavior are provided in Chapter 9.

Joints (either mortared or unmortared) cannot resist significant
tensile loading. Since the compressive loading is the significant
loading, the objective here is to provide the refractory user with
information regarding the compressive stress-strain behavior of
mortared and unmortared joints. With an understanding of the joint
behavior, better longer-life lining systems can be designed by the
user. With increased awareness of joint behavior, better lining
designs can also be provided by the refractory manufacturer.

One of the beneficial aspects of joints is their expansion
allowance behavior [1-5]. The joint tends to compress more than
the parent material, effectively reducing the total stiffness of the
lining system. This aspect of joints is especially helpful for
refractory materials that have a high coefficient of thermal
expansion and are also very stiff. One undesirable aspect of joints
is that they allow deleterious chemicals of the process to penetrate
the lining. These chemicals can accelerate the lining deterioration
in the region of the joint.

I1. BACKGROUND

The compressive behavior of a joint has a profound influence
on the total structural behavior of a lining system. The test data on
the compressive stress-strain behavior of both types of joints are
limited to a few published test results. However, these results show
that when subjected to compressive loading, the joint stress-strain
curve is not linear. Also, the joint is considerably more flexible
than the parent refractory shape. Additionally, the mortar joint
compressibility does not increase in a linearly proportional manner
with the joint thickness.
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The joint test data described in the following discussions were
obtained from investigations on refractory lining joint systems and
from structural masonry mortar joint systems. A considerable
amount of investigative work has been conducted on the thicker
structural masonry mortar joint. These later test results provide
significant insight into the behavior of mortar joints and assist in a
better understanding of the refractory lining mortar joint.

III. REFRACTORY MORTAR JOINT
FUNDAMENTALS

The most fundamental elements of a mortar joint are described
in Figure 8.1. The fundamental parameters are the thickness of the
brick (t,), in which all bricks are assumed of equal thickness, the

to

tm

tm

FIGURE 8.1 FUNDAMENTAL MORTAR JOINT DEFINITIONS
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mortar joint thickness (t,), the modulus of elasticity (MOE) of the
brick (E,), and the MOE of the mortar (E,). The basic
assumption is that the brick and mortar materials behave in a linear
elastic manner.

A. Mortar Joint Properties

With the information as defined above, the MOE of the mortar
can be determined using static compressive stress-strain data
developed on core-drilled samples with a mortar joint. The mortar
MOE is quite useful for evaluating the effective expansion forces of
the lining with mortar joints. The following is a method of
determining the MOE of the mortar.

Let us first introduce a very basic mathematical definition of
the brick/mortar joint behavior. The compressibility of the brick
when subjected to an arbitrary compressive load P, is:

dt, = Pt/AE, (8.1)

where the cross-sectional area of both the brick and mortar is
defined as A . Assuming a unit cross-sectional area:

dt, = Pt./E, (8.2)
Similarly, the mortar joint will compress by amount at,, defined as:
dt, = Pt,JE, (8.3)

The composite material with an MOE of E_, is assumed to
compress the same amount as the brick and mortar, or:

dtyy = P(ty + ')y, 8.4)

Typically, the test sample length for the composite system is the
same as the brick sample length. Therefore,

=t + U,

Setting Equation 8.4 equal to Equations 8.2 plus 8.3:
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Py/Eps = Py/E, * P/,

Canceling similar terms and rearranging to evaluate E :

E, = EEytu/to(E, - Enp) (8.5)

Often when static compressive tests are conducted on brick
products, the tests use whole core-drilled brick samples and core-
drilled split samples with a mortar joint of a defined thickness (t,).
With this data, all of the parameters of Equation 8.5 can be
determined. The mortar material cannot be tested using core
samples made of only mortar. The static compressive stress-strain
data on all mortar samples usually underpredict the effective
stiffness of the mortar material. The reason is that the mortar
material is confined in the mortar joint, prohibiting inelastic flow of
the mortar material when subjected to the compressive loading.
The mortar constrained in the mortar joint is much stiffer, due to
the joint restraint, than the stiffness values predicted using pure
mortar samples.

Sample A Data

Static compressive stress-strain data on a 70% alumina brick
and the 70% alumina brick with mortar joints are described in
Figure 8.2 [5,6]. This mortar joint test data will be called Sample
A data. The whole core-drilled samples of the 70% alumina brick
are shown as the solid data curves. The mortar joint split core
drilled samples are shown as the dashed data curves. All of the
core samples were 64 mm (2.5 in.) in diameter. In both the whole
and split mortar joint samples, the strain was measured over a 50-
mm (2-in.) mid-length of the 102-mm (4-in.) long samples. In the
mortar joint samples, the mortar joint was 1.59 mm (1/16 in.) thick.
The mortar was a phos-bond type.

The following calculations are used to demonstrate the
usefulness of the static compressive stress-strain data in evaluating
the mortar MOE. The dashed curves represent the split core-drilled
brick/mortar joint behavior for the dimensions defined. For the
purposes of this demonstration, the mortar MOE is evaluated at the
three temperatures of 20-815°C, 1000°C and 1200°C. The calcula-
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FIGURE 8.2 COMPRESSIVE STRESS-STRAIN DATA ON A
70% ALUMINA BRICK WITH AND WITHOUT
MORTAR JOINTS--SAMPLE A

tions are also conducted for various levels of stress for each
temperature.  All three temperature sets of calculations are not
defined here. Rather, a typical set of calculations are for a defined
temperature and stress which is representative of how the mortar
MOE is evaluated.

The data curves for the 20-t0-815°C temperature range are
nearly identical. It will be assumed that the stress-strain behavior
of the subject materials in Figure 8.2 are identical for this
temperature range. The following calculations are conducted for the
20-t0-815°C temperature at a compressive stress of 10 MPa. In all
of the calculations, the secant modulus is used to define the MOE
for the given stress level (see Figure 3.2). For the whole
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sample data, using Equation 8.5:

E, = 10/0.00023 = 43.48 GPa
The composite MOE is:

E,, = 10/0.0012 = 8.3 GPa
With t, = 50 mm and t, = 1.59 mm, solving for E_:
E, = (8.3 x 43.48 x 1.59)/50(43.48 - 8.3)

= 0.33 GPa
These data imply that the mortar MOE is considerably softer than
the brick MOE. The resulting MOE data for the range of stresses
and temperatures considered is summarized in Table 1.

Table I

Calculated Secant MOE Using Figure 8.2
Data and Equation 8.5

Data Selected Secant MOE, GPa
Tcmpccrature, Stress, MPa E E. E.
10 4348 8.3 0.33
20-815 25 2630 | 12.76 0.56
50 47.17 17.86 0.92
10 18.52 7.14 0.32
1100 20 14.29 6.06 0.30
30 1091 4.62 0.24
4 13.33 5.00 0.21
1200 3 941 | 267 0.11
12 5.22 1.46 0.070
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The calculated mortar joint MOE (from Equation 8.5) is plotted
in Figure 8.3. The data points used for each curve are identified.
Of particular interest is the stress-versus-MOE relationship of the
mortar joint. These data indicate that the MOE is a function of the
compressive stress applied to the joint. For the lower temperature
range (20-815°C), the mortar joint MOE increases in a nearly linear
manner with respect to an increasing applied compressive stress.
This trend seems intuitively correct since the mortar is expected to
densify with increasing stress. At the higher temperatures (1100
and 1200°C), the mortar MOE decreases in a non-linear manner
with increasing applied compressive stress.

The initial response to the 1100 and 1200°C temperature
mortar MOE data does not appear intuitively reasonable. As an

B - \
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increasing load is applied to the porous mortar, it would be
reasonable to assume that the mortar would densify and cause the
MOE to increase. According to these data at higher stress levels,
the grain structure or the bonding system is apparently deteriorating.

The 1200°C data show the rate of decreasing MOE is lessening
as the compressive load increases. These data appear correct. That
is, the load increases and densification occurs, resulting in an
increase of the MOE. The MOE calculation for very small stress
levels becomes quite difficult since the strain level is quite small.
Therefore, the zero stress level is assumed to be equal to the MOE
at the smallest reasonable stress level. This is a reasonable
assumption since small stress levels are not of significant
consequence.

The amount of mortar joint deformation is determined by using
the difference in the amount of strain between the whole and mortar
joint samples. For a given magnitude of mortar joint loading, the
joint deformation dt,, is:

dt, =dt,, - dt, (8.6)

The mortar joint deformation can also be expressed as a percent of
the original unloaded mortar joint thickness defined as:

dt,% = [dt, b - dt,)/t.] x 100 8.7

The deformations are determined using the strain data and sample
length. Equation 8.7 is expressed as:

dt, % = [ty(€py - €€)/L,] x 100 (8.8)

where €, and €, are the strains that occur in the mortar joint and
whole samples, respectively. Since t, is equal to t, t, is used.

Returning to Figure 8.2, the 20-815°C data curves and using
the stress level of 10 MPa, the at,_ % is calculated as:



208 Chapter 8

dt_% = [50(0.0012 - 0.0002)/1.59] x 100
= 3.14%

Therefore, the 1.59-mm thick mortar joint compresses only 3.14
percent at a compressive load of 10 MPa. That is, the joint
thickness after the load of 10 MPa is applied would be 1.59(1 -
0.0314) or 1.54 mm. Calculations are conducted as before for a
range of stress levels for each of the three sets of data (20-815°C,
110°C and 1200°C) and plotted in Figure 8.4.

The mortar joint of deformation behavior is described in Figure
8.4. This calculated data is shown in Table II. The plotted data
describe some interesting deformation characteristics of the mortar
joint. At the lower temperature range of 20 to 815°C, the deforma-
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tion is linear with respect to the applied compressive stress, except
near the origin. The non-linear behavior from the origin (zero
stress) up to the 10-MPa stress level is attributed to an initial
seating phenomenon. That is, seating is occurring between each
end point of the sample and the testing machine platens.

At 1100°C and 1200°C the mortar joint deformation (as
described in Figure 8.4) is non-linear. The rate of mortar joint
deformation continuously increases with respect to the increasing
the increasing applied compressive load. Also as shown, the
increase in the mortar joint deformation increases with respect to an
increasing temperature.

Sample B Data

A second set of stress-strain data regarding mortar joints were

Table I

Calculated Mortar Joint Percent Deformations
Using Figure 8.2 Data and Equation 8.7

Data
Temperature,”C | Stress, MPa | %at,,
10 3.14
20-815 25 4.25
50 5.66
10 3.20
1100 20 6.51
30 12.48
4 1.95
1200 8 7.39
12 17.30
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conducted on, what we will call Sample B. Figure 8.5 describes
the static compressive stress-strain on whole brick specimens (in
this case 80% alumina brick) and the split mortar joint specimens
[7]. In this case the mortar joint was 2 mm thick and the test
prisms were 30 mm by 30 mm in cross section. This mortar is also
a phos-bond type mortar as was Sample A. The strain was
measured over a 50 mm sample length.

Sample B specimens were also subjected to static compressive
stress-strain tests as shown in Figure 8.6. As noted, the magnitude
of the compressive stress was quite limited due to the low
unconfined strength of the mortar samples. The MOE of the pure
mortar samples will be compared later to the calculated mortar joint
MOE.

—— WHOLE SAMPLES
—— SAMPLES WITH MORTAR JOINTS
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FIGURE 8.5 COMPRESSIVE STRESS-STRAIN DATA ON A
80% ALUMINA BRICK (WITH AND WITHOUT
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FIGURE 8.6 COMPRESSIVE STRESS-STRAIN DATA ON
PHOS-BOND MORTAR TEST SPECIMENS--
SAMPLE B

Figure 8.7 summarizes the calculated mortar MOE using the
Figure 8.6 data and Equation 8.5. The data points used to construct
curves are identified. Comparing Figures 8.3 and 8.7, there is a
favorable comparison between the two completely independent test
sample results. The mortar MOE at the low temperature range is
somewhat higher for Sample B than for Sample A. Within the
middle temperature range (800-1100°C), both samples are quite
similar. At the higher temperatures, there is a consistency with
respect to the influence of temperature. The Sample A upper
temperature is 1200°C while the Sample B upper temperature is
1300°C.

The calculated amount of deformation that occurs in the
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L

Sample B 2-mm thick mortar joint is summarized in Figure 8.8.
Sample B is evaluated at higher loads for the lower temperatures
than Sample A, resulting in greater Sample B deformations at the
higher loads. However, Sample A and B deformations are similar
at these lower temperatures. At the medium temperatures, the
deformations are also somewhat similar. At 1300°C, Sample B
exhibits a considerable amount of deformation, approaching 55% at
a loading of 5 MPa. This is expected because of the higher Sample
B test temperature. Sample A, at 1200°C, undergoes about 17%
deformation at a loading of about 12 MPa. The stiffer Sample A
mortar at the 1200°C temperature may, in fact, be attributed to the
temperature difference of 1200°C for Sample A and 1300°C for
Sample B.
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The MOE plot of the Sample B mortar test specimens is
plotted in Figure 8.9. Because of the unconfined condition of
the mortar specimens, the compressive loading did not exceed 5
MPa for any of the static compressive stress-strain data curves (see
Figure 8.6).

B. Summary

The fundamental aspects of mortar joint behavior are the
stiffness of the mortar joint as expressed by the MOE data and the
deformation characteristics of the mortar joint. These data were
developed using basic linear algebraic equations.
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The resulting MOE calculations indicate that the MOE of the
mortar (as constrained within the mortar joint) is highly non-
linear. The mortar joint MOE is a function of the applied
compressive stress and temperature.

The mortar within the joint appears to undergo a significant
amount of densification and possible grain crushing. This is evident
by the nature of the calculated MOE data curves. If only
densification occurs, then the MOE should increase with increasing
stress. In some cases, however, the MOE decreases with increasing
stress. However, the rate of decreasing MOE appears to also
decrease. This may imply that the effects of densification are
playing a greater role than the grain crushing with increasing stress.
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IV. FINITE ELEMENT ANALYSIS OF A
MORTAR JOINT

In order to provide additional insight into the thermomechanical
behavior, a finite element analysis was conducted with regard
to compressive stress-strain behavior of the Sample B mortar joints
[6]. The choice of the Sample B mortar joint data was based on the
compressive strain data of the mortar specimens. The mortar data
showed it to be considerably weaker than the same mortar
contained in the mortar joints. The analysis replicated the
compressive stress-strain tests on the split specimens with the
mortar joint. However, the mortar material data used were those
observed from the mortar specimen tests.

The dimensions of the Sample B split mortar joint specimen
are described in Figure 8.10. The Y axis is in the vertical or axial
direction, the direction of the loading. The X direction is the
horizontal direction.  Because of symmetry of loading and
geometry, only a quarter section of the specimen contained within
the X-Y coordinate axes was used in the analysis. As an
additional simplification, the analytical model was assumed to be
axially symmetric.

A. Analysis Results

The model used in the analysis is described in Figure 8.11.
The bottom three rows of elements represent the half-thickness (I
mm) of the mortar joint. The remainder of the model is the
80% alumina brick. The analysis was conducted for the 800°C
compressive stress-strain mortar data curve (see Figure 8.6). The
mortar was assumed to be elastic for a very small stress range. The
yield point was set at 0.20 MPa (30 psi). The elastic modulus was
set at 100 MPa. The slope of the inelastic part of the data curve, as
shown in Figure 8.6, was set at 44 MPa. In this analysis, it was
assumed that the mortar would flow inelastically, as defined by the
800°C data curve. The compressive loading was increased from
zero up to a maximum of 62 MPa (9,000 psi), close to the
compressive loading used in the mortar joint tests (see Figure 8.5,
800°C data curve). The pressure was applied in a uniform manner
across the top surface of the model (see Figure 8.11).
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FIGURE 8.10 SPLIT SPECIMEN FOR COMPRESSIVE STRESS-
STRAIN MORTAR JOINT TEST--SAMPLE B

The resulting stresses in the specimen, at the 9,000 psi loading,
are shown in Figure 8.12. Because of the lack of restraint against
plastic flow in the outer portion of the mortar joint, the mortar
extrudes from the joint. The details of stresses in the outer region
of the joint are shown in Figure 8.13. The minimum compressive
stress* (MX) is in mortar that extrudes from the joint. The highest
compressive stress (MN) is in the brick just above the mortar
extrusion. A more detailed description of the mortar extrusion is
shown in Figure 8.14. Tt should be noted that the extrusion is not
to scale. All of the model displacements were amplified. However,
the mortar joint displacements show the greatest amplitude.

* Using the rules of an algebraic scale, - is minimum,+ is maximum.
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FIGURE 8.11 FINITE ELEMENT MODEL OF MORTAR JOINT
TEST SPECIMEN--SAMPLE B

Returning to Figure 8.12, the result of the mortar plastic
shows lack of vertical support in the outer regions of the joints.
However, at the interior portion of the joint (at model center, X =
0) the mortar was restrained from plastic flow, as evidenced by the
greater vertical support and greater Y stress in this region. Except
for the very local high compressive stress at the exterior portion of
the specimen above the joint, the highest compressive stress occurs
at the center of the specimen.

The analytical results also indicate that the joint will compress
by an amount of 0.80 mm (for the half-joint thickness). The
percent deformation is:
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%t_ = (0.80/1) x 100 = 80%

Comparing this result to the mortar joint specimen deformation
results (see Figure 8.8, 800°C curve), this is quite excessive. The
actual data in Figure 8.8 show that a deformation of about 15%
should occur at a loading of 60 MPa at 800°C.

B. Summary

The analysis results verify that the mortar specimen
compressive stress-strain data are not representative of the actual
thermomechanical behavior of the mortar joint. They also verify
that the thermomechanical behavior of the mortar can only be
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evaluated using mortar joint test specimens.

The results of both the analytical and test results imply that
considerably more research is needed to better understand mortar
joint behavior. Based on the available data and investigative work,
the following conclusions are made regarding mortar joint behavior:

a. The compressive loading on the joint causes the
mortar material to densify.

b. The mortar joint MOE should increase as
densification increases. All of the tests data does
not support this assumption.



220

Chapter 8

.
1

i L

—
! X \ﬁ—ﬁ\
— — I —y—-

-
 —

X
>

FIGURE 8.14 ANALYTICALLY PREDICTED DISPLACEMENTS

IN THE AMPLIFIED REGION SURROUNDING THE |

END REGION OF MORTAR JOINT--SAMPLE B

The mortar joint material grain structure appar-
ently crushes when exposed to the higher
compressive loads. This may be part of the
densification procedure.

The central portion of the mortar joint appears to
resist more of the applied loading than the end
portions of the mortar joints. This is attributed to
the plastic flow of the mortar and the flow
restraints of the mortar at the interior part of the
mortar joint and the lack of flow restraint at the
mortar joint ends.
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e. The use of linear equations predict that the MOE
of the mortar is most likely an average MOE for
the load range considered.

V. BEHAVIOR OF THE STRUCTURAL
MASONRY MORTAR JOINT

The following discussion concerns the structural masonry
mortar joint. Masonry mortar joint is typically subjected to
compressive and tensile loadings. However, the masonry mortar
joint is intended primarily for compressive loading, just like the
refractory mortar joint. The only drawback in the masonry mortar
joint investigative work is the lack of the thermal influence. Of
course, masonry structures are subjected and exposed to only mild
environmental temperatures. As a result, the thermal effects are not
typically a part of masonry investigative work. The masonry mortar
joint is typically much thicker than the refractory mortar joint. The
maximum thickness of the structural masonry joint can be in the
range of 10 to 13 mm while the maximum thickness of most
refractory mortar joints is only a few millimeters. In most high-
temperature furnaces the refractory mortar joint is kept at minimum
by dipping the brick in a thin mortar slurry during installation. Still
the investigative work on structural mortar joints does provide
insight into the behavior of refractory mortar joints.

A. Investigative Study on Structural Masonry
Mortar Joints

A most comprehensive investigation on masonry mortar joints
was conducted by McNary and Abrams [8]. Portions of their work
which relate to the refractory mortar joint are reviewed in the
following discussion.

The reason for the interest in the mortar joint was put best by
McNary and Abrams, “Clay-unit masonry is composed of two
materials with quite different properties; relatively soft cement-lime
mortar and stiff firedclay brick.” The same is true for the
refractory mortar joint system.
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When the brick-mortar joint system is subjected to a uniaxial
loading, the mortar has a tendency to expand laterally more than the
brick. This mortar behavior was observed in the refractory mortar
joint analytically predicted mortar deformations (see Figure 8.14).
In the case of structural mortar joint system, the lateral force
developed by the mortar displacement can be of such magnitude to
split the brick. The definition of this lateral stress was proposed as

[9]:

E
AS, v, - ——2—— v, (5,59
Y b Em (SI,S3 ) 1"¥3, }

AS,, = (8.9)

E, ) E, 4
o = -V, - ————— — U, (§,,5,)
Em (Sl’s?c ) |- Em (Sl’s3 ) -

where aS,, = increment of lateral tensile stress in the brick; aS, =
increment of vertical compressive stress on the brick; v, =
Poisson’s ratio of the brick; E, = Young’s modulus of the brick; S,
and S, are the vertical and lateral principal stresses, respectively, in
the mortar; v, (S,,S;) = Poisson’s ratio of the mortar as a function
of the mortar principal stresses; E_(S,,S;) = Young’s modulus of the
mortar as a function of the mortar principal stresses; t, = thickness
(height) of brick; and t_ = thickness of mortar bed joint. Equation
8.9 describes the increment of lateral stress in the brick, resulting
from an increment of compressive stress applied to the brick. The
lateral stress in the brick is a function of the material properties of
the brick and mortar. Poisson’s ratio, v,,, and Young’s modulus,
E,, of the mortar are expressed as a function of the vertical stress,
S,, and the lateral stress, S,. This accounts for the non-linear
properties of the mortar with respect to the existing state of stress.
The properties of the brick are assumed to be constant under all
stress states. Figure 8.10 defines the X-Y coordinate system of the
brick used in Equation 8.9. The mortar stress S; is in the Y
direction while the S, mortar stress is basically an axis-symmetric
radial stress in the horizontal plane of the X axis.

Equation 8.9 assumes the lateral stress is uniform through the
brick thickness t,. The lateral stress in the brick is a result of the ac-
cumulation of the lateral shear stress between the brick and mortar
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interface. Interface shear stress would be zero at the centerline of
the brick and mortar joint. The interface shear stress increases out
to the ends of the joint. As a result, the maximum uniform lateral
tensile stress (S,) in the brick will be at the brick centerline.

McNary and Abrams [9] also provide interesting compressive
stress-strain data on mortar. Figure 8.15 describes their tests on a
masonry mortar defined as Type M. Here compressive stress-strain
tests were conducted as with the Sample B refractory mortar tests.
However, with the masonry mortar tests, a compressive confining
stress, S,, was also applied to the mortar specimens. Note that
increasing the compressive confining stress, S;, from 0.2 MPa to
6.90 MPa increased the maximum axial compressive stress from
about 30 MPa up to about 70 MPa. Also, the maximum strain
correspondingly increased from about 0.5% to about 1.40%. These
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data confirm that the refractory mortar joint confining stress
increases the strength of the refractory mortar. The confining stress
in the refractory mortar joint accounts for the difference in the
mortar behavior obtained from the split refractory mortar joint
specimen tests and the mortar specimen tests for the refractory
Sample B mortar.

Figure 8.16 describes the result of the strain measurements for
the mortar specimen tests as described in Figure 8.15. The lateral
and axial strain curves are used to evaluate Poisson’s ratio. For a
linear curve, Poisson’s ratio (v) for a given confining stress curve is
defined as:

v=¢/¢, (8.10)
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where €, and €, are the lateral and axial strains for any given point
on the curve in question. For non-linear curves, the instantaneous
slope is used.

With the mortar data in Figures 8.15 and 8.16, the stress-
dependent MOE can now be calculated. These calculations would
be similar to the calculations described for the Sample A and B
refractory mortar. The basic mortar joint stresses (axial S, and
lateral S,) are illustrated in Figure 8.17.

Figure 8.18 describes the results and shows how the mortar
MOE varies as a function of the axial and lateral stresses. This
information provides additional insight into the results obtained
from the refractory mortar tests and adds credence to the idea of a
stress-dependent MOE for refractory mortar.
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FIGURE 8.17 DEFINING THE BIAXIAL COMPRESSION--
COMPRESSION STRESS STATE IN THE
MORTAR JOINT




226 Chapter 8

LATERAL STRESS, S3, MPa

\ S3
v
o 10
i 14
= 7
:
S 7
@)
2 N2~
7 . . -~
35 70

AXIAL STRESS, Si, MPa

FIGURE 8.18 MASONRY MORTAR MOE AS A FUNCTION OF
LATERAL AND AXIAL STRESS

McNary and Abrams made one additional observation
regarding the relationship of the masonry brick ultimate strength
with respect to the biaxial tension-compression stress states.
They cite the work by Khoo [10] which describes how the tensile
stress, developed in the brick by the mortar joint, can greatly affect
the ultimate compressive crushing strength of the brick. Khoo non-
dimensionalized the data with respect to the uniaxial compressive
strength, f. , and the direct tensile strength, f,. The data fall in a
narrow, concave band for each brick type and test method. The
line of best fit (least squares) through all of the data can be
expressed using the equation:

S /f =1-8/f (8.11)
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where S, = the tensile stress in brick and S, = the compressive
stress in brick. The failure curve is described in Figure 8.19 for
several brick prisms subjected to a range of biaxial tensile and
compressive stress states. This failure information provides
additional insight into possible modes of failure in refractory brick
subjected to biaxial tension-compression stress states.

B. Summary

The results of the structural masonry mortar joint study provide
valuable insight into the thermomechanical behavior of refractory
mortar joint systems. The investigative work on these masonry joint
provides additional evidence with regard to refractory mortar joint
behavior. The following conclusions can be made:
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a. The mortar confinement is an important factor
with respect to mortar strength.

b. The mortar specimen compressive stress-strain
tests without the use of confining pressure or
boundaries do not appropriately evaluate the true
mechanical behavior of the mortar in the mortar

joint,

c. The confinement of mortar increases both the
compressive strength and the stiffness (MOE) of
the mortar.

d. Perhaps the most appropriate method of evaluating

the mechanical behavior of mortar is by testing
mortar in an actual mortar joint using split mortar
joint specimens.

VI. INFLUENCE OF MORTAR JOINT THICKNESS
ON MORTAR JOINT BEHAVIOR

There is very limited literature with regard to the influence of
the mortar joint thickness t, on the mechanical behavior of the
mortar joint. The available data [2] suggest that as the mortar joint
thickness increases, the MOE of the composite system (brick plus
mortar joint) does not continue to decrease or to soften. The studies
conducted were suppressed-expansion experiments. Figure 8.20 is
taken from Ref. 11, which summarizes the results of the composite
MOE determined from mortar joint thicknesses ranging from 1 to 4
mm. The composite MOE is for the test temperature of 450°C.
The tests also used a variety of mortar types. Mortar Types A
through D were heat-set mortars. Mortar Types E through H were
air-set mortars. Mortar Types A through D ranged in grain size,
with Type A being the coarsest grade and Type D being the finest
grade. Likewise, in the air-set mortars, Type E was the coarsest
grade and Type H was the finest grade. Based on the previous tests
discussed in this report, the non-linear behavior of mortar joints
may greatly influence the effects of thickening the mortar joint.
That is, doubling a mortar joint thickness does not have a corre-
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sponding linear decrease in the composite MOE.

A comprehensive study was conducted by Koyama, et al. [11]
on blast furnace linings. A considerable amount of effort was
placed in both elaborate analytical models and an elaborate
cylindrical refractory lined vessel test model. The results of the
study with regard to mortar joint thickness as related to shell
expansion stresses are shown in Figure 8.21. These results agree
quite favorably with the BCRA studies summarized in Figure 8.20.
Koyama’s results also confirm that an increasing mortar joint
thickness does not represent a proportional increase in mortar joint
expansion allowance.
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VII. THE MECHANICAL BEHAVIOR OF
THE DRY JOINT

Compressive stress-strain data on dry (no mortar) refractory
joints are extremely rare. Figure 8.22 shows a comparison of
compressive stress-strain data on a whole and dry joint sample of a
superduty fireclay brick. The data are limited to only two
temperatures 480 and 980 °C, however, the effective MOE on the
dry joint will be evaluated similarly to the procedure used for
mortar joints. The dry joint is in contact between the two
manufactured surfaces. Most likely, the two dry joint surfaces are
not completely flat planes. Therefore, the contact points are
experiencing greater compressive stress than those at other locations
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in the specimens. As a result, greater deformations occur at these
contact points.

Comparison of the stress-strain data in Figure 8.22 shows that
the dry joint specimen develops about half the stress as the whole
specimens for any given value of strain. At first look, it appears
that the mortar joint provides more stiffness to the complete lining
of the dry joint.

The effective MOE of the dry joint is defined as Ey. In order
to evaluate the E; (using Equation 8.5), the thickness of the dry
joint has an assumed value of 1 mm. This is a starting point in
evaluating the behavior of the dry joint.
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The calculated dry joint MOE is shown in Figure 8.23. A
unique feature of the dry joint is the contact area. As the load
increases, the contact area increases. At zero load, no contact
area exists. Therefore, the MOE is zero at zero loading. The MOE
at 538°C continues to increase with increasing load. This differs
somewhat from the lower temperature Sample B mortar MOE (see
Figure 8.7). The lower temperature mortar tends to reduce as the
stress increases. The Sample A mortar MOE (see Figure 8.3),
however, tends to compare favorably with the dry joint MOE. The
dry joint MOE at 980°C, however, tends to be significantly less
than both mortars’ MOE at similar temperatures (see Figure 8.3,
1100°C and Figure 8.7, 800°C). This implies that the dry joint is
considerably more flexible at higher temperatures than a mortar
joint.

MOE* OF DRY JOINT, GPa

0 10 20 30 40 50
COMPRESSIVE STRESS IN SPECIMEN, MPa

FIGURE 8.23 COMPRESSIVE MOE DATA ON A DRY JOINT
USING A SUPERDUTY FIRECLAY BRICK
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It can be concluded that at lower temperatures the small contact
area of the dry joint has significant stiffness compared to the mortar
joint. However, at higher temperatures, the contact area quickly
loses its stiffness compared to the mortar stiffness.

It bears repeating that the dry joint calculated MOE was based
on an assumed clearance of 1 mm, with the high point of the
surfaces in contact without a compressive loading. The calculated
dry joint MOE will vary based on the assumption used for this
clearance thickness.

VIII. SUMMARY

The mortar joint is a highly complicated component of the
refractory lining system. The use of the mortar joint as an
expansion allowance mechanism is appropriate and a necessary part
of designing the refractory brick lining system. Some refractory
types develop greater expansion forces and, therefore, understanding
the thermomechanical behavior of the mortar joint plays a more
important role for these type refractories. One should consider
whether to include other devices in the design of the refractory
lining system, beyond the influence of the mortar joints, to reduce
expansion forces. In some cases, the expansion allowance effects
of poorly installed lining systems may be too great, reflecting the
need for a tight lining installation with minimal mortar joint
thickness. Thin mortar joints, based on very limited studies, appear
to stiffen the lining system at higher temperatures, compared to dry
joints.

The behavior of the mortar must be evaluated through
laboratory compressive stress-strain tests. Preferably, the mortar
should be tested in the mortar joint, as opposed to specimens of the
mortar material alone. The confinement of the mortar within the
mortar joint is an important factor in evaluating the true mechanical
behavior of the system. It is also preferable to have the mortar
joint at the joint thickness to be used in the actual lining system.

It can be concluded that the mortar cannot be evaluated in
laboratory compressive stress-strain tests when only the mortar has
been incorporated into the mortar joint. Compressive stress-strain
testing of only mortar specimens has no value with regard to the
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mechanical design of the lining system.

If there is a need to take advantage of the expansion allowance
capability of the mortar joint, then it may be desirable to conduct
compressive stress-strain tests on a range of mortar joint
thicknesses.

In some industrial environments, the use of thicker mortar
joints may be highly undesirable. That is, the use of thicker mortar
joints increases the likelihood of the possible penetration of process
materials into the joints, resulting in the deterioration of the lining.
Minimum mortar joint thicknesses should be used in some cases.
Expansion allowance can be achieved by other means.
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Refractory Lining Hinges

I. INTRODUCTION

The refractory lining systems that are defined as arches,
domes or other refractory shell-type structures develop, upon heat-
up, hinges, or pivot points, within the lining. For the lining made
up of refractory shapes, the hinge results from the separation of a
large portion of the joint length due to a tensile displacement
condition that is transferred across a large portion of the joint. The
result being that one portion of the joint is in compression while
another portion is separated. A more detailed discussion follows
with regard to the force and moment details of hinges.

The hinge locations within a refractory shell-type structure
are not arbitrary. Rather, the hinge locations are governed by the

principles of minimum strain energy.

Typically, during lining installation, attention is given to
lining joints, keeping them tight and uniform throughout. However,

237
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during heat up the refractory lining expands and undergoes a
considerable dimensional change. The result is that the
dimensionality of the lining system is no longer compatible with the
external support structure and the thermally altered dimensional
details of the refractory shapes. As a result, in the heated condition,
the thermal restraint forces cause a complete redistribution of the
stress-strain behavior throughout the refractory structure. The
thermally induced dimensional changes also occur in monolithic
type refractory lining systems. Because of the weak tensile strength
of refractories in general, the tensile fracturing generates joints to
allow for these dimensional changes.

The objective of this chapter is to provide the technical basis
for the occurrence of joint separation and hinge formation within
refractory lining systems. Since higher stress-strain states exist in
the regions of the lining that have the greatest joint separation and
hinge formation, the strongest refractories should be placed in these
regions of the lining system. It is important to know where these
high stressed regions are located to design a better refractory lining
structure.

II. FUNDAMENTALS OF JOINT BEHAVIOR

The refractory joint exists in all refractory linings made up of
refractory shapes. Monolithic linings may have construction joints
if the lining is installed in parts. Basically, the construction joints
behave in a similar manner to the shape joints. The tensile
fracturing of the monolithic lining results in a joint as well. Often
fracture initiation grooves can be placed in strategic locations to
cause these fracture joints to develop at optimum locations of the
monolithic lining.

The fundamental joint is illustrated in Figure 9.1. The joint
shown will be used to describe the most basic compressive-tensile
displacement behavior of a joint. This joint will be used to
represent either a mortared or dry joint. This joint could be from a
cylindrical, spherical or any other refractory lining geometry.
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[ FIGURE 9.1 TYPICAL LINING JOINT |

The primary loading across the joint can be defined as a
normal load P, a moment load M and a shear load V. Our
concern here is with the interaction of the normal load and moment
load. The shear load will be addressed separately.

The most fundamental assumption regarding the joint
behavior is that the joint is a non-tension interface. Therefore, for a
refractory lining made up of refractory shapes, the lining also
consists of non-tension interfaces. For most structures that consist
of materials such as structural steel or reinforced concrete, the
stress-strain states are stresswise linear as described in Figure 9.2.
That is, the material can accept either a tensile or compressive
stress-strain condition, of equal magnitude. This characteristic of
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FIGURE 9.2 LINEAR STRESS STATE

the material, having the capacity to develop either a tensile or
compressive stress-strain condition, results in a linear geometric
behavior of the structure. The geometry of the load-carrying
portion of the structure is known prior to the analysis of the
structure. It is not required to know the tensile or compressive
stress-strain states throughout the structure in order to identify the
load carrying portion of the structural geometry. The refractory
structure consisting of refractory shapes is not stresswise linear.
Since the joint cannot accept a tensile displacement, that portion of
the joint which is subjected to tensile displacement does not make
up a portion of the load-carrying part of the structural geometry.
The following example demonstrates this non-linear aspect of the
refractory lining system.
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The non-tension condition of a joint is illustrated using the
fundamental joint geometry and joint loading shown in Figure 9.1.
The joint load consists of a normal compressive load P and a
moment load M. These loadings can be redefined by the following
equation:

e = M/P 9.1)

where e is the eccentricity of the loading P, as measured from the
midpoint, center or neutral axis of the joint. The two loads P and
M can be redefined and replaced as a single load P at a position at
distance e from the joint midpoint (see Figures 9.3a and 9.3b).
Both load definitions are identical and the internal equilibrating
stress state can be defined as shown in Figure 9.4. The joint

b. LOADING DEFINITION P AND LOAD POSITION e

FIGURE 9.3 DEFINING EQUIVALENT LOADING
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FIGURE 9.4 EQUILIBRATING STRESS COMPONENTS

properties are defined as the joint area A and the joint section
modulus S. Assuring a unit depth, the joint area is:

A=D1 =L 9.2)
The section modulus is:
S = ()L%6 = LY6 (9.3)
The normal stress (Sy) is:

Sy =P/L (9.4)
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The bending stress (Sp) is:

S = M/S = 6M/L? 9.5)
Substituting the value for M from Equation 9.1 into Equation 9.5:

Sy = 6Pe/L? (9.6)

In Figure 9.4, the stresses at Point 1 (S,) and Point 2 (S,) are:

S, = -P/L + 6PefL2 9.7

S, = -P/L - 6PefL2 9.8)

The kern limit is the unique eccentricity e such that the stress at
Point 1 is zero. Or (from Equation 9.7):

S, =0 = P/L - 6Pe/L? 9.9)
Solving for e:

e=1L/6 (9.10)

Equation 9.10 defines the kern limit for a rectangular beam section.
The conclusion is that if the eccentricity of the load P is kept within
the middle third (L/6) of the rectangular beam cross section, the
stress will remain between zero and compressive in value. The
stress will not be tensile if the load P is kept within the kern limit.

If the load P is positioned at the kern limit, the maximum
compressive stress, Sg, is (from Equation 9.8):

Sg = P/L + 6P(L/6)/L?
S, = 2P/L 9.11)

The maximum compressive stress at Point B is twice that of the
normal stress when the load is positioned at the kern limit of a
beam with a rectangular cross section.
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Let us now examine the beam stress state when the load is located
outside the middle third of a rectangular beam. In this case, the
center of gravity of the beam’s internal equilibrating stress is
always positioned at the location of the load P. As defined in
Figure 9.5, when the load center of gravity is outside the kern
limit, a portionof the joint opens working with Figure 9.5. The
portion of the joint which is in compression is 3(L/2 - 3). Again,
assuming a rectangular cross section of unit width, the maximum
compressive stress is evaluated by setting the area of the stress
diagram equal to the load P, or:

Sa(1/D[3(L)2 - &)] = P (9.12)
S = 2P/[3(L12 - ©)] (9.13)
- KERN LIMIT
| L/ L6l P
| .
| - H-
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FIGURE 9.5 EQUILIBRATING STRESS FOR LOAD
OUTSIDE KERN LIMIT
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If we assume the center of gravity of the loading is at L/4 (e =
L/4), then:

Sg = 2P/[3(1/2 - L/4)]
S, = 8P/3L = 2.5P/L (9.14)

Comparing the maximum compressive stress at Point B, when the
load center of gravity shifts from L/6 to L/4, Sy increases from
2P/L to 2.5P/L. As the load eccentricity shifts farther to the
right edge, the maximum compressive stress begins to increase
rapidly due to the reduction of the bearing area and the reduction of
the section modulus.

In summary, when the center of gravity (or eccentricity) of
the compressive load remains within the kern limit, the stress is
compressive across the full joint length. When the load eccentricity
moves outside the kern limit, a portion of the joint opens while the
portion in compression correspondingly decreases. As the
eccentricity increases, a larger portion of the joint opens with the
compressively loaded portion becoming smaller.

The original assumed loading was a normal compressive load
and a moment load on the joint. There are corresponding
displacements that accompany these two forces. The compressive
normal load will result in a compressive displacement of the joint.
The moment load will cause a rotation to occur within the joint. As
the moment load increases relative to the compressive normal load,
causing the eccentricity of the normal compressive load to move
outside the kern limit, the compressively loaded portion of the joint
decreases with a simultaneous increase in the rotation of the joint.
At certain locations within the refractory lining structure, the joints
will undergo larger increases in joint opening and rotation. These
locations of joint behavior can be interpreted as a hinge within the
refractory lining.

The assumption of a rectangular beam section is
representative of most refractory lining systems. Even for
cylindrical or spherical lining systems, the unit section through the
thickness is nearly rectangular. The assumption of a rectangular
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section may not be valid for shell lining with a lining radius-to-
thickness ratio of less than 10. As the radius-to-thickness ratio
decreases (thick lining relative to radius), the neutral axis of
bending is no longer at the mid-thickness, and the through thickness
stress variation is no longer linear. In other words, thick-shell
behavior begins to govern. Most refractory linings have a radius-to-
thickness ratio of 10 or greater. Therefore, thin shell behavior is
applicable, as was assumed in the preceding derivations.

Table T [1] provides a review of the kern limit for beam
sections of various geometries.

III. HINGE CONCEPT IN REFRACTORY LININGS

The previous discussion dealt with the lining joint and
described the progression of the joint from a full length
compressively loaded joint to a partial length compressively loaded
joint. As the partial length of the compressed portion of the joint
decreases, the opposing rotation of the two sides of the joint
increases until a pivotal point is achieved. When the joint reaches
this degree of rotation the joint can be defined as a hinge.

Presented here is an example of a refractory lining structure

Table 1

Summary of Kern Limits
for Various Cross Section Geometries

Description of
Cross Section Definition of Kern*
Geometry Dimension L Limit

Rectangular
Width b, Depth L Depth L L/6
Solid Circular Radius L L/4
Thin Wall
Circular Shell Radius L L/2

*As measured from midpoint of cross section.
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with hinge development. The particular refractory lining structure
used here is the arch. The arch will be displaced in a symmetric
manner which causes the hinge development to occur at the obvious
locations. For nonsymmetric loadings, nonsymmetric refractory
lining geometry or loadings that are more complicated, the hinge
locations are not always obvious. For these later complications the
hinge location can only be determined by a structural analysis
procedure. Perhaps one of the most common errors by novice
analysts of refractory lining structures is with regard to predicting
hinge locations. The hinges are arbitrarily assumed to occur at
certain locations within the refractory structure without the use of
structural analysis. The more reliable refractory materials are then
zoned around the assumed hinge locations. Structural analysis may
show that hinges occur remote from the assumed locations. For
refractory lining structures that are not simplified geometries or that
are exposed to complicated load environments, a refractory lining
structural analysis may be a prudent choice to evaluate the lining
behavior.

The refractory arch shown in Figure 9.6a is used to illustrate
the concept of the hinge. As shown, the arch is assumed to be
made up of refractory block, or shapes. In this example, the shapes
are assumed to be ideally manufactured such that all joints are in
full contact upon completion of installation. The arch is symmetric
in geometry. The two skews (refractory shapes at each end point of
arch) support the arch and are at their initially installed position as
described in Figure 9.6a. The loading is assumed to be a vertical
downward gravity weight force that is also symmetric.

The arch is assumed to be spread outward at each skew by a
displacement of +aS, illustrated in Figure 9.6b. The arch in the
spread position develops three hinges, one at each skew and one at
the arch crown. At the two skews, the hinge point is at the arch
interior side while the hinge point at the crown is at the arch
exterior side.

The second arch spread condition is an inward displacement
at each skew defined as -aS (see Figure 9.6¢c). In this case, the
hinges are at the same location as the previous case except at the
opposite sides of the arch.
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a. ARCH IN UNDISPLACED POSITION

i
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b. OUTWARD DISPLACEMENT OF SKEWS
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c. INWARD DISPLACEMENT OF SKEWS

|

J FIGURE 9.6 HINGE LOCATIONS IN A REFRACTORY J
| ARCH
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The arch example provides the obvious solution to hinge
locations within the arch when subjected to a symmetric
displacement condition.  Actually, the last case (equal inward
displacement at each skew) is similar to the case of a heated arch.
The arch is assumed to be uniformly heated from the installed
condition and the skews remain fixed at the installed positions. The
arch will increase in length and as a result will be too long to
accommodate the skew locations. The result being that hinges will
occur as shown in Figure 9.6c. An interesting feature of the arch is
that a statistically determinant condition exists in which the hinge
forces can be evaluated by the simple rules of statics. However, the
hinge locations must be known to evaluate the forces by statics.
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The arch example also identifies a rather interesting feature of
the refractory lining system. If the arch had been constructed of a
homogeneous structural material such as structural steel (no joints),
then the displaced skews would not have altered or revised the load
bearing portion of the structural. With the structural steel, moments
would have been developed at the skew and crown locations rather
than hinges. The reason is that structural steel can assist both a
tensile or compressive stress-strain environment. The refractory
material (with refractory shapes) and the joints cannot resist any
significant tensile stress or strain environment. The refractory
lining system’s load bearing portion of the structure changes as the
load environment changes. Initially, the installed arch was
supporting the gravity weight loading across the full bearing area of
the arch. When the skew displacements are applied, the arch
changes from a statically indeterminate to a statically determinant
structure. The formation of hinges causes this transition. The
hinge formations also change the load bearing area in the region of
the hinges.

IV. ADDITIONAL ASPECTS OF HINGE BEHAVIOR

The previous discussions described how the normal
compressive load, in combination with the moment load, would
create a hinge. The arch example assisted in showing how hinges
could be developed within the refractory lining system by imposing
a displacement condition and how the pivot point of the hinge
changes locations. The assumption was made that the hinge forms
one particular joint within the lining system.  Actually, the
refractory lining joints adjacent to the hinge will have a significant
portions that are separated. @ The following discussion adds
additional insight into the joint behavior in the region of the hinge.

As previously discussed, the portion of the joint that is
exposed to a compressive loading is a function of the eccentricity of
the loading, as expressed in Equation 9.1. The peak eccentricity
will result in the location of the hinge. As illustrated in Figure 9.7
and 9.76, the normal compressive load and the moment load will
most likely vary along the length of the refractory structure, as
described in Figure 9.7c. The dithered area in Figure 9.7b represents
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a. INTERIOR SECTION OF ARCH

b. LOAD-BEARING PORTION OF ARCH

>

¢. NORMAL AND MOMENT LOADING DEFINITION

FIGURE 9.7 ADDITIONAL DESCRIPTION OF JOINTS
SURROUNDING HINGE

the joints that are in full-length compression. That is the load P is
within the kern limit. In the region of the hinge, the load P is
outside the kern limit. At the point of the maximum moment M,
the eccentricity of the load P is a maximum. The heavy-lined joints
represent the separated portion of the joint. The eccentricity will
decrease from each side of the hinge due to the decrease in the
moment load, as described in Figure 9.7c. The portion of each
lining joint that is subjected to the compressive loading defines the
portion of the lining that represents the load-carrying part of the
lining.

The portion of the lining that is defined by the separated
joints does not contribute to supporting the lining, but simply adds



Refractory Lining Hinges 251

the gravity loading to this portion. This portion of the lining also
provides the necessary thermal heat containment.

The lining structure has regions that provide both lining
support and heat containment functions, while other parts of the
lining provide only a heat containment function. It is, therefore,
necessary in a refractory lining structural investigation to identify
those parts of the lining that support the lining system such that the
refractory materials with the highest degree of structural integrity
are placed in these regions.

V. AN ANALYTICAL LOOK AT HINGE FORMATION

The previous discussions on hinge formation addressed the
nature of specific forces necessary to cause a hinge to occur as well
as the general nature of the joint behavior for those joints near the
hinge location. The following discussion introduces the strain
energy concept used to locate hinges within a lining system. The
previous arch example was used to demonstrate the concept of
hinge formation. The following example is applicable to lining
systems which are not geometrically symmetric or that are exposed
to non-symmetric loadings. In these cases, the location of the
hinges are not so obvious.

The strain energy concept is a fundamental part of structural
analysis theories [2-5] and is a basis for many structural analysis
procedures. The finite element method is basically a strain energy
method. The finite element analysis method is used to duplicate the
results in the following example.

Though the stone arch had been in usage for centuries,
British engineers conducted experimental investigations on the stone
arch in the early 1900s. Their interest in arch behavior was due to
the usage of the stone arch as a vital highway bridge throughout
Great Britain. The foundations at each end of the stone highway
arch tend to settle and displace over time. As a result, concerns
were raised over the hinges that were formed within the arch due to
the support displacement.
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Two types of loads are imposed on the highway bridge arch.
The first loading is the symmetric vertical gravity load of the arch
mass and the highway material’s overburden. This load would
cause the hinge to locate at the crown of the arch for the arch with
spread foundations. The second loading is a moving vehicular load.
This is the loading of concern. As the vehicular loading moves
across the highway, the hinge changes location because of the
changing vehicular load location. The basic results of their
investigation are summarized here. A finite element study was also
conducted to determine if the hinges’ transient nature, as reported in
the British experimental studies, could be duplicated analytically.

Figure 9.8a describes the experimental arch that was
constructed of machined steel blocks. Each block is an equal arc

. s )

}4.'4; AS/2 AS/2 “,H

b. OUTWARD DISPLACEMENT OF ARCH SUPPORTS

FIGURE 9.8 LABORATORY TEST ARCH CONSTRUCTED
OF MACHINED STEEL BLOCKS
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segment of the arch. The arch consists of a total of 15 blocks.
Details of the experimental arch are provided in Reference 6. The
arch is 75 mm (3 in.) thick (in radial direction), 38 mm (1 1/2 in.)
wide and has a span (S) of 1220 mm (48 in.). Thin sheets of
rubber, 1/4 mm (0.01 in.) thick, were placed between each block to
assure uniform bearing surfaces. The arch had a radius of 762 mm
(30 in.) as measured to the block mid-depth. The blocks are shown
numbered sequentially starting from the crown joint, in the left and
right directions (see Figure 9.8a). The analytical arch was
constructed with pinned ends and made of triangular elements. A
support pin was also installed at the center of each block (circle at
center of blocks in Figure 9.8a) to facilitate the hanging of a
weight, simulating the overburden material loading and the
vehicular loading. By changing the vehicular weight location, the
simulation of a vehicular load traveling across the road at the top
slag of the arch was achieved.

The laboratory tests were conducted by first spreading the
base of the arch a small amount outward (aS) in order to create a
hinge within the arch, as illustrated in Figure 9.8b. With only the
vertical gravity load on the arch, the hinge occurred at the arch
crown with the pivot point at the outside or top surface of the
block. The hinge would form at either side of block number 1. A
hinge would not form at each side since a four-hinged arch is
unstable. The four-hinged arch would revert to a three-hinged arch.
It should also be noted that the small aS spreading does not
significantly change the arch dimensions. The weight simulating
the vehicular weight was then hung at the various block pin
positions, and the resulting hinge location was recorded.

The analytical study was limited to the experimental test
results for the vehicular load over block 6L. The vehicular
concentrated weight was, therefore, hung on the pin of block 6L.

Two analytical investigation cases [8] were conducted for the
vehicular loading at block 6L. Case I replicates the experimental
test in which the vehicular loading (P) was increased from a very
small value, for which the vehicular load was negligible compared
to the total overburden material weight, to a high value, for which
the vehicular load was very significant compared to the overburden
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material weight. The purpose of Case I is to observe and confirm
the repositioning of the hinge as a function of the vehicular weight.

The Case II investigation concentrated on the summed strain
energy within the arch as a function of the vehicular weight and the
hinge location. For Case II, the arch was analyzed with the hinge
fixed at a location between the blocks while the vehicular load was
increased. The analysis was then repeated for the hinge fixed at
each of the various locations between two blocks, ranging from the
crown of the arch to the adjacent position of the load. The hinge
position defined as 1L-2L implies the hinge is located between
blocks 1L and 2L. In all cases the hinge was located on the top
side of the arch.

The finite element model used to analyze the experimental
arch is described in Figure 9.9 [8]. This model was
mathematically constructed of constant strain triangular (CST)
elements. At the time of this work the CST element was
recognized as a reliable finite element and was used to define the
arch model. Each arch block is made up of 32 CST elements. For
the Case I analysis, nonlinear interface elements were used at each
joint, as shown schematically by the short dash in Figure 9.10. A
total of five interface elements were used to simulate the joint
behavior. The nonlinear characteristics of the interface elements are
that only a compressive load can be transferred across the joint.
The interface element will not transfer a tensile force across the
joint. If a tensile force is developed, the interface will cause the
joint to separate and a zero force condition to occur at that location
of the joint. Because of this non-linear behavior, it is necessary to
iterate or conduct successive solutions, by gradually ramping the
loads and displacements until the interface behavior has converged
to a repeated behavior. At the start of the analysis all interface
elements are assumed to be closed. Through the sequential analysis
procedure, the open or closed condition of each interface element is
determined.

A. Results of Case I Investigation

The vehicular load P was applied at the center of block 6L.
This load was increased from a zero value to a maximum value of
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FIGURE 9.9 FINITE ELEMENT MODEL OF EXPERIMENTAL
ARCH

44,10 Newtons. The arch was spread outward at each base by a
total amount of 0.008 mm (0.0003 in.). The vehicular loading was
sequentially increased over a total of thirty increments. This was
necessary to avoid a mathematical collapse of the model.

The results of the analysis showed that at the maximum loading of
42.30 Newtons, the hinge converged to the 5L-6L location. The
experimental investigators failed to record the value of the
overburden material loading. Therefore, it was not possible to
compare the vehicular load value versus hinge location between the
experimental and analytical studies. However, the analytical study
confirmed the experimentally observed behavior that the hinge
position does change as a function of the magnitude of the vehi-
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BGURE 9.10 FINITE ELEMENT MODEL OF JOINT DETAILS
|

cular load. The results also confirmed the methodology of using the
interface elements to duplicate the changing hinge location. The
magnitude of the load versus the hinge location is summarized in
columns 1 and 2 of Table I

B. Results of Case II Investigation

For the Case II investigation the model was altered at the
joints. The joints were coupled except for the hinge location.
Therefore, a three-hinged arch (one hinge at each support) was
evaluated. The primary interest in this investigation was the
magnitude of the strain energy for an increasing vehicular load.
Separate analyses were conducted for the hinge at locations 1L-2L,
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Table I

Comparison of Load P Results of
Experimental Study [6] and Finite

Element Study [8]

257

Position of Hinge

Value of Load P for
Arch Model Study

(6]

Value of Load P for
Three-Hinged

Arch Energy Study
[8]

(Newtons) (Newtons)
1L-2L 0 to 23.85 0 to 24.75
1L-2L to 2L-3L 23.85 24.75
2L-3L to 3L-4L 36.90 38.25
3L-4L to 4L-5L 42.30 44.10
4L-5L to SL-6L 42.30 44.10

Horizontal Displacement aS at Support = 0.0003 in.

2L-3L, 3L4L, 4L-5L and SL-6L. For each hinge location, the
vehicular load was increased sequentially.

The total strain energy was recorded for each value of
vehicular load. For each of the analyses the strain energy (SE,) was
evaluated as defined by:

M
SE, =E/2Yelv, (9.15)
n=1

where the subscript i designates the hinge location at joint i, e, is
the strain within the element n of the model, E is the modulus of
elasticity, M is the total number of elements within the analytical
model and V, is the volume of element n. The results are plotted
in Figure 9.11.

The strain energy results in Figure 9.11 are plotted for each
hinge location. As shown, the two curves for hinges 1L-2L and
2L-3L intersect at a vehicular load value of 24.75 Newtons. As this
load increases beyond the 24.75 value, the lesser strain energy
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occurs when the hinge is at 2L-3L. Therefore, if the hinge was
allowed to change, it would shift from 1L-2L to 2L-3L when the
vehicular load increases past the value of 24.75. This rationale
regarding hinge location is observed with the increasing value of
the vehicular load beyond the value of 38.25 and 44.10. The
results of the Case II investigation are summarized in columns 1
and 3 of Table II. The Case II results agree favorably with the
Case I results. Most likely the small differences between the Case 1
and II results arise from the partial joint openings that occured in
the Case I model. That is, in Case I the hinge is formed
automatically within the arch. The joints adjacent to each side of
the hinge are partially separated. In Case II the hinge location is
specified with the remainder of the joints totally closed. As a
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result, the strain energy will be slightly different between Case I
and II for a given hinge location.

VI. SUMMARY

Refractory linings are constructed from shapes of various
geometric properties in order to form the desired lining geometry.
The resulting joints result in a complete structural behavior. Lining
joints, mortared or dry, cannot sustain any significant tensile strain.
Lining joints can only sustain compressive loads. This stress-
dependent behavior of joints results in the formation of hinges
within lining systems. Hinges typically occur in shell type
refractory lining systems defined as arches and domes. Because of
nonsymmetric lining geometry and/or nonsymmetric loadings, the
location of hinges within the lining system are not always obvious,
and can be difficult to predict. =Modern analytical structural
techniques, such as the finite element method, provide a valuable
tool in predicting the lining behavior and in locating the hinges.

Monolithic linings are also weak in tension. Hinges will also
form in monolithic linings because of the lack of tensile strength.
These hinge positions can also be predicted just as with the brick
linings.
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The Influence of Stress State
on the Strength of Refractories

1. INTRODUCTION

Another complicating factor in dealing with refractories is the
strength. The ultimate crushing strength or the ultimate tensile
strength of a refractory will vary with the dimensionality of the
stress state, the temperature and the rate the loading is applied to
the refractory material. These traits are not unique to refractories,
but are common to brittle type materials in general. Perhaps the
most researched material with regard to the effects of stress states
on ultimate strength is structural concrete. The objective of this
chapter is to inform the refractory user regarding the influence of
these factors on the ultimate strength and to provide basic
guidelines for determining whether a refractory lining will fail
based on ultimate uniaxial crushing strength or uniaxial tensile
strength data.

261
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II. BACKGROUND

Strength data typically provided by refractory manufacturers
to quantify the compressive strength of a refractory material are the
ultimate crushing strength and the modulus of rupture (MOR) for
the ultimate tensile strength. In testing the former, the compressive
load is increased until the specimen fails. The estimated ultimate
tensile strength (or MOR) is evaluated by a beam specimen in
which the ultimate tensile bending stress is evaluated. Both of the
above tests are conducted using ASTM-defined test procedures.
Both of these tests evaluate the ultimate strength (tension and
compression) of a specimen subjected to a uniaxial (or one-
dimensional) stress state. Chapter 4 provides details of the ASTM
test procedures.

Our concern in this chapter is using the uniaxial strength data
as a guide in determining if the determined refractory lining stress
state is satisfactory or unsatisfactory. Typically, the lining stress
state, at any point of interest, is a multidimensional stress state.
Investigations of brittle material’s ultimate strength have shown that
a multidimensional stress state has a profound influence on the
ultimate strength of brittle materials. That is, a compressive
multidimensional stress state can have stresses that exceed the
ultimate compressive stress obtained from a uniaxial compressive
strength test. A brief summary is provided on the influence of
multidimensional stress states with regard to the ultimate strength.

Other factors that influence the ultimate strength of
refractories are the temperature of the refractories and the rate of
the loading. Both of these influences on the ultimate strength of
refractories will be discussed.

Nearly all of the investigative work on the influence of the
dimensionality of the stress state on ultimate strength has been
conducted on structural concrete. This is expected since concrete
structures must be designed for a variety of loading conditions. A
design stress must be determined such that a factor of safety against
failure is established. Very little investigative work has been done
on the influence of the dimensionality of the stress state on the
ultimate strength of refractories. Most of the work on the influence
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of temperature on ultimate strength has been done on refractory
materials.

III. TENSILE STRENGTH

The ultimate tensile strengths of refractories are significant
for the objective of determining if fracturing and resulting
deterioration of the refractory lining will occur. However, as
discussed in Chapter 5, it is also important to know the ultimate
tensile strain since tensile fracturing is caused primarily by the
thermal loading (or strain-controlled loading). However, since
testing procedures are only set up for determining the ultimate
tensile stress, only it will be discussed here.

A. Multidimensional Stress States

Most investigators [1-10] of brittle materials have shown that
the ultimate tensile strength is not influenced by the dimensionality
of the stress state. The references on concrete are presented as only
a starting point on material strength as influenced by the stress
state.  Considerable investigative work has been conducted on
concrete strength in the past two decades. Biaxial (two-
dimensional) or triaxial (three-dimensional) tensile stress states will
cause tensile fracturing at tensile stress levels identical to the
uniaxial (one-dimensional) ultimate tensile strength. Figures 10.1
and 10.2 describe the ultimate stress (tensile or compressive)
envelopes for two- and three-dimensional stress states, respectively,
in brittle materials. Note, the ultimate compressive stress in brittle
materials is typically much greater than the ultimate tensile strength.

Figure 10.3 provides an amplification of the two-dimensional
tensile stress region of Figure 10.1 [6]. As shown in Figure 10.3,
either one of the two principal tensile stress components (S, and S,)
is no greater than the ultimate uniaxial tensile strength (f',) when the
adjoining two-dimensional stress component is in the range of f', to
a compressive stress that is a low ratio of f', (3 to 8 as shown for
the particular material in Figure 10.3). The failure envelope is
identified by the heavy line adjacent to the two principal stress axes
S, and S,. The assumption used in this failure envelope was that
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the uniaxial compressive strength was 8 times the absolute value of
the ultimate tensile strength. This ratio affects the manner in which
the tensile failure envelope transitions into the compressive stress
portion of the envelope. However, this ratio does not influence the
portion of the envelope in the total tensile stress region.

As also shown in Figure 10.3, the transition of either of the
stress components from a tensile to a compressive stress results in a
decreasing ultimate tensile stress of the opposing tensile stress
components. In Figure 10.3, the square geometry of the failure
envelope in the tensile-tensile portion of the two-dimensional stress
state assumes that the inherent cracks within the specimen are
parallel to one of the unstressed axes. If this assumption is
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removed, then the failure envelope is defined by the broken line.
The cross coupling of the two-dimensional tension and
compressive stress was briefly addressed in Chapter 8 (see Figure
8.19). This tensile-compressive portion of the failure envelope
agrees fundamentally with the failure envelope of Figure 10.3.

It can be concluded that the dimensionality of the stress state
does not influence the magnitude of the tensile failure stress.
The maximum tensile failure stress is not amplified due to the
dimensionality of the stress state. =~ When one of the stress
components become compressive, the maximum tensile failure
stress is reduced to a level less than the ultimate tensile stress. The
introduction of a third stress component does not alter these conclu-
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sions. The triaxial stress state tensile failure criterion is similar to
the biaxial tensile failure criterion.

HMOR.

B. Effect of Temperature on MOR

Investigation on the effects of temperature on refractory
tensile strength (hot MOR, or HMOR) shows that some refractories
gain considerable strength at elevated temperatures. The following
discussions present the results of several investigators of refractory

HMOR data [11] on basic refractory brick are described in
Figures 10.4, 10.5 and 10.6. These data show the magnesite chem-
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A. BRICK BASED ON NATURAL GRECIAN MgO
B. BRICK BASED ON SEA-WATER MgO

C. DIRECT BONDED Cr-MgO BRICK

D. DIRECT BONDED MgO-Cr BRICK
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FIGURE 10.4 VARIATION OF HOT MOR FOR VARIOUS
BASIC BRICK ALL HARD FIRED AT 1700°C

istry, the type of bonding (fired or chemical) and the magnitude of
the firing temperature influencing the HMOR. The effects of peak
firing temperature on direct bonded chrome-magnesite brick are
compared to a chemically bonded chrome-magnesite brick in Figure
10.5. As shown, the less the firing temperature, the less the peak
MOR stress. Here, the data curves for the samples fired at 1700
and 1550°C overlap for temperatures below S00°C. The chemical
bonded stress has the lowest MOR stress at the higher temperature
range, but the highest MOR stress at the lower temperature range.
All of the chrome-magnesite brick MOR stresses fall to minimum
values at 1400°C. For the peak firing temperatures, the peak MOR
stress is in the range of 80 to 1200°C.
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Figure 10.6 provides a comparison on magnesite-chrome
bricks similar to that discussed for the chrome-magnesite bricks.
The HMOR stress behavior of the magnesite-chrome brick is
somewhat similar to that of chrome-magnesite brick. The firing
temperature has a more profound effect on the peak MOR stress.
Also, the peak MOR stress for the direct bonded brick is over a
narrower temperature range and peaks at a higher temperature. The
data curves for the firing temperatures of 1700 and 1550°C overlap
for temperatures less than 700°C. The data curves for the 1400°C
fired sample and the chemically bonded sample overlap for
temperatures greater than 600°C.

The influence of temperature on the MOR stress of fireclay
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and alumina brick [12] are described in Figures 10.7 and 10.8.

In Figure 10.7, the peak MOR stress is reached at about
1100°C. The MOR stress is uniform from room temperature up to
about 850 to 950°C. Beyond 1100°C the MOR stress decreases to
minimum values at about 1400°C.

Figure 10.8 describes the effects of temperature on the MOR
stress for high purity and density high-alumina brick. There is
some variability in the results. A portion of the dense high-alumina
brick (density 60 and 90% alumina) has a peak HMOR stress at
1100°C, while the 99% high alumina brick HMOR stress continued
to decrease with increasing temperature. The superduty fireclay data
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are included in Figure 10.8 as a reference for the magnitudes of the

high-alumina HMOR.

The temperature dependency of MOR stress for silica and
semi-silica brick is described in Figure 10.9. The silica brick,
unlike the alumina brick, is not greatly influenced by temperature.

According to the investigators of the MOR data in Figures
10.7, 10.8 and 10.9, their conclusions were:

1.

The shape of the strength-temperature curve was
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controlled by the presence or absence of
disimilar mineral phases possessing different

thermal expansions.

2. The high-temperature modulus of rupture of

brick in the alumina-silica system was

largely

controlled by the purity of the brick and their

apparent porosity.

Figure 10.10 [13] describes the temperature-dependent MOR
stress of 80-85% alumina brick. All were fired brick except
Sample No. 6, which was phosphate bonded. The phosphate
bonded brick exhibited high MOR strength at low temperatures, as
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seen by Miller and Davies [12]. The Greaves MOR data [13] in
Figure 10.10 showed the lowest test temperature at 900°C. The
trend of the HMOR from room temperature up to 900°C may not
be a linear change, as indicated by the lines used to connect the
room temperature and 900°C data points. This trend differed
from the previous studies which showed a sharp increase in MOR
values near the 1100°C temperature.

Figure 10.11 [14] describes the expected influence of
temperature on the MOR stress for a variety of monolithic
refractory materials. These monolithic materials exhibit expected
similar trends in temperature-dependent MOR strengths, as seen in
the previous investigations. The classification of castable types is
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part of an effort in revising British standards relating to the
classification of refractories.

Other investigations [15-20] have also found similar trends in
temperature-dependent MOR of castable refractories.

IV. COMPRESSIVE STRENGTH

Just as with the evaluation of the tensile strength, the
compressive strength is dependent on several factors. These factors
include the dimensionality of the stress state, temperatures and the
loading rate.
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A. The Effect of Multi-Dimensional Stress State
on Ultimate Crushing Stress

Unlike the two-dimensional tensile-tensile stress state, the
two-dimensional compressive-compressive stress state increases the
magnitude of the compressive stress as compared to the one-
dimensional crushing stress f'.. As shown in Figure 10.1, based on
the ratio of the two principal compressive stresses S, and S,, the
crushing stress can be 25 to 30% greater than f’_.

The effect of a three-dimensional compressive stress state has
a greater influence on the crushing stress. As described in Figure
10.2, if all three principal compressive stress components S,, S, and
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S, are kept equal, they can be increased to a level of more than six
times f°.

It can be concluded that the compressive crushing stress is
greatly influenced by the dimensionality of the compressive stress
state. The presence of a compressive stress can reduce the tensile
failure stress. For a total tensile stress state, the tensile failure
stress, as determined from a uniaxial test specimen, is not altered.

B. Effects of Temperature on Hot Crushing Strength

The available literature on the hot crushing strength of
refractories is very limited. A considerable amount of work has
been conducted on cold crushing strength in which the samples are
first heated to a prescribed temperature and then the crushing
strength is evaluated at room temperature. By testing heated
samples over a range of temperatures, the thermal effects on the
cold crushing strength can be determined. However, our interest
here is with regard to the crushing strength at higher temperatures.
This property is called the hot crushing strength (HCR).

Figures 10.12, 10.13 and 10.14 [2] describe the hot crushing
strength behavior for alumina, basic brick and silica brick,
respectively. The hot crushing strength of the alumina brick,
described in Figure 10.12, shows a decrease in strength with
increasing temperature. The 70-72% alumina brick shows a lower
hot crushing strength than the 85-86% alumina brick. At about
1700°C, the 70-72% alumina brick reaches a near zero crushing
strength, while the 85-86% alumina brick reaches a temporary
plateau of strength. Most likely, at higher temperatures, the
strength of the 85-86% alumina brick would decrease.

The hot crushing strengths of two different magnesia bricks
with different CaO/SiO, ratios are shown in Figure 10.13 [21].
Both brick continue to decrease in hot crushing strength as the
sample temperature increases. The two basic bricks reverse in
maximum strength at about 1250°C.

Figure 10.14 describes the hot crushing strength of two types
of silica brick. As shown, both silica bricks maintain a fairly con-
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stant strength with increasing temperature. The silica brick with the
1% titano-clay slag addition has a spike in hot strength at 1300°C.

C. Effect of Loading Rate on Hot Crushing Strength

There is very little data in the literature on the influence of
loading rate on hot crushing strength. Figure 10.15 describes the
influence of loading rate on the hot crushing strength of a 27-30%
alumina insulating refractory brick [21]. The faster loading rate is
about 1 MPa per second while the slower loading rate is 1 MPa per
minute. Thus, there is a factor of 60 between the two loading rates.
The reason for the difference in strength is attributed to the
effects of creep. The test specimens subjected to the slower loading
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L .

rate also accumulate much more creep strain during the test than do
the samples with the faster loading rate. Both specimens should
fail at the same amount of strain for any specified temperature.
Fundamentally, the failure strain is:

€, =1 JE (10.1)

Equation 10.1 assumes no creep strain has occurred while the
sample is loaded. If we include the creep strain (€_), the equation
is revised to:

€:=f/E+ €, (10.2)
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If we assume the failure strain is a set quantity, the creep strain will
have used a portion of the total available strain. The remaining
strain is the elastic-plastic strains developed by the test loading f..

Therefore, the slow test ultimate load will be less than the
fast test ultimate load. That is:

fJE < f'JE (10.3)

or:

f<f, (10.4)
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As the loading rate is made slower, more creep strain accumulates
in the specimen, requiring the loading f. to be at a lesser value
when the specimen fails in compression.

V. SUMMARY

The test data on refractory materials and other similar brittle
type materials indicate that the ultimate tensile strength and ultimate
crushing strength will vary with regard to the operating
environment imposed on the refractory material.

The dimensionality of the tensile stress state (biaxial or

triaxial tensile stress states) does not effect the ultimate tensile
stress.



280 Chaprer 10

A mix of tension and compression stress components tends to
reduce the ultimate tensile stress.

The dimensionality of the compressive stress state (biaxial or
triaxial compressive stress state) effectively strengthens the
refractory in compression.

Increasing temperature tends to cause most fired basic and
alumina refractories to reach a peak HMOR at high temperatures.
Beyond this peak, the HMOR tends to fall quite rapidly. Silica
brick tends to remain stationary with respect to HMOR at
increasing temperatures. The firing temperature tends to have a
significant influence on the temperature dependent HMOR. As the
firing temperature is increased, the peak HMOR, at the higher
temperature range, also increases.

The loading rate also has a significant influence on the hot
compressive strength (and ultimate tensile strength). For a slow
loading rate, a portion of the working strain range is used by the
effects of creep leaving less available strain for the elastic and
plastic straining. The effects of the loading rate are only applicable
to refractories that have significant creep rates. At lower
temperatures, the influence of loading should be significantly less.
Likewise creep should be significantly less at lower temperatures.

The effects of thermal shock are not included in the previous
discussions of this chapter. The above loading rates considered are
quite low relative to the rate of loading when discussing thermal
shock.

The chemistry and other manufacturing parameters such as
firing temperature all greatly influence the strength of refractories.
Also, the operating conditions imposed on the refractories which
include the loading rates and the dimensionality of the state have a
significant influence on the refractory strength. Therefore, both the
manufacturer and the user will influence the strength of refractories.

According to more recent work by Darroudi and Lundy [22]
on loading rates applied to high alumina refractories, they
concluded:
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1. The tensile or fracture strength, at constant loading rates,
showed similar trends as those described in Figures 10.7 and 10.8.

2. The behavior of tensile or fracture strength at different
temperatures and varying loading rates was not straightforward.
Three trends were observed:

a. Strength increased as loading rate increased at low and
high temperatures.

b. Strength had an inverse relationship with loading rate
at intermediate temperature.

c. Loading rate had no effect on strength in the regions
between intermediate and high temperatures.

These observations appear to differ somewhat from previous
investigations.
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Thermal Expansion Data

I. INTRODUCTION

Because many refractory lining systems are exposed to high
temperature environments, the need for the thermal expansion data
on refractory materials is obvious. As previously discussed,
refractory lining systems are typically contained within steel support
structures or vessels. In order to evaluate the thermal expansion
stresses, one must first conduct a thermal analysis to evaluate the
lining and support structure temperatures. The second part of the
lining investigation is the actual evaluation of the thermal stresses
using the stress-strain data, the creep data and the thermal
expansion data. These three types of material properties, along with
other assumptions regarding the brick joint behavior and the support
structure restraint, are then used to arrive at the refractory lining
thermal stresses.  The following thermal expansion data are
provided based on various investigative results.

285
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II. THERMAL EXPANSION DATA ON
FIRED REFRACTORIES

Figures 11.1 and 11.2 provide a summary of thermal
expansion data for a variety of fired refractories [1]. Additional
background on the development of these data is found in Reference
2. Investigations continue to evaluate the thermal expansion
properties of new refractory chemistries [3,4].

The thermal expansion data are called reversible, meaning
that the refractory will exhibit this expansion behavior on heatup as
well as cooldown. Some of the refractory expansion curves are not
straight lines, indicating that the expansion is non-linear and
reversible. The silica brick exhibit the greatest non-linear reversible
expansion behavior. For refractory materials that exhibit significant
non-linear expansion behavior, calculating the coefficient of thermal
expansion (&) may require several values over the temperature
range of interest. Typically, a is calculated as:

o, = LE,%/(T; - Ty)100 11.1

where LE, is the linear expansion, expressed as a percent for the
maximum temperature T; of interest and Ty is room temperature. o
is then applicable for the temperature range from Ty to T,. The o
value may change significantly as the temperature of interest
increases. Therefore, o becomes temperature-dependent. This o
calculating procedure is most applicable for the silica type
refractories.

It should be noted that refractories are manufactured using a
mix of various materials. It is the chemical mix of the refractories
that causes the resulting thermal expansion of the refractory brick.
Since the chemistry may vary by a few percent, it is expected that
the thermal expansion may vary from lot to lot of a specified type
of brick.

Table I describes the calculated coefficients of thermal
expansion for a variety of refractory brick. With the exception of
the silica brick, a is calculated using the largest temperatures in
Figures 11.1 and 11.2. The silica brick is calculated for two
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temperatures (300 and 1300°C) to demonstrate the temperature
dependency of a for silica brick.
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Table 1

Chapter 11

Estimated Coefficient of Thermal
Expansion for Various Types of

Refractories
Type of o o
Refractory Brick mm/mm"C X 105 1n/1n°F X 10_6
Fireclay Brick 5.41t06.12 3to3.4
60 to 70% Alumina 6.3 to 6.84 3.5t03.8
80 to 90% Alumina 712 to 7.92 40to 4.4
99% Alumina 9.0 to 9.36 5.0to0 5.2
Zircon 4.5 to 4.86 25t02.7
Chrome 8.82 t0 9.18 49 to 5.1
Magnesite 92% 14.0 to 14.2 7.8 to 7.9
Conv. Silica 306 to 31.3 17t0 17.4
at 300°C
at 1300°C 10.1 to 10.6 5.6t059
Super Silica 35.0to 355 19.4 to 19.7
at 300°C
at 1300°C 10.1 to 10.6 56t059
Fired Dolomite 13.3 7.4
Resin Bond Dolomite 11.5 6.4

III. THERMAL EXPANSION DATA ON
UNFIRED REFRACTORIES

The thermal expansion coefficients of unfired refractories will

vary greatly from those of the previously discussed fired refractory
brick. Quite often prior to heatup or curing temperature, dryout
occurs causing, in some cases, significant shrinkage. Additional
shrinkage occurs at temperatures above 980 to 1100°C due to
sintering. Therefore, the user may want to obtain specific thermal
expansion data from the manufacturer that includes the shrinkage
effects.
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Fundamentals of Refractory
Brick Arch Behavior

I. INTRODUCTION

The structural behavior of the stone, or masonry, arch has
been a subject of interest for many decades and continues to be of
interest to modern engineers. For those who wish to review some
of the historical background on masonry arches, see Reference 1.
Modern theoretical aspects of arch structural behavior can be found
in References 2 and 4. Handbooks can be used to evaluate the
forces and displacements of arches in which the various arch
equations are condensed into fairly simplified parameters, (see, for
example, Ref. 5). However, all modern arch theory assumes the
arch is constructed of material which can accept equally both
compressive and tensile stresses.

The following discussion attempts to provide the user with

information on the basic behavior of circular refractory brick arches.
The intention is to equip the user with information necessary to

291
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make better decisions with regard to improved refractory arch
design.

II. BASICS OF ARCH BEHAVIOR

The primary loading imposed on the refractory brick arch is
the thermal expansion loading. One can approximate the arch
gravity load stresses from the arch weight using classical circular
arch equations [5]. Typically, these stresses are quite small
compared to the thermal expansion stresses in the constrained arch.
Most refractory brick arch designs, however, accommodate the
thermal expansion through various mechanisms. An arch design
that has worked successfully in industry is the sprung arch design.
Figure 12.1 describes the basic parts of the circular sprung arch [6].
The arch horizontal thrust is resisted by the support steel located at
each skew.

Figure 12.2 provides additional details of the arch support
steel. As shown, each end of a tie bar is connected to two vertical
members, called buckstays, which are positioned at each side of the
arch and equally spaced along the length of the arch. These
buckstays are pinned at floor level and extend upward to the level
of the tie bar. A spring is used to connect one end of the tie bar to
the adjacent buckstay. The spring stiffness is selected such that the
horizontal arch expansion will not significantly increase the
horizontal thrust beyond a reasonable level above the arch gravity
weight thrust. Figure 12.3 is used here to define the various
geometric parts of the arch. Not all of these parameters will be
used is discussing arch expansion forces.

Basically, when the arch expands thermally, it transforms
from an arch in which all the joints are in full contact or full
bearing to a three-hinged arch, as illustrated in Figure 12.4. The
arch horizontal thermal growth (dS) is often evaluated using
Equation 12.1:

dS = aA(S + H) (12.1)

where S + H is the arch span measured to the midthickness
locations at each skew, o is the coefficient of thermal expansion of
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the arch refractory brick and AT is an average increase in
temperature of the arch from the installed temperature.

The thermal expansion allowance, for the case of the sprung
arch, is accommodated by the adjustment of the nut supporting the
spring on the tie bar. Backing off the nut a distance that will
accommodate the arch expansion dS results in the heated arch
developing expansion forces of similar magnitude to the arch
gravity loading. If for some reason the expansion allowance is
insufficient (the arch heats to a higher temperature), then the arch
hinge condition of Figure 12.4b would develop. The arch would
rise upward causing hinges to occur at the bottom side at the arch
center (crown) and at the top sides of the two skews. If the arch
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is not heated to the expected temperature, then the arch hinge
condition of Figure 12.4c would result. That is, the arch would not
rise above the initial installed position. In this case, the hinge at
the crown would be at the top side and the two hinges at the skews
would be at the bottom side of the two skew joints.

The above description of the arch behavior with respect to
arch heatup is sufficient to provide a description of the arch
horizontal expansion forces (Fy) developed at each arch skew (see
Figure 12.4). Since a three-hinged arch is formed at heatup, the
resulting arch forces are statistically determinant. The horizontal
thrust, Fy, per foot of arch length described in Figure 12.5 is
estimated by [7]:
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F, =WS'/8h’ (12.2)

where W is the arch weight per foot of arch length, S’ is the span
of the two skew hinge points and h' is the vertical distance between
the crown and skew hinge points. As illustrated in Figures 12.4b
and 12.4c, during the heated condition, the h’ value can range from
hyy (lower value) to hyy, (upper value). As the S’ value would be a
maximum with hy, and a minimum with hy,. If the arch has a
small rise, which most refractory brick arches have, then Equation
12.2 is fairly accurate. For the case in which insufficient or no
expansion allowance is used (see Figure 12.4b), the thrust is:

Fry = W(S + H)/8 hyy, (12.3)
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a. COLD ARCH

b. HOT ARCH--INSUFFICIENT EXPANSION ALLOWANCE

thH
i
\

c. HOT ARCH--EXCESSIVE EXPANSION ALLOWANCE

FIGURE 12.4 INFLUENCE OF EXPANSION ALLOWANCE
ON THE HINGE LOCATIONS IN THE HEATED
ARCH

For too much expansion allowance (see Figure 12.4c), the thrust is:
Fyy = WS/8 hy, (12.4)

Here, F;, > Fy, because S + H is greater than S in the numerator
and hyy is smaller than hyy in the denominator. However, the thrust
is not an expansion force, but rather a modification of the arch
gravity weight. As shown in Equations 12.2 through 12.4, the arch
temperature is not used regardless of expansion allowance use. If
expansion allowance is not used, the arch will form hinges as
shown in Figure 12.4b. The result is a higher gravity load thrust.

McDowell [8] arrives at another form of the equation for the
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FIGURE 12.5 ARCH GRAVITY WEIGHT LOADING

thrust F;:

F,, = [S/4h - h/35] W)2 (12.5)
Equation 12.2 is a simplified version of Equation 12.5. Establishing
a common denominator with the brackets, Equation 12.5 can be
rearranged as follows:

F, = [(3S?- 4h?)/12hS] W/2 (12.6)

Typically, the arch span (S) values are considerably greater than the
arch rise (h) values. In the equation, the numerator 3S? is
considerably larger than 4h®. Therefore, the absence of 4h*> does not
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significantly affect the resulting value of F,. For example, assume
an arch with the following properties:

W = 500kg
S = 2235 mm
h = 240 mm

Substituting into Equations 12.2 and 12.5:
F,; = (500 x 2235)/(8 x 240) = 582 kg
F,, = [2235/(4 x 240) - 240/(3 x 2235)] 250 = 574 kg

Equation 12.2 predicts an arch thrust about 1.4% higher than
Equation 12.5.

McDowell [7] also provides a limit to the arch thickness (t)
as a function of the rise h, span S and central angle 8 of the arch,
expressed as:

t < {h - [1/(48S)]}/cos(6/2) (12.7)
or in a simplified form:
t < [h - (0.02808/S)]/cos(6/2)

The constant, 48, is based on a lower limit of the ratio of rise h to
span S, in which a lower limit of 1/4 inch per foot of span, (a ratio
of 1/48) is established. Therefore, this ratio is dimensionless. The
reason for the limitation is to minimize the adverse condition which
arises when in-sufficient or no expansion allowance is used, as
illustrated in Figure 12.4b. As the thickness increases, the vertical
distance hy, between hinges becomes quite small. When this
condition occurs, the arch becomes unstable. That is, the thrust
becomes very large ( see Equation 12.4 ), with a
decreasing hy,. As the thrust increases, the refractory would
experience either excessive plastic flow or brittle fracture at the
hinges. By keeping the arch thickness at a value less than that of
Equation 12.7, the lower value of hy, is not reached. That is, the
top side of the arch at the skew is lower than a hinge which would
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occur at the inside of the arch crown.

Basically, it can be concluded that arches of reasonable rise
will form the three hinges upon heatup. If insufficient expansion
allowance is used and if the arch is too thick, then the arch
becomes unstable due to the position of the exterior two hinges at
the skews relative to the interior hinge at the crown. If a slight
excess of expansion allowance is used, then the arch is quite stable
during heatup due to the large hyy,. It should also be mentioned that
extreme expansion allowance could be undesirable. In this case, the
arch could also collapse inward when the unheated arch hinges
(exterior at crown and interior at skews) are at a similar level and
hyy approaches zero.

III. ARCH THERMAL DISPLACEMENTS

In the previous section, the arch thrust load and the expected
range of this thrust load was defined. The basis of the definition of
the arch thrust was that the arch formed hinges during heatup. The
locations of the hinges (either inside or outside of the arch) are
based on the amount of expansion allowance relative to the arch
expansion. The following discussion addresses the manner in which
the arch expands when exposed to operating temperatures. The
purpose here is to better define the arch thermal expansion such that
an imposed expansion allowance can be used.

The refractory brick arch 1is typically exposed to a
temperature environment in which the inside of the arch is at a
higher temperature than the outside of the arch. Referring to Figure
12.6a, the cold arch is exposed to a linear through-thickness
temperature distribution in which the inside temperature (hotface),
T,, is greater than the outside (coldface) temperature, T.. The
average temperature (T,.g) of the arch is:

Tove = (T, + T2 (12.8)

Therefore, the thermal growth of the arch span at the inside of the
arch is illustrated in Figure 12.6b and defined as:

dS’ = o Tyyg - Tg )S (12.9)
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or:
dS’ = aaTS

where T; is the installed or room temperature. dS’ is defined as
thermal expansion that occurs due to the average increase in arch
temperature.

The second portion of the arch expansion is that part which
occurs due to the through-thickness temperature gradient. As
illustrated in Figure 12.6c, the arch rotates causing the central angle
to increase from the original installed central angle of 8 to a lesser
central angle of 6"
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6" <9 (12.10)

Note that the central angle from the average increase in temperature
remains equal to the original central angle:

6" =60 (12.11)
The change in the central angle is defined as:
b =6"-9 (12.12)

The angle ¢ can also be defined in terms of the temperature
difference, dT, through the arch:

dT = T,- T, (12.13)

The unit thermal growth at eijther the inside or outside of the arch
is:

dL = dTa
The unit angle of rotation is:

d¢ = tan'(2dToyt) (12.14)
where d¢ is the angular change for a unit length of arch, as
measured along the centerline of the arch. The total angular change
is ¢, as defined in Equation 12.11. ¢ is calculated as:

& = Ldo (12.15)

where L is the arch length along the arch centerline, as defined by
(see Figure 12.3 for arch geometry):

L = [2=(r + t/2)]6/360 (12.16)
Therefore:
¢ = tan'2dTo/)[2xr(r + 1/2)16/360 (12.17)

Simplifying:
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¢ = tan(2dToy)[0.0175(r + t/2)6] (12.18)

The revised arch angle 8” is:
0"=0-¢ (12.19)

The revised arch radius r” is taken as the inverse of the central
angle change:

" = (6/ 8")r (12.20)
The revised span §” is:
§” = 2r” sin 6” (12.21)

Based on the through thickness temperature difference, the
additional span length dS” is:

ds"=S8"-8 (12.22)
Therefore, the total increase in the arch span dS g is:
dS;or = dS’ + dS” (12.23)

If the through thickness temperature difference is small, then the
dS” will be small. However, the effects of temperature difference
can add a significant amount of arch span expansion.

In summary, the evaluation of the arch span expansion should
include both the average temperature effects and the through-
thickness temperature difference effects, resulting in an improved
estimate of the required expansion allowance for the refractory
brick arch.

IV. SUMMARY

The refractory arch is typically exposed to a temperature
environment that is characterized as a higher hotface temperature
than coldface temperature. Because of the arch thermal expansion,
a geometry change takes place. This new expanded geometry does



Refractory Brick Arch Behavior 303

not fit within the installed skew position because of two primary
parts of the expansion. The arch increases in size due to the
average increase in temperature and rotates due to the through
thickness temperature difference. Even if the skews are displaced
horizontally to match the increase in span, the slope of the skew
face does not match the new central angle of the arch. As a result,
the arch will form three hinges, one at the center crown location
and one at each skew face. The three hinges formed within the
arch are due to mismatching between the expanded arch and the
position of the installed skews and the slope of the skew face.

Expansion allowance is used to accommodate the expanded
arch geometry. The skew can be displaced horizontally to allow for
the increase in the arch span. However, the skew is not usually
rotated to accommodate the change in the central angle of the arch.
A slight excess in expansion allowance usually creates a more
stable heated arch than when insufficient expansion allowance is
used.

Insufficient expansion allowance coupled with too thick of an
arch, as defined by McDowell, will result in an unstable arch. Too
much expansion allowance will also create an unstable arch and
arch collapse.

In the design of an arch, the following items should be
addressed:

1.  The operating temperature distribution of the arch
should be fully understood in order to calculate
expansion allowance.

2.  The appropriate arch thickness should be used.

3.  The appropriate expansion allowance should be
incorporated into the arch design.

4.  The highest stresses occur at the three hinges, and
the three hinges are at the crown and skew faces.
The refractory brick with the highest structural
integrity should be chosen for these locations.
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5.  Since the arch thermal loading reverts to an arch
gravity weight loading, the arch loading is a stress
controlled loading. The ultimate crushing strength
is a part of the strength criteria used to select the
best refractory brick for the arch.

The flat arch has been gaining considerable popularity in the
industrial community. No extensive investigative work has been
found in the literature on the flat arch. As a result, no discussion
has been included here. It is expected that the success of this arch
is based on the support system design surrounding it. It is expected
that the flat arch and its support structure are designed to accept a
thermal expansion load and that these loadings may be somewhat
greater than the previously discussed circular arch.

The catenary arch is another form of refractory brick arch
used in industry. The disadvantage of the catenary arch is the
vertical rise of this arch. Typically, the rise of the catenary arch is
much greater than the circular arch. The result is that a greater
space is required for this arch. Most likely, the catenary arch will
form hinges similar to that of the circular arch. However, the
catenary arch should be much more stable than the circular arch.
Also, expansion allowance may not be required for the catenary
arch meaning that the skews can remain fixed at the installed
position.
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Fundamentals of Brick-Lined
Cylindrical Shells

I. INTRODUCTION

Of all the various shapes of industrial process vessels, the
cylindrical vessel geometry appears to be the most predominant.
The objective of this chapter is to describe the thermomechanical
behavior of the cylindrical refractory-lined vessel. Typically, the
vessel shell is a structural or pressure-vessel grade steel. In the
following discussion, it is also assumed that the refractory lining is
made up of refractory brick.

The purpose of the refractory-lined process vessel is usually
to contain high-temperature process materials. These materials may
be granular, liquid or gas.

The second function of the refractory lining is to isolate the
support structure (usually made of steel) from the process
temperature. In most cases, structural and pressure-vessel grade
steel cannot be exposed to temperatures much above 350 to 450°C.

307
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The purpose of the steel support structure is to provide the
necessary tensile strength to constrain the lining in the heated
condition. To accomplish this, the lining must insulate the steel
structure from excessive temperatures.

The third function of the refractory lining is to control heat
loss from the process. Heat loss control may be economic (due to
high energy costs) or because the process requires the maintenance
of a stable temperature environment for product quality control.

II. BACKGROUND

The cylindrical refractory-lined process vessel is
fundamentally exposed to a combination of operating pressures and
temperatures. The pressure and temperature process environment is
applied to the inside (hotface side) of the lining, as illustrated in
Figure 13.1. In most cases the lining consists of several layers of
varying quality refractories. The interior layer of refractory lining
that is exposed to the process is often called the working lining. In
some vessels that contain molten liquids, such as molten steel, the
linings between the shell and working lining are often referred to as
the safety or insulating linings. Sometimes the lining behind the
working lining is called the back-up lining. Other terms given to
lining systems include wear skin for the working lining and safety
skin for the safety lining. Regardless of the terms used, the lining
system serves the same purpose: to contain the process
environment.

As previously indicated, the objective of this chapter is to
provide insight into the thermomechanical behavior of the refractory
lining system. To accomplish this task a simplified numerical
example is used to portray the fundamental aspects of lining
mechanical behavior and to show how the lining interacts with the
vessel shell. It should also be mentioned that the hand calculation
procedure was chosen since this procedure allows separation of all
the interacting parts of the lining behavior. This would not be
possible in a finite element analysis procedure. Several assumptions
are made to reduce the number of considerations to only those
necessary to understand the lining behavior and to make the hand
calculations of this numerical example more tractable.



Brick-Lined Cylindrical Shells 309

5]
&}
<
[
A
=
Qo

o) ©

Z

z

—
53
Q
<
[
=
o
o

Y _JTn

FIGURE 13.1 CYLINDRICAL REFRACTORY BRICK LINING
LINEAR TEMPERATURE DISTRIBUTION

The first assumption used in the example is that the refractory
material is linearly elastic. That is, no inelastic flow (plastic or
creep) occurs.  Simplifying the refractory material to elastic
behavior reduces the calculations to reasonable limits.

The second assumption is that the temperature gradient will
be linear through the thickness. Therefore, we are evaluating what
could be termed the steady-state operating temperature. During
transient heatup of a lining system, the through-thickness gradient
becomes non-linear.  Attempting to use hand calculations with
transient heatup temperature would greatly complicate this effort.

The third assumption is that the brick joints can not support
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any tensile loading. This is realistic for a dry joint. For a mortar
joint, a small magnitude of tensile loading can be supported.
However, when comparing the low tensile strength of most mortar
joints to the much greater compressive strength of the brick lining,
the assumption of zero mortar joint strength does not have a
significant influence on the accuracy of the solution. It will be
shown that the assumption of non-tension in the mortar joint does
not severely jeopardize the predicting of lining behavior.

The fourth assumption is perhaps, the most important. A
lining thickness was chosen such that the vessel shell will be at a
low temperature, causing the shell to expand less in the radial
direction than the refractory lining. Therefore, the shell will
constrain the lining and induce compressive stresses in the lining.
The vessel shell will, in turn, develop a tensile stress to equilibrate
the lining compressive stress. The lining compressive stress serves
an important role in that a mechanical seal is formed in the brick
joints thereby preventing penetration of process materials. If the
lining is made too thin, the higher shell temperature will cause the
shell to expand radially more than the lining. As a result, the lining
will not be constrained by the vessel shell, resulting in a loose
lining.

The fifth assumption is that no expansion allowance is taken
into consideration. The joints are assumed to be ideal rigid
interfaces.

III. DEFINING EQUATIONS FOR
THE NUMERICAL EXAMPLE

The basic behavior of a cylindrical lining, exposed to a
through-thickness linear temperature gradient and restrained by the
shell, is described in Figure 13.1. Typically, as illustrated in Figure
13.2, the inner portion (or hotface side) of the refractory lining
develops a compressive thermal stress and the shell develops an
equilibrating tensile stress. Radial cracks develop on the cold side
of the lining joints as the refractory has little or no tensile strength.
A radial pressure (P) develops between the refractory lining and the
vessel shell due to the thermal restraint imposed on the lining by
the shell (see Figure 13.3).
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Figure 13.3 describes the various parameters of the cylindrical
refractory lining geometry that are used in the following equations.
As noted, the lining joint is not in contact on the cold side of the

lining.

The following example will demonstrate how the joint

condition is developed. There are two components of the lining
linear temperature that will be dealt with in the example problem.

They are:

L.

The average temperature of the lining thickness
under consideration. This is the portion of the
temperature  distribution that creates the
expansion forces. The lining expansion force
(F) will be equilibrated by the shell expansion
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FIGURE 13.3 COMPONENTS OF CYLINDRICAL LINING
EXPANSION STRESS

force F;.  The lining expansion creates a
uniform stress S.''.

2. The second component is the gradient portion of
the temperature distribution in the lining. This
portion of the temperature distribution creates a
thermal moment (M) for the portion of the
lining under consideration. This portion of the
temperature distribution does not have any
influence on the expansion forces F, or F,.
However, the thermal moment does create
thermal stresses in the lining. As shown in
Figure 13.3, the moment stresses are defined as



Brick-Lined Cylindrical Shells 313

Sc'. S¢ is the compressive stress on the hotface
side of the lining and adds to the compressive
stress S.”’. On the coldface side, for the lining
thickness under consideration, S’c is the tensile
stress and subtracts from the compressive stress
S

As shown in Figure 13.3, the addition of the two components
results in the final compressive stress state S.'".

A. Defining the Equations

The basic behavior of the cylindrical vessel lining system
can be demonstrated by using the following vessel equations. The
hoop (circumferential) stress equation for a pressurized cylindrical
vessel shell is defined as:

S. = PR/T (13.1)
where:
S. = Hoop (circumferential ) stress
R = Vessel radius
t = Vessel shell thickness
P = Radial pressure

Equation 13.1 assumes the ratio of the vessel shell radius to the
vessel shell greater than about 10. That is, thin shell vessel
behavior is assumed.

Dividing both sides of the equation by the modulus of elasticity
(E), the left side of the equation becomes the hoop strain € :

€. = PR/tE (13.2)
The incremental change in the circumferential length (AC) of the
vessel wall is obtained by multiplying the circumferential strain by

the circumferential length (C = 2nR):

2nR€. = AC = 2nPR*tE (13.3)
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The radial displacement (AR) can be determined knowing AC =
2nAR. Substituting:

AR = PRYtE (13.4)

Equation 13.4 forms the basis for our evaluation of the
vessel lining system. The vessel lining is defined to consist of two
parts, the vessel lining and the vessel shell. As previously
discussed, it will be assumed that the lining was selected of
sufficient thickness such that a low shell temperature is achieved.
This also means that the shell expands radially less than the lining.
As a result, a radial restraint pressure (P) will exist between the
inside face of the vessel wall and the coldface side of the lining
(see Figure 13.3). The previous equations (Equations 13.1-13.4) are
now redefined for each of the two components (the vessel lining
and vessel shell).

The radial interference pressure (P) is of equal
magnitude on the shell and lining. However, this pressure causes
inward radial displacement of the lining defined as:

AR, = PR Jt',E, (13.5)

R’, = Effective midthickness radius of lining
Effective working thickness of lining
MOE of lining

-~
=
|

[es]
=
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Referring to Figure 13.3, the full lining thickness is t;,. However,
as we will demonstrate in the following example, the full lining
thickness will not be active in thermal expansion interaction
between the lining and shell.

Because of the restraint loading on the vessel shell, the vessel shell
undergoes an outward radial displacement:

AR, = PR%/t.E, (13.6)



Brick-Lined Cylindrical Shells 315
where:

Radius of shell
ty = Thickness of shell
Elastic modulus of shell

»
|

fes!
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The sum of the inward lining displacement and the outward shell
radial displacement (A%;) is defined as:

Adp = P(R,Lz/tILEL + Rsz/tsEs) (13.7)

Turning now to the thermal expansion of the lining and the
shell, the radial expansion of the vessel lining (aRy,) is:

AR, = R AT, (13.8)

where o, is the coefficient of thermal expansion of the lining and
aT, is the midthickness temperature increase (at R’,) as measured
from room temperature.

The vessel shell radial expansion (aRy) is:

AR = ogReaT, (13.9)
where oy is the coefficient of thermal expansion of the vessel shell
steel and ATy is the increase in temperature of the vessel shell as
measured from room temperature. Since the lining will expand
radially more than the shell, the resulting difference in the radial
thermal growth is the thermal interference (ad,), defined as:

a8 = o R’ AT, - agRaT, (13.10)

To satisfy both the force and displacement conditions for the
thermal interference between the lining and shell:

A5, = Ad, (13.11)

Substituting Equation 13.7 into Equation 13.11:
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ad; = P[R' I/t E + R%Jt.E() (13.12)

An average elastic modulus is used for the refractory working
lining. Although the approach is approximate, the fundamental
thermomechanical behavior of the lining and shell can be
identified. In actual linings, the elastic modulus varies as a
function of temperature, and on the hotface side of the lining
significant plastic flow occurs. The non-tension joint loading
criterion is employed using trial and error solutions of the
preceding equations.

To add more accuracy to this approximate approach, the
lining can be divided into several thin cylindrical parts. Equation
13.12 would then be redefined as:

Ad; = P[ I, (Rt E); + R¢tEs ] (13.13)

where the n represents the number of thinner cylindrical lining
sections. The lining parameters within the parentheses are for each
of the thinner sections. Equation 13.13 may be more applicable if
the MOE varies significantly due to the effects of temperature. It
should be re-emphasized that these equations are still very
approximate compared to more sophisticated finite element
methods.

IV. EXAMPLE OF CYLINDRICAL
LINING BEHAVIOR

The cylindrical vessel is assumed to be lined with refractory
that has the following properties:

o, = 6.3 x 10° mm/mm°C

t, = 229 mm (full lining thickness, t'| = t,)

R'L = 1638 mm Ry = 1524 mm, R ;. = 1753 mm)

E, = 174 GPa

Let us assume a steady-state heat transfer analysis was
conducted and the following temperatures were obtained:

T, = 1093°C
200°C

&
|
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For the vessel shell:

a; = 11.7 x 10°mm/mm°C
ts = 32 mm

R, = 1768 mm

E, = 207 GPa

AT, = 204 -21 = 183°C

Trial Solution No. 1:

Assuming the full lining thickness will develop the lining
expansion stresses, the average increase in the lining temperature
from ambient is:

AT, = {[(1093 + 200)/2] - 21} = 626°C

Substituting the parameters into Equation 13.10, the thermal
interference is:

Ad; = (6.3 x 10%)(1753)(626) - (11.7 x 10°)(1768)(183)

=691 -3.79 = 3.12 mm
Therefore, the lining will grow radially more than the shell. This
satisfies our condition that an expansion restraint must be imposed
by the shell to provide a stable lining.
Substituting the various parameters into Equation 13.12:

Ad; = P{[1638%/(229)(17.4)] + [1768%/(32)(207)]}

=P (673 +472) = P(1145)

Solving for the radial thermal interference pressure (compressive
pressure, P):

P = Ad;/1145 = 3.12/1145 = 0.0027 GPa = 2.7 MPa

Substituting into Equation 13.1, the vessel shell circumferential
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tensile expansion stress is:
S = Ffty = PRty = (2.7)(1728)/32 = 146 MPa

The circumferential compressive stress S”. (see Figure 13.3)
in the refractory lining is:

S = -(2.7)(1638)/229 = -19.3 MPa

Note that S represents the average compressive stress in the
lining and not the influence of the temperature gradient.

Since the refractory has a through-thickness temperature
gradient, these gradient stresses (S'c; see Figure 13.3) must be
added to the average stress, S".. Therefore, at the outside surface
(against the shell) of the lining:

S'c

+HE o (Ty - Tc )12

+(17.4)(6.3 x 10(1093 - 200)/2

S’c = +0.0489 GPa = 48.9 MPa

The total stress (S'”') on the cold side of the working lining is:
§" =8.+8". =+ 489-19.3
= + 29.6 MPa
Since this tensile stress is clearly in excess of the tensile strength
of mortared brick joints, a second trial is required using only a

portion of the lining thickness on the hotface side of the vessel
lining, illustrated in Figure 13.3.

Trial Solution No. 2:

Assume the inside two-thirds of the lining will develop the
full expansion force, therefore:

¢, = (2/3)229 = 153 mm
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T. = 500°C (at 2/3 location)
AT, = [(1093 + 500)/2 - 21] = 756
AT = 183°C, identical to trial 1

Substituting into Equation 13.10:
ABL = (6.3 x 10°%)(1600)(756) - 3.79
= 3.83 mm
Substituting into Equation 13.12:
Ad, = P[1600%/(153)(17.4) + 472] = P[1434]

Solving for the radial thermal interference pressure (compressive
pressure P):

P = Ad,/1434 = 3.83/1434 = 2.67 MPa

The vessel shell circumferential tensile stress (S.; see Figure 13.3)
is:

Ss = +(2.67)(1768)/32 = +148 MPa

The average circumferential compressive stress (S"c; see
Figure 13.3) in the refractory lining is:

S". = - (2.67)(1600)/153 = - 27.92 MPa

The circumferential lining stress at the interior cold face (at 153
mm from lining hotface) due to the temperature gradient is:

S'c =+ (17.4)(6.3 x 101093 - 500)/2

+ 0.0325 GPa = 32.50 MPa

The lining stress S"’ at the location 153 mm from the hotface
is:

S =+ 32,50 - 27.92 = 4.58 MPa
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S =+ 32.50 - 27.92 = 4.58 MPa

Likewise, the circumferential lining stress at the hotface is:
S =-32.50 - 27.92 = - 60.42 MPa

Trial 2 is an improved solution over Trial 1. The interior tensile
stress in the joint is still significant. The tensile stress of 4.58 MPa
at the interior location is still a bit too high. For a dry joint, the
stress should be zero. Perhaps a third trial is required using a t' of
about 130 mm.

The example problem demonstrates:

1. The coldface side of the lining can develop radial
tension cracks (open radial joints).

2. The lack of circumferential tension stress in the
lining results in the vessel shell equilibrating all of
the lining compressive expansion stress.

3. Only the average temperature of the lining causes
the expansion restraint with the vessel shell. The
gradient portion of the through-thickness
temperature distribution only adds to the lining
thermal stress.

4. The condition of no tension stress in the lining
joints results in the center of gravity of the lining
compressive expansion stress shifting toward the
hotface of the lining.

5. The lining should be installed with thin mortar
joints and the linings must be installed tight
against the vessel shell. In some instances the loss
of the expansion interference can be attributed to
(1) a lack of tightness in lining installation; (2) the
use of crushable material behind the working
lining; or (3) the use of too thick a compressible
blanket or board material, which can result in a
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loose working lining and subsequent penetration of
process materials such as molten liquids.

6. The insulating lining must have sufficient crushing
strength. The example shows a compressive stress
(P) of about -2.67 MPa applied to insulating brick
used between the working lining and the shell. If
rapid heatup is used, then higher expansion forces
will be imposed on the insulating brick, as
described in Figure 13.4.

It should be noted that the analytical method used in the

example is approximate and is limited to elastic/non-tension joints.

A

more sophisticated analytical method such as a finite element

EXPANSION STRESS

]
——— SLOW HEAT-UP RATE
—— FAST HEAT-UP RATE

FIGURE 13.4 INFLUENCE OF LINING HEATUP RATE ON
LINING AND SHELL EXPANSION STRESS
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analysis is required if the lining’s elastic modulus is temperature
dependent, if the temperature distribution is transient (non-linear)
or if non-linear plastic flow is to be included in the hotface region
of the lining.

V. EXPANSION ALLOWANCE
CONSIDERATIONS

Unlike the circular refractory arch, the cylindrical refractory
lined vessel does not form hinges when subjected to thermal
expansion. The expansion stress-strain values continue to increase
with increasing temperature. Therefore, in some instances where
the refractory lining material has a combination of high stiffness,
high coefficient of thermal expansion, a highly restraining support
structure and high operating temperatures, or is exposed to high
heatup rates, expansion allowance may be a necessary part of the
lining design.

The mechanism used for expansion allowance comes in
several different forms. These mechanisms include the common
mortar joint, mortar joint sheeting material (for example,
cardboard) and the use of compressive blanket material. The
present state of expansion allowance technology is very
approximate. The following information hopefully provides a more
technical basis for incorporating expansion allowance into the
lining system that requires some relief from thermal expansion.

A. Mortar Joints

The use of mortar joints, or at least the taking into account
the effects of the mortar joints [1], for expansion allowance can
greatly assist in determining if other expansion allowance
mechanisms are necessary.

Perhaps the first initial insight into the appreciation of the
influence of the potential expansion forces can be determined from
the following equation that roughly estimates the stiffness of the
lining relative to the stiffness of the vessel shell, defined as:

STy, = Eyt/Eqt; (13.14)
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This equation is evaluated at various operating temperatures
to estimate roughly the influence of the lining in creating
significant expansion stresses in the vessel shell. If the ratio
approaches 1, then the stiffness of the lining is significant and
expansion stresses should be evaluated. As shown in Section I,
the estimate of the lining thickness, t';, is a critical part of this
evaluation. The finite element model of linings has the capability
to evaluate the effective thickness of the lining automatically as
part of the model predictions on lining behavior.

The mortar joint is a critical part of the evaluation of the
expansion allowance evaluation. We have previously demonstrated
the magnitude of the circumferential and radial stresses which exist
in the lining (see Section IIT). The ratio between the hoop stress
(S8”¢) and the radial stress (P) is a function of the lining radius and
lining thickness. That is, from Equation 13.1:

§"c = R'Yt'DP
(13.15)

The hoop stress is greater than the radial stress by the ratio of the
lining radius to the lining thickness. It is possible, due to lining
geometry, that the hoop stress can be ten times greater than the
radial stress. Therefore, the radial joints are exposed to a much
higher stress than the circumferential joints. The result is that
radial joints are compressed and will undergo a greater loss of
thickness than the circumferential joint.

The second aspect of the lining joints is the number of joints
in the two directions. Typically, the number of circumferential
joints is limited to two or three, based on the number of lining
components. The number of radial joints is considerably greater.
In a considerable number of cylindrical refractory-lined vessels, the
ratio (Jg,c) of the number of radial joints (N;) to the number of
circumferential joints (N ) is:

JRJC = Ni /N¢
(13.16)

Since the radial joints are exposed to the higher hoop stress, the
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ratio (Sg,c) of hoop to radial stress is:
Sge = Rt (13.17)

Chapter 8, on mortar joint behavior, demonstrated that the
greater the stress imposed on mortar joints the, greater the joint
collapse. Combining the effects on the number of joints with the
magnitude of compressive loading on the respective joints, the
influence of the radial joints relative to the circumferential joints in
developing expansion allowance is estimated as:

Rexpare = JR/C SR/C (13.18)
or, redefined, as:
Rexparr = Nr R’y Net' (13.19)

This is an extremely rough estimate on the influence of radial
joints, but does indicate that radial joints have a more significant
role in creating expansion allowance than circumferential joints.

B. Use of Compressible Insulating Blankets

In some instances, the mortar joints do not provide sufficient
expansion allowance. As a result, other expansion allowance
mechanisms must be incorporated into the lining design.
Addressed here will be the use of compressible insulating blankets.
The key to the successful use of insulating blankets is
understanding the compressive deformation behavior of these types
of materials.

Figure 13.5 describes the compressive stress-displacement
relationship for an insulating blanket that has an initial (unloaded)
density of 160 to 192 kg/m’ [2]. The lighter weight materials
exhibit considerable displacement at very low compressive
loadings. At about 3 to 4 MPa, the blanket displaces about 85% of
its original thickness. That is, the thickness of the blanket at 3 to 4
MPa is about 15% of its original unloaded thickness. At higher
compressive loadings, above 4 MPa, the thickness is reduced by
only about another 6 to 8%. A compressive load of about 65 MPa
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causes the blanket to displace about 93% of its original thickness.
The previous example indicated a radial compressive loading (P) of
about 3 MPa. Therefore, if an insulating blanket has a density of
160 to 192 kg/m®, then the blanket will compress about 85%.

For example, a 160- to 812-kg/m’ density insulating blanket
is chosen to be used as an expansion allowance mechanism in a
cylindrical refractory-lined vessel. The blanket would be placed
circumferentially against the shell. The desired expansion
allowance is 5 mm. The desired thickness of blanket to be used
would be 6 mm (5/0.85 = 5.88).

Figure 13.6 describes the compressive stress-displacement
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relationship for an 800-kg/m® density insulating blanket [2].
Because of this greater density, considerably greater compressive
loading is required to compress this material. In this case, a
compressive stress of 3 to 4 MPa would only displace this blanket
by about 35%. For extreme compressive loadings of 65 MPa, this
blanket would displace about 60%. Therefore, for radial loadings
from refractory, this blanket is expected to displace about 35% of
its thickness. That is, this material would compress such that the
compressed thickness would be 65% of its original thickness. If a
6-mm thick blanket is used against the shell, the expected
expansion allowance from this material is about 2 mm (0.35 x 6 =
2.1). Looking at this blanket selection from the reverse direction,
if a desired expansion allowance of, say, 5 mm is desired, then a
thickness of about 14 mm (5/0.35 = 14.3) should be used.

—

COMPRESSIVE STRESS, MPa

4 3 2 1 0
COMPRESSIVE DISPLACMENT, mm

FIGURE 13.6 DISPLACMENT-STRESS RELATIONSHIP FOR A
800-kg/m3 INSULATING BLANKET [2]
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The compressive stress-displacement data [2] indicates a
significant relationship to the density of the blanket. Figure 13.7
provides an interpretation of the compressive stress-displacement
data for a range of expected insulating blanket densities [3]. As
indicated, the expected displacement (or percent of thickness that is
compressed, C) of the blanket material as a function of the density
is estimated as:

C =100 -0.1Q, (13.20)

where C is the percent of displaced thickness, due to a compressive
stress in the range of 2 to 5 MPa, and the insulating blanket
density is in kg/m’. The constant of 0.1 is an estimated constant
for this relationship. Using Equation 13.15, a blanket density of
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20% [100 - 0.1(800) = 20%]. Therefore, if a blanket thickness of
12 mm is chosen, this blanket is expected to displace about 2.5
mm (0.20 x 12 = 2.4) when subjected to typical radial loadings
from a cylindrical refractory lining.

It should be emphasized that insulating blanket materials
may have a maximum operating temperature suggested or
recommended by the manufacturer. Temperatures above the maxi-
mum operating temperature may cause blanket shrinkage or other
forms of blanket deterioration. Therefore, a greater expansion
would occur in excess of the expected expansion allowance. If this
occurs, the lining may lose the necessary restraining force provided
by the shell. This, in turn, would cause a loss of the mechanical
seal in the lining joints and an undesirable penetration of process
materials into the lining.

Another problem associated with the use of insulating
blanket materials occurs when lighter density insulating blankets
are used in process vessels that are exposed to continuous cyclic
flexing of the vessel shell. This flexing can cause a working of the
rigid lining brick against the softer insulating blanket, resulting in
mechanical wear and deterioration of the blanket material. This
then causes an unexpected increase in the expansion allowance.

When using an insulating blanket as an expansion allowance
material, the heat transfer analysis should include the insulating
effects of this blanket. If the blanket is severely compressed, it
may lose some of its insulating capacity because of the den-
sification that occurs.

VI. THIN CYLINDRICAL REFRACTORY LININGS

Quite often in certain industries, thin refractory linings are
used because of the lesser need for the insulating capacity of the
refractory materials. In these instances, the process temperatures
are in the intermediate to lower range (less than about 650°C).
The supporting vessel shell can be exposed to temperatures up to
400°C without any significant loss in structural integrity. As a
result, thin refractory linings are used. In many instances, such as
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result, thin refractory linings are used. In many instances, such as
in the refinery industry, the refractory linings are monolithic
(castable or gunned type) linings.

When the linings become too thin, a highly undesirable
condition occurs that can cause lining deterioration. This condition
is the radial thermal growth of the vessel shell relative to the
thermal growth of the vessel lining. Because of the lesser
insulating capacity of the thin lining, the shell temperature is
relatively higher than in a thick lining system. As a result, the
radial thermal growth of the vessel shell is greater than the radial
thermal growth of the lining. When this occurs, the lining is not
constrained by the shell.

The condition just described is demonstrated by the
following example. Assume a cylindrical vessel lined with a 100-
mm thick castable lining is placed in a 1200-mm diameter vessel.
The vessel shell is 25 mm thick. The vessel shell is a typical
pressure-vessel grade carbon steel. Since the lining system
temperatures are a critical part of this investigation, the thermal
conductivity (K) is also defined. The material properties of the
carbon steel used in this investigation are:

ag = 11.7 x 10° m/m°C
K, = 35 W/mK

The castable material has an A1,0, content of about 58% and SiO,
content of about 32%. The material properties to be used in this
investigation are:

o . =3.8x10°m/m°C
K, = 1.30 W/mK
The process temperature is 630°C. The shell temperature is

calculated using the classical heat transfer equation in most heat
transfer text books [see, for example, Ref. 4], and defined as:



330 Chapter 13

Q - TH B TR
1,5t s, (13:21)
hy i-1 K, hg

where T, is the process temperature, Ty is the exterior ambient
temperature, h,, is the hotface heat transfer coefficient, h. is the
vessel shell exterior surface heat transfer coefficient, t; is the
thickness of a lining material component and K, is the
corresponding thermal conductivity of this lining material
component. The following values are used for the heat transfer
coefficient:

hy = 28.5 W/m*K
he = 11.5 W/mK

The exterior ambient temperature is set at 22°C. The thicknesses
are converted to meter units. Substituting the values into Equation
13.16:

630 - 22
1,010, 0025 1
285 13 35 115

Q:

i} 608
0.035 + 0.077 + 0.00071 + 0.087

The first step of the heat flow calculations are provided to show
that the steel shell (third value in denominator) has very little
significance on the heat flow. The effect of the steel shell could
have been neglected without any significant loss in the accuracy of
the solution.

The heat flow is:

Q = 3034 W/m?
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The shell temperature is:
T - 22 = 0.087(3034)
Ts = 286°C

Because of the low thermal resistance of the vessel shell steel, it
can be assumed that the inside of the shell will also be at 286°C.

It can be determined if a restraint condition is established by
comparing the radial expansion of the steel shell to the radial
expansion of the lining hotface. The lining hotface would be the
portion of the lining that would develop the greatest radial
expansion. The radial expansion of the vessel shell is:

ARg = o RAT
= (11.7 x 10°)(600 mm)(286 - 22)
= 1.85 mm
The radial expansion of the lining hotface is:
AR, = (3.8 x 10°)(600 - 100)(630 - 22)
= 1.16 mm
Since:

AR > AR,

If the radial expansion of lining thickness is also included using the
average lining temperature:

At, = (3.8 x 10°)(100)[(630 + 286)/2 - 22]
= 0.166 mm

The lining radial expansion is revised to:
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AR[ = 1.16 + 0.166 = 1.33 mm
However, the shell expansion is still greater.

The gap between the lining and shell at operating
temperatures is:

GAP = AR, - AR,
GAP = 1.85-1.33 = 0.53 mm

There is no restraint imposed on the lining by the shell. As a
result, the lining will remain loose within the vessel shell during
normal operating conditions. Since this is a castable lining, most
likely some shrinkage has occurred increasing the gap between the
lining and shell.

The need for a low shell temperature is an important
consideration when designing a lining system for a low-temperature
environment. By reducing the shell temperature through the use of
either a thicker lining or using an insulating layer against the shell,
the shell expansion is reduced. With high shell temperatures, the
lining is subjected to high tensile stresses, resulting in tensile
cracking of the lining during operating conditions. If lower shell
temperatures are designed into the lining/shell system, the lining is
subjected to stabilizing compressive stresses during operating
conditions. Since the castable materials are typically stronger in
compression than tension, the lower shell temperatures will result in
fewer tensile cracks in the lining during operating conditions.

VII. SUMMARY

The results of the numerical examples illustrate several
interesting behaviors of cylindrical lined vessels. With regard to the
thick lining required for high-temperature operating environments:

1.  The cold side of the lining system cannot develop
circumferential compressive expansion stresses.
Typically, most refractory brick has coefficients of
thermal expansion (o) that are typically less than
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those of the steel shell (a):
O, < Oy

Assuming the lining adjacent the shell is at the
same temperature (T, = T,) the circumferential
thermal growth of the adjacent lining will not be as
great as the circumferential thermal growth of the
shell. Therefore, the joints adjacent to the shell
must open for the lining to remain tight against the
shell.

2. One key factor in creating a lining restraint
condition is the thermal resistance of the lining.
As the lining increases in thickness (t,) andfor as
the thermal conductivity (K) increases, the restraint
forces will also increase. That is, the shell will
decrease in temperature as K and t increase,
causing a shell restraint to occur.

3. A second factor which assists in creating a lining
restraint is the lining coefficient of thermal
expansion (o). As o increases, the lining
restraint also increases.

4. Some refractory materials have a high o, resulting
in large restraint forces. In some instances, the
restraint becomes too great, causing either
fracturing of the lining material or distortions of
the steel shell. In this case, use of expansion
allowance is required to reduce the adverse effects
of excessive thermal expansion forces.

5. There is a critical balance in the use of expansion
allowance materials. Excessive expansion
allowance can result in an undesirably loose lining,
while an insufficient amount can cause lining
deterioration.

With regard to the lining required for lower temperature
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operating environments:

1. Typically, the lining is made thin based solely on
heat transfer results. That is, the shell temperature
is not excessive, therefore, the lining can be thin.

2. Based on thermomechanical (thermal expansion
behavior) considerations, the thin lining causes
excessive tensile stresses in the lining as a result of
greater radial thermal displacements in the vessel
shell.

3. The lining thickness of a cylindrical refractory-
lined vessel subjected to lower operating
temperatures should be evaluated based on
thermomechanical considerations.
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Fundamentals of Brick
Dome Behavior

I. INTRODUCTION

Another geometric form of refractory lining structure seen in
industry is the spherical lining. The spherical refractory lining
dome is used for large-diameter furnaces which require a complete
refractory lining without interior supports. Typically, only the
cylindrical wall lining supports the dome around the periphery of
the dome base.

Figure 14.1 illustrates the basic parts of the spherical
refractory lining structure. The purpose of this chapter is to
describe the basic forces and moments in this type of lining when
subjected to thermal expansion displacements. Typically, this type
of refractory lining is supported by a vessel shell as described in
Figure 14.1.  The vessel shell expands thermally less than the
refractory dome. As a result, hinges occur within the dome
structure because of the restraint imposed by the vessel shell. Since
the shell restraint is at the skew, the hinges occur in the region of

335
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i VESSEL SHELL

\ CYLINDICAL WALL LINING

FIGURE 14.1 BASIC COMPONENTS OF A SPHERICAL
REFRACTORY LINING |

L

the skew. The following discussion will provide insight into the
nature of dome behavior in the region of the skew and the locations
of the hinges.

II. BACKGROUND

The spherical refractory lining is often designed with a
primary working lining, as shown in Figure 14.1. Just as with
cylindrical refractory-lined vessels, safety or insulating linings are
used to maintain the vessel shell temperatures at reasonable levels.
However, when this is done, the shell will thermally expand less
than the refractory lining. The result is that the vessel shell
restrains the lining from growing to the full potential thermal displacements.
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Figure 14.2 describes and illustrates the effect of the vessel
restraint at the skew of the spherical lining. Typically, the skew
restraint is the only portion of the spherical lining that is restrained
by the vessel shell. Sufficient space is provided between the top
side of the insulation and the spherical shell such that the upward
thermal growth of the dome will not be restrained by the spherical
portion of the vessel shell. Figure 14.2 describes the radial thermal
growth of the dome and skew as dR,. The cylindrical portion of
the vessel shell restrains the radial growth of the skew to a lesser
amount, defined as dRg. Therefore, the dome is restrained by the
amount of:

Dome Restraint = dR;, - dRg

dR= Free Expansion of Dome
N With Expansion Allowance
. dr = Movement of Skew

Dome Restraint = dR-dr
FIGURE 14.2 SCHEMATIC OF DOME RESTRAINT AT SKEW
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The following section discusses the theoretical behavior of
spherical shells constructed of materials (such as steel) which resist
both tensile and compressive strength. The refractory lining system
cannot resist tensile loadings, as previously discussed. However, by
reviewing this theoretical behavior, a better understanding on the
behavior of spherical refractory linings is provided.

III. THEORETICAL BEHAVIOR OF
SPHERICAL SHELLS

The following discussion addresses the theoretical behavior of
spherical domes constructed of materials that have strength to resist
both tensile and compressive loadings.

The coordinate system used to define the dome is shown in
Figure 14.3. Also shown are the shell moments and forces. The N,
force and bending moment M,, are in the meridional direction, while
the N, force and bending moment M, are in the circumferential
direction. Spherical shells with a pinned edge (Figure 14.4a) and a
fixed edge (Figure 14.4b) are used to illustrate the edge effects on
the shell forces and moments. The loading imposed on the shells is
an inward pressure loading applied to the exterior side of the shells.

The force and moment behavior is described in Figure 14.5
[1]. As suggested in Figure 14.2, our interest is in the N, and M,
force and moment. The circumferential hinges in the spherical
refractory lining would result from this force and moment. For the
hinge-edged dome, the M, would be zero at the edge. The stresses
were calculated assuming [1]:

t =143 mm

R = 60 mm

v =0.20

a = 39°

Pressure Load, P = 2 MPa

The results show that at the edge (« = 39°), the only stress
is a compressive stress (N,) of about 7 MPa. Of particular interest
is the trend of the combined N, force and M, moment stresses at
the inside and outside surfaces of the dome. The combined maxi-



Brick Dome Behavior 339

FIGURE 14.3 COORDINATE SYSTEM FOR DESCRIBING
SPHERICAL REFRACTORY LINING EXPANSION
FORCES

mum compressive stress would be at the outside surface (at about o
= 30°), and the combined maximum tensile ¢ stress would be at
the inside surface (at about o = 32°). The maximum stress is
predominantly a result of the bending moment M,  The M,
maximum, therefore, occurs at a location of o = 30 to 32°. This
maximum M, moment location should be kept in mind when
examining the spherical refractory lining behavior later in this
chapter.

The second spherical shell has a fixed edge, as illustrated in
Figure 14.4b. This dome has the identical geometry as the pinned-
edge dome. The stress results of the fixed-edge dome analysis is
detailed in Figure 14.6. These results show that the greatest com-
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b. FIXED-EDGE SPHERICAL SHELL

FIGURE 14.4 CLASSICAL SPHERICAL SHELL ANALYSIS--
DEFINITION OF TWO EDGE CONDITIONS

bined ¢ stresses are at the fixed edge (@« = 39°). The second
maximum ¢ stress occurs at a location of about o = 24 to 26°.
With the fixed condition, the maximum combined ¢ stresses are
considerably less than for the pinned-edge condition. These two
locations should also be kept in mind when discussing the spherical
refractory lining later in this chapter.

The third example is a fixed edge dome [1], but was analyzed
by less rigorous and more approximate theoretical equations. This
dome had the following geometry:

t =76 mm
R = 2286 mm
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FIGURE 14.5 STRESS RESULTS FOR A CLASSICAL ANALYSIS
OF A PINNED-EDGE SPHERICAL SHELL

v =0.20
o = 35°
P = 0.007 MPa

The stress results are described in Figure 14.7. These results show
the maximum combined ¢ stress is at the fixed edge (¢ = 35°)
and at an interior location of a = 21 to 23°. As for the previous
two examples, the a locations of maximum stress should be kept in
mind.

There are other sources for evaluating the stresses in spherical
shells [2]. Most likely, shell structures with other geometrical and
loading variations would exhibit similar trends in the regions of
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FIGURE 14.6 STRESS RESULTS FOR A CLASSICAL ANALYSIS
OF A FIXED-EDGE SPHERICAL SHELL

maximum ¢ stress.

The results of the theoretical analyses for spherical shells
have shown that the edge condition has a significant influence on
the maximum ¢ stress. Also, the maximum ¢ stress occurs at the
edge for fixed edges. For a fixed-edge dome, a second interior
maximum ¢ stress occurs at an o angle closer to the edge. In all
cases, the stresses decay to much lower uniform stresses at the
interior part of the dome shell.

The results of the theoretical analyses serve as an important
basis for the evaluation of spherical refractory linings. Since
refractory lining cannot develop tensile stresses, it will behave
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FIGURE 14.7 PLOT OF TWO CLASSICAL EQUATION RESULTS
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differently. That is, where maximum moments occur, hinges will
most likely develop in the refractory lining. The following section
briefly presents the analytical results of a spherical refractory lining
and how the resulting behavior is realistic based on the previous
theoretical results.

IV. RESULTS OF A FINITE ELEMENT ANALYSIS
ON A SPHERICAL REFRACTORY LINING

Several spherical refractory linings have been evaluated, and
all have shown a similar behavior in the region of the skew. In all
cases, the skew was restrained from complete radial thermal
expansion, as previously illustrated in Figure 14.2. The following
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discussion details the results of finite element analysis results for
the refractory spherical lining described in Figure 14.8 [3]. As
shown, the lining has the following geometry:

t = 305 mm
R = 4724 mm
v =0.20

o = 66°

The dome’s work lining was constructed of silica brick.
Insulating brick were placed on the coldface side of the work lining.
Silica brick was used because of the high-temperature working
environment imposed on the dome. Since silica brick has a high
coefficient of thermal expansion, especially in the lower temperature

Typical Circumferential Styrene
Acrylic Expansion Joint (4 mm thick)

Insulating Brick
6 in 26 Grade
3in 23 Grade

3
s

Y

— - +
FIGURE 14.8 DESCRIPTION OF A SPHERICAL REFRACTORY
LINING
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range, expansion allowance was used. The expansion allowance
was in the form of plastic sheets about 4 mm thick placed at
intervals in the circumferential and meridional dome work-lining
joints. This plastic would burn out at a few hundred degrees
centigrade. Not all of the expansion was accounted for in the
expansion allowance. Sufficient expansion allowance was used
such that excessive thermal stresses were not developed in the silica
work lining. However, the resulting radial expansion of the dome
at the skew region was still greater than the skew radial expansion.
The skew radial expansion was limited by the cylindrical part of the
vessel shell. The vessel cylindrical shell at the coldface side of the
insulating brick behind the skew was heated to temperatures that
caused a restraint to radial thermal growth of the skew.

The finite element model analysis for the previously
described spherical refractory work lining is shown in Figure 14.9.
This model was constructed of three-dimensional solid elements,
with six elements through the work lining thickness. The insulating
brick loading was simulated by applying an inward radial pressure
on the top of the dome. The model also included special elements
at the joints that would resist compression and separate when
subjected to tension. Therefore, hinge locations would be predicted
by the model. These special elements were also used to
accommodate the expansion allowance at every third circumferential
joint. These elements were used to accommodate the meridional
joint behavior.

The thermal displacement behavior, as predicted by the
model, is shown in Figure 14.10. The displacement results describe
a most interesting behavior. Recalling the theoretical results of the
previous section, the greatest moments were developed at the edge
of the spherical shell. The spherical refractory lining behaves in a
very similar manner. The refractory dome experiences two circum-
ferential hinges, the first at the skew face and the second at a short
distance up from the skew face.

The hinge at the skew face exhibits a joint opening on the
hotface side of the dome, while the second hinge opens the joint on
the coldface side of the dome. Both hinges are necessary to
accommodate the radial thermal displacement of the dome, which is
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e \\
YI

FIGURE 14.9 DESCRIPTION OF FINITE ELEMENT MODEL
OF THE SPHERICAL REFRACTORY LINING

greater than the skew. The location of the hinges are also in very
favorable agreement with the two maximum moment regions
predicted by the classical theoretical spherical shell behavior.

V. SUMMARY

In summary, the refractory spherical lining develops two
circumferential hinges, one at the skew face and one a short
distance up from the skew. The hinges are formed due to the
greater radial displacement of the dome than those of the skew.
The hinges are formed to accommodate the differences in the radial
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rotation
FIGURE 14.10 DISPLACEMENT PLOT FROM FINITE ELEMENT
ANALYSIS

thermal expansion at the skew. These results imply that the stresses
in the dome are greatest in the skew region and that better quality
refractory brick should be placed in this region of the dome.

The circumferential thermal stresses are greatest at the skew
due to the shell restraint at the skew. Expansion allowance can be
in the form of that discussed in Chapter 13 on cylindrical lining
systems.

The circumferential stresses in the dome are greatest in the
region just above the first hinge at the skew. Since a greater radial
displacement occurs in the region at the second hinge, the
circumferential stresses are greatly reduced.
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The circumferential stresses are less in the dome because
much less restraint is imposed on the dome.

The use of expansion allowance serves to reduce the radial
expansion of the dome, thereby reducing the amount of rotation at
each of the two hinges.

In some dome designs, special knuckle joints have been
successfully used, as shown in Figure 14.11, to accommodate the
rotation at the anticipated hinge locations.

FIGURE 14.11 CIRCUMFERENTIAL HINGE FOR SPHERICAL
REFRACTORY LINING
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Fundamentals of Flat
Brick Linings

I. INTRODUCTION

Square or rectangular brick-lined structures are used in a wide
variety of process vessels. These flat-walled linings can result in
highly undesirable distortions based on the features of the design
and the design loadings. Flat brick linings are, in some instances,
made a part of cylindrical or spherical refractory lining systems.
The objective of this chapter is to provide an understanding of the
flat lining behavior when subjected to typical temperature and
restraint environments.

II. BACKGROUND

This chapter is concerned with the thermomechanical
behavior of a flat brick lining during typical operating conditions.
It will be assumed that the refractory lining is exposed to a process
temperature and a process pressure. The pressure as addressed here
comes from the hydrostatic pressure effect of hot liquids within the

351
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vessel. Liquids such as molten salt, molten aluminum and molten
steel will develop pressure on the hotface of the refractory lining.
Based on the magnitude of this pressure, the pressure can have a
significant influence on the behavior of the flat brick lining.

The flat brick lining will most likely have a decreasing
temperature through the lining thickness. The slope of this
decreasing temperature distribution is a function of the magnitude
of the process temperature, the thermal material properties of the
refractory material, the amount of insulating brick, the magnitude of
the outer ambient temperature and other related factors. In the
following discussions, only linear through-thickness temperature
distributions will be addressed.

With the flat brick linings, two kinds of process loads are
addressed: the pressure (stress-controlled) load and the temperature
(strain-controlled) load. Both of these loadings have a significant
influence on the behavior of the flat brick lining.

III. INFLUENCE OF PROCESS LOADINGS ON
FLAT BRICK LINING BEHAVIOR

As previously indicated, both the pressure loading and the
thermal loading have a significant influence on the behavior of the
flat brick lining. Because the lining is flat, both of these loadings,
if applied separately, will cause a distinct lining displacement. In
the following discussions, a unit depth of lining is assumed.

A. Pressure Load Behavior

The pressure loading is assumed to be applied to a single
span of a flat brick lining. The single span is assumed to be
pinned, supported at each end of the span. Figure 15.1a describes
the basic single span, flat wall lining and the resulting displacement,
D,, due to the pressure load, P, defined as:

D, = 5PL%/384 EI (15.1)

where L is the span length, E is the modulus of elasticity and I is
the moment of inertia (see Figure 15.1a). Since the lining is a brick
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b. FLAT LINING SUBJECTED TO UNIFORM TEMPERATURE
AND PRESSURE

FIGURE 15.1 SCHEMATIC OF FLAT WALL LININGS

lining and since no thermal restraint is imposed on the lining, the
pressure is resisted solely by the support structure behind the lining.
Therefore, the properties E and I are those of the support structure.
Without the support structure and without any thermal displacement
restraint, the lining cannot resist any pressure load.

B. Pressure Plus Uniform Temperature

The second example with regard to pressure loading on a flat
brick lining includes the effects of thermal displacement restraints.
In Figure 15.1b, it is assumed that the brick lining is heated to a
uniform temperature T, while the support structure is at a
lower temperature T,. Note that no lining temperature gradient is
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used here. The two ends of the lining and supports are connected
such that both ends of the lining and support experience the same
increase in span length (aL). This implies that the support steel
will experience a tensile loading, resulting in tensile stress across
the support cross section. Likewise, the lining will experience a
compressive loading across the lining cross section.

The unrestrained thermal growth AL, of the lining is:
AL, = o L(T, - Ty) (152)
= oy LaT,
where o, is the lining coefficient of thermal expansion and Ty is
installed lining temperature. Likewise, the thermal growth alg of
the lining support is:
alg = oxL(Ts - Ty) (15.3)
= o LAT,
where o is the coefficient of thermal expansion of the lining

support. Since the ends of both the lining and support are
connected, the restraint displacement al; is:

al; = AL, - AL (15.4)
The compressive displacement AL, of the lining is:
al’, = FJE_ (15.5)
where F is the resulting restraint compressive loading in the lining.
An equal tensile load must be developed in the support. The tensile
displacement AL’ of the support is:

Al’s = F/E (15.6)

The sum of the two displacements aL’, and AL’ must equal the
restraint displacement, or:
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ALy = AL’ + AL (15.7)
Substituting Equations 15.2 and 15.3 into the left side and

Equations 15.5 and 15.6 into the right side, respectively, of
Equation 15.7, we obtain for the expression of the restraint force F:

F = (AT, - asATH[EE/(E, + Eg)] (5-8)

Assuming a unit thickness of the lining (measured normal to the
figure), the compressive stress (f.) in the lining is:

fo=F/A, (15.9)

where A, is the lining unit cross-sectional area (t; x 1). Similarly,
the tensile stress (f5) in the support is:

fys = F/Ag (15.10)
where A, is the cross-sectional area of the support.

Since the lining and support are subjected to this thermal
restraint loading, the pressure load displacement will now differ
from the previously determined value by Equation 15.1.

Since the brick lining is exposed to a compressive loading,
the brick lining can now share in resisting the pressure load. The
resulting displacement due to the pressure is now expressed as:

D, = 5PL*/384(E.] + E 1)) (15.11)
where Eg and I are for the support and E,; and I, are for the lining.
The moment of inertia of the lining (continuing with our unit depth
assumption) is:

I, = bt 12 = t%/12 (15.12)

Typically, the support may be a structural shape or a combination
of shapes and plate in which the I is found in handbooks [1].



356 Chaprer 15

Just as with the other lining systems, the flat brick lining
joints cannot resist tensile loading. Therefore, the flat lining’s
capability to share in resisting the pressure loading is a function of
the stress state within each joint. The limiting stress condition
accounting for the full lining thickness is shown in Figure 15.2a.
As the lining joints begin to separate on the back side due to the
greater tensile stress, as shown in Figure 15.2b, the effective lining
I, must be revised. The lining and support each share the pressure
load by the following definitions:

P, = 384 D,E,I,/5L* (15.13)

P, = 384 D,E/5L* (15.14)

b. PARTIAL LINING STIFFNESS

FIGURE 15.2 INFLUENCE OF LINING STRESS STATE ON
LINING STIFFNESS
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where:
P="P_ +P (15.15)

and Py is the portion of the pressure resisted by the support and P,
is the portion of the pressure resisted by the lining.

The lining bending stress (maximum at the mid-span location)
is:

f ;= 3P L4t (15.16)

for the lining where f|; is the mid-span lining tensile stress. The
full lining thickness can be used if:

fir<fic (15.17)
where f, .. is from Equation 15.9. The support bending stress is:
£, = PLY8S (15.18)

where S is the support section modulus [1]. For the support to be
satisfactory, the summation of:

fALLOW 2 fNS + fBS (1518)

where f,, ,w is the allowable tensile stress defined in the AISE
code [1], fys is from Equation 15.10 and fg is from Equation 15.18.
For most structural members, f,,, oy is defined as 0.60 F,, where F,
is the support steel yield stress.

Just as with the cylindrical lining system (see Chapter 13),
several trial solutions may be required to arrive at a satisfactorily
effective lining thickness.

C. Temperature Gradient Through Lining
In this third case of the flat brick lining loading, a through-

thickness temperature gradient is used without a process pressure
loading. The lining hotface temperature Ty is defined as T,y and
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the lining coldface temperature is defined as T, .. Figure 15.3a
describes the lining with the through-thickness temperature gradient.

The through-thickness temperature difference causes the
hotface side to expand a greater amount than the coldface side.
This can be envisioned as a curling or bowing condition of the
lining, as illustrated in Figure 15.3b. As shown, the lining curls
toward the heat source and away from the support structure. The
curling can be defined in terms of a radius of curvature R. As
shown in Figure 15.3b, the thermal strain (€) at each face of the
lining is:

€, = o dTJ2 (15.19)
Y
LINING HOTFACE i
TEMPERATURE, Trur
L

dT = TunF - TLCF

LINING COLDFACE
TEMPERATURE, TvrcF

a. LINING DESCRIPTION WITH TEMPERATURE GRADIENT

20

b. PARAMETERS OF THERMALLY CURLED LINING

FIGURE 15.3 FLAT WALL CURLING DUE TO THROUGH-
THICKNESS TEMPERATURE DIFFERENCE
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For a unit length of circumference on the curved surface, the ratio
of this unit length to the curved lining is identical to the ratio of the
strain €, to the lining half thickness, or:

IR = 2¢e/t,

R = t,/2€, (15.20)

Or:

Referring to Figure 15.4, D; is the outward displacement due to the
through thickness temperature gradient. The central half angle (6/2)
is defined as:
. L
8/2 = sin”![—= 15.21
2 - sin( %) (15.21)

Then:

- : -

FIGURE 15.4 DETAILS PARAMETERS USED TO DEFINE
THERMAL CURLING OF FLAT WALL
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d = Reos(6/2) (15.22)

The outward thermal displacement is:
D,=R-d (15.23)

If the lining is not exposed to a pressure load, then the flat brick
lining will curl inward and will, therefore, separate from the

support.

IV. THE BEHAVIOR OF SQUARE
AND RECTANGULAR
REFRACTORY-LINED VESSELS

Refractory-lined vessels of circular cross-section are more
stable than those of square cross section when subjected to
operating loads. As shown in Figure 15.5, a comparison is made
between the displacement behavior of cylindrical and square
refractory-lined vessels. The vessel displacement behavior is
illustrated for the normal load due to pressure (Pp) and normal load
due to lining thermal expansion (P;).

The refractory lining of the cylindrical vessel remains in full
contact with the shell wall for both the operating pressure and
lining thermal expansion load. Therefore, both loads develop a
uniform pressure loading around the cylindrical shell.

The square vessel refractory lining, however, exhibits a
significant difference in displacement behavior when subjected to
operating pressure and lining expansion load. As shown in Figure
15.5b, the square vessel operating pressure load results in a uniform
pressure against the shell, causing a bending displacement (and
axial load) in the vessel shell. The expansion of the lining in the
square vessel differs greatly from the operating pressure load.

As described in Section III.C, a through-thickness gradient
will cause the lining to separate from the support structure. As
illustrated in Figure 15.5b, the refractory lining thermal gradient
load for the square lining causes the lining to thermally curl in and
separate from the vessel shell. This would be in the absence of an
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PRESSURE LINING EXPANSION
a. CYLINQRICAL VESSEL
%u— T
{

A
T

[
P, \

!

L
PRESSURE LINING EXPANSION
b. SQUARE VESSEL

FIGURE 15.5 EFFECT OF VESSEL GEOMETRY AND LOAD
| TYPE ON VESSEL MECHANICAL BEHAVIOR

operating pressure load. At the corners, however, the lining will
compress into the vessel corner since the lining span (L) will
typically expand more than the vessel shell. As a result, each side
of the vessel lining will cause a small region of normal loading in
each of the corner regions.

Example

The following example is used to estimate the magnitude of
the inward lining displacement due to thermal curling that can occur
in a flat wall. A square wall is 6000 x 6000 mm. The wall’s hotface
is 1100°C; the coldface is 500°C. The wall is assumed to be
constructed of a mag-chrome brick. The wall thickness is 120 mm.
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The thermal strain, using Equation 15.19, is calculated as:

€, = (11.6 x 10 (1100 - 500)/2 = 0.00348

The radius of curvature of the curled wall is determined using
Equation 15.20:

R = 120/(2 x 3.48 x 10® ) = 17,241 mm

The central half-angle of the curled wall is evaluated using
Equation 15.21:

/2 = sin! (6000/(2 x 17,241) = 10.02°

The estimated magnitude of the thermal curling at the center of the
wall is determined using Equations 15.22 and 15.23:

d = 17,241c0s(10.02/2) = 17,175 mm

The amount of inward displacement due to thermal curling is:

D; = 17,241 - 17175 = 65.6 mm

If the wall is restrained in the plane of expansion, secondary
bending can further amplify the value of D

V. SUMMARY

The thermomechanical behavior of the refractory- or brick-
lined square vessel differs considerably from that of the cylindrical
vessel. The refractory flat lining at the mid-span regions of the
square vessel is subjected to cyclic inward and outward
displacements when subjected to cyclic pressure loadings.
Typically, all refractory linings are exposed to through-thickness
temperature gradients. With the square vessel, however, the lining
displaces inward toward the heat source. The cyclic pressure
loading on the square vessel will cause the lining to displace
cyclically inward and outward. Therefore, the refractory at the mid-
span and end regions will be subjected to cyclic stresses causing
accelerated deterioration at the center and end regions of each
vessel side.

A corrective measure can be taken in the design of flat
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linings to eliminate or greatly reduce the tendency for the unstable
and undesirable cyclic displacements. By providing an outward
curvature of radius R and resulting offset Dy, as shown in Figure
15.6, the lining will displace outward against the lining support
system when subjected to the operating temperature. The support
system would have to be fabricated with this curvature to
accommodate the lining curvature. Economics, in some instances,
may prohibit the design of these types of lining features

D1 TYPICAL FOR EACH SIDE

FIGURE 15.6 FLAT LINING OF A SQUARE VESSEL WITH
| INITIAL CURVATURE
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Tensile Fracture

I. INTRODUCTION

One of the most investigated modes of refractory lining
failure is thermal shock fracture. Thermal shock failure is usually
attributed to rapid heating or cooling [1-12] whereby tensile thermal
stress develops in the refractory lining, causing localized fracture
and progressive deterioration. Thermal stress fracture is recognized
as a principal wear mechanism in the refractory lining of industrial
process vessels. The non-linear temperature gradient during rapid
heatup or cooldown develops thermal tensile stresses that fracture
the refractory component with resultant lining deterioration.

The object of this chapter is to provide insight into the design
of refractory materials to better resist the tensile stress environments
developed in the refractory lining component under various
operating conditions. Information is also provided on the mechanics
of the origin of these tensile stress states and how they relate to the
component fracture.

365
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The discussion of thermal shock fracture of refractory linings
is divided into two parts. Part one describes the testing of the
refractory materials to evaluate their fracture strengths. Chapters 4,
5, 6, 7 and 10 addressed the concerns over refractory strength.
Tensile strength of refractories has received considerable attention
in the literature. Various testing procedures are used to measure the
ability of the refractory material to perform under tensile stress
environments [13-18]. Though testing procedures have changed
over the past several decades.

The second part of a tensile fracture analysis and of our
discussion consists of an investigation of a cylindrical refractory
lining geometry to predict the tensile stress states in the lining
system and to compare these tensile stresses against the material’s
susceptibility or resistance to fracture.  Typically, simplified
geometries have been used in the past to quantify the magnitude of
thermal stresses in refractory components when subjected to
transient heatup or cooldown [1]. The lining analysis described in
the following sections provides a more realistic evaluation of tensile
stresses in the lining. Past investigations of tensile thermal stress in
lining components reverted to simplified geometries for two
reasons. The analytical methods were limited to simplified closed
form or algebraic equations; and the testing equipment could not be
used in actual lining environments because of temperature
limitations of the testing materials. That is, thermocouples and
strain gages could not be exposed to the temperatures experienced
by the refractories.  These limitations still exist for testing
equipment. Currently, however, computerized structural analysis
methods allow considerable sophistication in replicating or
predicting actual stress-strain conditions in various lining systems.

II. BACKGROUND

A. Material Tensile Strength

The first part in evaluating thermal fracture consists of
quantifying the ultimate tensile behavior of refractory materials
through material testing. The MOR test was initially the tensile
strength test to estimate the refractory material ultimate tensile
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strength. As discussed in Chapter 4, the MOR test is typically a
three-point bending test in which a load is increased until fracture
occurs. This test is a stress-controlled load test (see Chapter 2) and
does not measure the ultimate tensile strain. Since thermal tensile
stress is a strain-controlled load, the MOR test is not applicable and
does not provide insight into thermal tensile fracture. That is, the
ultimate strain is not known for comparison with the thermal tensile
strain. If the tensile stress-strain data are known, the ultimate strain
can be estimated from the MOR test (assuming the compressive
stress-strain data are also known). Likewise, from analytical
procedures, the stress-strain data allow a definition of the thermal
stress when the thermal strain conditions are known.

The work-of-fracture (WOF) test is a modification of the
MOR test, in which a notch geometry has been added to the MOR
test specimen [14-15]. More importantly, the displacement (or
strain) is also measured simultaneously with the applied loading.
Basically, the load-displacement material relationship is
incorporated into the test which couples the refractory stress-strain
behavior with crack geometry, making the work-of-fracture test
more applicable in measuring a material’s strength in resisting
thermal tensile stress. However, the objectives in refractory
material design to achieve greater WOF values is perhaps
misunderstood.

The work-of-fracture tests lead to the application of a fracture
mechanical approach to refractories [13]. The stress intensity K, at

a crack tip opening mode due to an applied stress a,,, for a crack
length C is defined as:

K, = 0,,YC% (16.1)

where Y is a crack geometry factor. At fracture, Equation 16.1
becomes:

K, = 0, YC (16.2)
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where K, is known as the fracture toughness, o; is the tensile
fracture stress and C_, is the critical crack length. Equation 16.3
[13] provides a relationship between Equations 16.1 and 16.2:

V = A, KN (16.3)

where V is the crack velocity (rate of crack growth), A is a constant
for the material crack geometry and N is a parameter describing the
slow crack growth resistance of the subject refractory lining
material. Larger N values indicate larger crack resistance of the
refractory lining material.

Material tests are conducted to evaluate the parameters in
Equations 16.1, 16.2 and 16.3. Equation 16.2 identifies o, as the
material property to increase for greater fracture toughness of the
material. If the material is subjected primarily to stress-controlled
loads, then optimization of o; is appropriate. However, for strain-
controlled loading Equation 16.2 should be expressed as:

K, = € YC%E (16.4)

With the objective of increasing €; while decreasing E in designing
refractory materials to resist transient and cyclic thermal strains.

The third area of investigative work on the fracturing of
refractory materials is with respect to crack growth resistance, R.
The crack growth resistance is expressed as [19-21]:

R =0, (1 - v)/aE (16.5)

where v is Poisson’s ratio and a is the coefficient of thermal
expansion. The material crack growth resistance is usually thought
to be improved by increasing the o; of the material. When this is
done, the material’s E will most often also increase. Basically, the
crack growth resistance equation, when expressed in the form of
thermal strain, can be defined as:
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R = ¢ (1-v)/a (16.6)

Where €, is the ultimate strain at ultimate strength. The other
designation of crack growth resistance are expressed as:

R’ = o; (1-v)k /aE (16.7)
And:

R™ = o, (1-v)a/aE (16.8)

where k is the thermal conductivity and a is the thermal diffusivity.
Since these equations are addressing thermal strains, or strain-
controlled loading, it appears that it would be more appropriate to
express Equations 16.7 and 16.8 also as:

R’

& (1-v)k [a (16.9)
And:

R

€; (1-v)afa (16.10)

Since the crack growth resistance is typically addressed to thermal
loading, the testing done to evaluate the various R values should be
conducted using strain controlled loading. Also, the desirable
refractory material property to increase would be €, and not S,.

Figure 16.1 shows the refractory material’s desired work-of-
fracture curves for both stress-controlled and strain controlled
loads.

B. Tensile Stress State in Restrained Lining
Refractory material has historically been treated as a

homogeneous isotropic linear elastic material and the lining
component has been treated as a simple geometry, isolated and free
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E ----- DESIRED WOF CURVE FOR STRAIN-CONTROLLED LOAD
|——_DESIRED WOF CURVE FOR STRESS-CONTROLLED LOAD

FORCE

DISPLACEMENT

FIGURE 16.1 MATERIAL OPTIMIZATION CRITERIA BASED
ON LOAD TYPE IMPOSED ON REFRACTORY
MATERIAL

of external restraint. Although recent studies [22-24] on thermal
stress fracture continue to treat the lining refractory as an isolated
traction free component, a more realistic approach has been used to
deal with the stress-strain behavior of the component as a two-
dimensional component shape.

Even though a major portion of refractory linings used in
industrial applications are contained in steel vessel shells that
restrain thermal growth of the lining, little attention has been given
to the influence of the shell restraint on thermal fracture. It has
been shown [25-33] that shell restraint greatly alters the
thermomechanical behavior of the refractory lining and adds
complexity in predicting thermal stress fracture during rapid heating
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and cooling. The objective of this section is to provide an
understanding of the influence of lining restraint, combined with the
influence of non-linear elastic/plastic behavior of refractory
materials on thermal stress fracture and resulting lining
deterioration.

The study is limited to a cylindrical lined vessel subjected to
typical transient heatup, steady-state and cooldown conditions.
Finite element analysis is used to identify the locations of maximum
tensile stresses in the lining component as well as the direction of
maximum tensile stress.

Thermal fractures that occur a short distance from the lining
hotface and run parallel to the hotface are frequently referred to as
slabbing, spalling, flaking or peeling. A second form of thermal
fracture originates at the mid-region of the hotface and appears to
propagate perpendicular to the hotface toward the interior of the
brick component. The literature does not define name for this mode
of fracture. Pinch spalling is a third form of lining deterioration
and is a crushing action at the hotface corner region of the radial
brick joints. Pinch spalling is usually associated with concentrated
compressive stresses which cause shear fracture of the brick. The
latter stages of pinch spalling are referred to as cobbling.

As a result, there are four primary concerns addressed in the
following study. They are:

1. Does the predicted location and direction of the
various maximum thermal tensile stress obtained
from the restrained lining analysis assist in
improving our understanding of the various
modes of thermal tensile fracture occurring
within the lining component?

2. Does the vessel shell restraint greatly influence
the stress state that occurs within the lining
component?

3. Does the mix of vessel shell restraint and thermal

conditions (heatup, cooldown and steady-state)
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cause tensile stress states in the lining component
that provide insight into which combinations are
the major contributors to the cause of fracturing
of the lining component?

4. Does the plastic deformation which should be
greatest at the lining hotface assist in causing
fracturing of the lining hotface?

5. Does the tensile stress state in a wide brick
component differ from that of a narrow brick
component?

III. CYLINDRICAL REFRACTORY-LINED VESSEL
ANALYSIS: BACKGROUND

A. Introduction

The cylindrical refractory-lined vessel used for the analysis of
the restrained lining is described in Figure 16.2. As previously
discussed, the objective of this analysis is to determine the impact
of the vessel shell restraint on the tensile stress state in the lining
during typical operating temperatures.

The following conditions were used for the vessel design.
The vessel shell was typical carbon steel. The lining is a high-
alumina (90%) fired brick.

A summary of the lining and shell geometry and material
properties are summarized in Table 1. As shown, the total lining
thickness is set at 252 mm for the component 1 lining design and
305 mm for the component II lining design. Two extreme sizes of
the lining component (brick shape) were used in this investigation.
Lining No. I brick component (see Figures 16.3 and 16.4) is 305
mm wide in the circumferential direction and is 152 mm in radial
thickness. Figure 16.3 illustrates the unrestrained lining
components and Figure 16.4, the restrained lining components. A
backup lining of 102-mm thickness was used, making a total lining
thickness of 305 mm. For the purposes of this investigation, the
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FIGURE 16.2 VESSEL GEOMETRY USED FOR
| ANALYTICAL INVESTIGATION

backup lining and the work lining joints were not staggered. The
dimensions for the second lining (component II, Figures 16.3 and
16.4) are the reverse from No. I. The No. I component has a 152-
mm circumferential width and a 305-mm radial thickness.
Therefore, the total lining thickness consists of one component with
the coldface against the shell.

The two component geometries were selected because the
work by Bradley et al. [22-24] showed that the width (W)-to-
thickness (T) ratio of the work lining component had an influence
on the magnitude and location of the maximum tensile stress that
would cause fracture. It should be emphasized, however, that
Bradley’s work did not include the restraint of the vessel shell.
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Table 1
Parameter Values Used in
Investigative Analysis
Component Parameter Value

Steel Shell Elastic Modulus (E,) 207 GPa
Poisson’s Ratio (v,) 0.3
Thermal Expansion 11.7 x 10° °C"!
Coefficient (o)
Thermal Diffusivity (a,) 0.11 cm® s
Thermal Conductivity (K,) 36 Wm' K"
Shell Thickness (t,) 29 mm

No. I & II Brick | Elastic Modulus (Eg) See Table III

Component Poisson’s Ratio (vg) 0.3
Thermal Expansion 10 x 10° °C!
Coefficient (o)
Thermal Diffusivity (ag) 0.01 cm® 5™
Thermal Conductivity (Kz) | 2.07 Wm™' K"

No. I* Length (L) 152 mm
Width (W) 302 mm

No. I Length (L) 302 mm
Width (W) 152 mm

*For lining component between No. I component and shell,
W =302 mm, L = 102 mm.

B. Analysis Methodology

The cylindrical refractory-lined vessel was analyzed using the

finite element method [34].

The model of the unrestrained and

restrained lining systems considered are described, respectively, in

Figures 16.5 and 16.6.

Because of symmetry of geometry and
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thermal loading, only half of the circumferential width of each of
the two lining systems was required to be included. Figure 16.6
identifies the joints, each lining component geometry and the
shell geometry. The joints were modeled with a non-linear
element that would transfer a compressive load across the joint and
simulate the joint in a contact mode. If a tensile load were
applied to a joint, the joint would separate. As discussed
previously, the primary objective of this investigation is to evaluate
the influence of vessel shell restraint on the stresses developed in
the lining components. However, for the purposes of comparison,
the same components were also analyzed without the lining
restraint.
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The vessel lining stresses were evaluated for a heatup
transient, two cooldown transients (see Figure 16.7 and Table II)--
each starting from two different steady-state lining temperatures--
and two steady-state lining temperatures. Figure 16.8 describes the
through-thickness temperature profiles of the five thermal
conditions. The two cooldown transients start from the two
described steady-state lining temperatures. The transient heatup and
cooldown rates were both set at 10°C per minute. This transient
rate was selected as being representative of some industrial rapid
heatup practices and is of a sufficient rate to cause transient thermal
stresses. The lining thermal stresses were evaluated when the heat-
up transient caused the lining hotface to reach about 630°C. The
lining thermal stresses were evaluated during the first cooldown
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when the lining hotface reached about 500°C. Note that this
cooldown is from the higher steady-state lining temperature
condition.  This first cooldown starts from a lining hotface
temperature of 1100°C. The lining thermal stresses were also
evaluated for the second cooldown transient when the lining hotface
reaches 50°C. This second cooldown starts from a lining steady-
state temperature condition in which the lining hotface is 650°C.
The lining stresses are evaluated for the heatup transient when the
lining hotface reached about 650°C. Lining component I's total
lining thickness was less than lining component II's total lining
thickness. However, the transients did not have any significant
influence on either of the linings’ coldface or shell temperatures.
As shown in Figure 16.8, the 152-mm portion of lining measured
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from the hotface represents the extent of penetration of the heatup
and cooldown transients. Therefore, the 152-mm portions of the
cooldown and steady-state temperature profiles were applied to the
No. I component. The transient through-thickness temperature
profiles, T(y), were calculated from the classical analytical solution
[35] for a semi-infinite slab over a depth range 0 <y < L:

y
2//at

T(y) = 4 ¢ ti? erfc

In the case of the restrained condition of components No. I and No.
II, the steel shell was assumed to have no through-thickness temper-
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ature gradient and the shell temperature was made identical to the
coldface temperature of the lining. A classical analytical solution
was used to define the through-thickness transient temperature
distribution in the unrestrained and restrained lining systems. A
finite element thermal analysis would have produced the same
results. The closeup form solution was used simply for ease, in this
particular case, for defining the lining temperatures.

In the analytical investigation of thermal stresses, identical
temperature profiles and thermophysical material properties were
used for both restrained brick component geometries. A
hypothetical elastic-plastic stress-strain behavior was assumed for
the refractory material. Bilinear stress-strain curves were used to
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Table II

Through-Thickness Temperature Profiles
Used for Evaluating Thermal Stress in No. I and
No. I Lining Components: Unrestrained
and Restrained

Temperature | Description of Temperature Condition
Profile No.

1 Heatup at 10°C/min for one hour from a
uniform lining ambient temperature of
20°C

2 Steady-state lining temperature with a
650°C hotface and 180°C shell
temperature

3 Steady-state lining temperature with a
1100°C hotface and 260°C shell
temperature

4 Cooldown at -10°C/min. for one hour from
a steady-state lining temperature with a
1100°C hotface, 260°C shell temperature

5 Cooldown at -10°C/min. for one hour from
a steady-state lining temperature with a
650°C hotface and 180 °C shell temperature

represent the non-linear stress-strain curves and to simulate the
elastic and plastic behavior of the refractory material. As illustrated
in Figure 16.9, and described in Table III, three parameters were
used to represent each temperature-dependent bilinear stress-strain
curve: elastic modulus (E,), plastic modulus (E,) and yield point
(S,). As shown, the material properties are highly temperature-
dependent (Figure 16.10). It should be noted that the threshold of
plastic deformation in the refractory material was approximately
800°C. Therefore, plastic deformation of the refractory lining
material will increase as the lining temperature increases above
800°C.

Important differences exist between the stress-strain behavior
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of a restrained and unrestrained lining component. The fundamental
parameters that are used in the analysis of a rapidly heated
unrestrained linear elastic refractory lining component are illustrated
in Figure 16.11. For the unrestrained lining component, the thermal
stress developed within the component is a function of d*T/dy®>. In
the case of a linear temperature gradient in an unrestrained
component, d’T/dy* = 0, and no thermal stress exists. It will be
shown that the linear through-thickness temperature distribution in a
restrained lining causes significant lining thermal tensile stresses.

In the steel vessel shell, thermal growth of the refractory
lining is restrained causing circumferential compressive loading of
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the radial joint as illustrated in Figure 16.12. With initial lining
heatup, a circumferential compressive restraint load occurs over a
partial length of the radial joint (see Chapter 13). As the
temperature increases, the restraint load increases and is distributed
over a greater portion of the radial joint. Assuming elastic lining
component behavior, as illustrated in Figure 16.13, the compressive
restraint load will decrease from a maximum value at the hotface of
the radial joint to a negligible value at the interior location of the
radial joint. Because of the assumption regarding joint behavior
that no tensile stress can be developed in the radial (and
circumferential joints), the remainder of the joint opens.

During cooldown of a restrained heated lining, thermal lag
causes faster contraction on the hotface portion of the elastic lining
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Table III

Mechanical Properties of Hypothetical
Refractory Lining Material

383

Tempera- | Elastic Plastic Yield Poisson’s | Density
ture °C | Modulus | Modulus | Stress Sy | Ratio kg/m’
(E) GPa | (E;) GPa | MPa
20 60 58.8 50 0.2 2490
800 33 323 50 0.2 2490
1100 15 3.6 30 0.2 2490
1200 8.6 1.3 11.5 0.2 2490
1300 3.6 0.3 6.2 0.2 2490

component than on the interior coldface portion of the component.
Therefore, during cooldown the hotface end of the radial joint will
tend to open, resulting in a radial joint restraint load, as described
in Figure 16.14.

A maximum radial tensile stress Sy (stress in Y direction
parallel to joint, see Figure 16.15) can occur along the radial joint
in the restrained lining component during rapid heating or cooling
as well as during the steady-state heated condition. The partially
compressed radial joint causes a maximum radial tensile stress at
the tail of the restraint load. The mathematical explanation for the
maximum radial tensile stress at the tail of the restraint load is
illustrated in Figure 16.10. For the steady-state linear temperature
profile without a lining restraint, no thermal stress is developed in
the lining component:

d*T/dy? = f [«d?T/dy?]
= f [d%¢y Jdy?| = 0

where T is the temperature at location y, o is the coefficient of
thermal expansion and € is the unrestrained thermal expansion at
location y.

However, with the restraint load applied over a partial length
of the radial joint, a change occurs in the slope of the strain be-
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tween the unrestrained and restrained portion of the refractory
component. At the tail of the restraint load, a change in the slope
of strain occurs, resulting in a discontinuity of the strain:

dZe/dy? > 0

At this point of discontinuity, a maximum radial tensile stress
occurs, as illustrated in Figure 16.12. Therefore, in a restrained
lining a maximum radial tensile stress will develop at the tail of the
restraint load along the radial joint, regardless of whether the lining
is exposed to transient or steady-state temperature conditions.
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During cooling of a restrained heated lining, a tail is
developed at each end of the restraint load, resulting in two local
maximum radial tensile stresses along the radial joint.

IV. RESULTS OF CYLINDRICAL REFRACTORY-
LINED VESSEL ANALYSIS

A. Introduction

The results of the thermal stress analysis are described in two
parts. Part one consists of a discussion about the tensile thermal
stresses developed at the end of the heatup (profile 1) and during
the two steady-state thermal conditions (profiles 2 and 3). There is
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a question as to which creates the maximum tensile fracture stress--
the transient heatup tensile stress or the steady-state tensile stress.

The second part of the discussion is on the two cooldown
transients (profiles 4 and 5). The profile 4 cooldown starts from a
higher steady-state temperature. Therefore, the hotface region of
components I and II will have been exposed to plastic deformations.
The profile 5 cooldown is from a much lower steady-state
temperature at which plastic deformations do not occur. Therefore,
the coupling of plastic tensile stress and transient tensile stress will
not occur in the profile 5 cooldown analysis.
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B. Component I Stress Analysis Results for Heatup
and Steady-State Conditions (Profiles 1, 2 and 3)

The results of the thermal stress investigation of the
restrained and restrained component I [26,27] are summarized by
describing the stress behavior. Since the maximum temperature at
the lining hotface is 650°C for profiles 1 and 2, no inelastic
straining occurred. That is, the component remained elastic. For
profile 3 steady-state temperature, the 1100°C hotface caused
plastic straining.

The plot of the X-direction stress, Sy, [26] of the unrestrained
component I transient heatup is described in Figure 16.16 [26]. The
maximum tensile Sy stress (stress component parallel to hotface)
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is maximal (+37.63 MPa) at the interior center region of this lining
component. If the stress were sufficient in magnitude to cause
fracture, the fracture due to the Sy stress would initiate at this
interior location in the vertical direction parallel to the hotface.

The plot of the Y-direction stress, Sy, of the unrestrained
component I transient heatup is described in Figure 16.17. The
maximum tensile S, stress (7.87 MPa) occurs at an interior location
near the face edge of component I. Comparing the magnitudes of
Sy and Sy the tensile fracture would initiate first at the maximum
Sy location.

The plot of the shear stress, Syy, of the unrestrained
component I transient heatup is described in Figure 16.18. The
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maximum shear stress (9.5 MPa) occurs near the hotface corner.

The plot of the X-direction stress of the restrained component
I transient heatup is shown in Figure 16.19 [27]. The restraint
of the vessel shell has a significant influence on the stress state
within component I in that no tensile S, stresses exist. The
maximal compressive stress (284 MPa) is at the hotface. This is a
rather high compressive stress and is most likely due to the
artificially high MOE used for the refractory lining material. For
lesser MOE, all of the stresses would be scaled accordingly.
However, the results would be similar with respect to location of
maximum stress values.
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The plot of the Y-direction stress of the restrained component
I transient heatup is described in Figure 16.20. The maximal tensile
Sy stress is 32 MPa and is located at the end region of the
constraint force. This condition was previously described in Figure
16.12. These results indicate that the slabbing crack would initiate
at the interior end portion of the radial joint that is in compression.
This crack would initiate parallel to the hotface and propagate
inward toward the center of the component. According to the scale
of the loading, this is about 50 mm in from the hotface.

The shear stress plot of the restrained component I transient
heatup is shown in Figure 16.21. The maximum is 28.1 MPa and
occurs at the hotface end of the radial joint, the location of the joint
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with the highest S, compressive stress (see Figure 16.19). This is
the region of the brick joint in which pinch spalling is normally

observed.

The results of the component 1 transient heatup stresses for
both the unrestrained and restrained conditions are summarized in
Figure 16.22. The circles identify the location of the maximum
stress, and the line through the circle identifies the crack
orientation. Note that the restrained condition was evaluated using

both elastic and elastic-plastic material behavior. Although

the

hoop stress, Sy, differed, imperceptible differences were observed in
the S, tensile stress at the radial joint. The steady-state heated
condition (hotface of 650°F) are also included in Figure 16.22.
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FIGURE 16.18 Sxy STRESS IN UNRESTRAINED COMPONENT I
FOR TEMPERATURE PROFILE 1 (HEATUP)

Since the linear through-thickness temperature gradient causes
no tensile thermal stress in the unrestrained component I, that
portion is omitted from Figure 16.22. For profiles 2 and 3 steady-
state temperature gradients on the restrained component I, the full
length of the radial joint is in compression and, therefore, no Sy
tensile stress component exists at the lower steady-state temperature
condition.

It can be concluded that for the heatup condition, the
component I slabbing spall is due to the vessel shell restraint and
the compressive loading over the partial length of the radial joint.
At steady-state temperature, the joint is in full compression and no
tensile stress exists to cause slabbing. The slabbing tensile stresses
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due to restraint are considerably greater than the slabbing tensile
stresses that are developed for the unrestrained condition.

Figure 16.23 describes the amount of elastic and plastic
straining that occurs in component I due to the combination of
the higher temperature of profile 3 and the vessel shell restraint.
The elastic and plastic strain are about equal in magnitude for the
conditions assumed. The resulting distribution of the hoop stress,
or S, stress, is described in Figure 16.24. Note that the hotface
compressive Sy stress is less than the interior Sy compressive stress
as a result of the plastic straining at the hotface. The higher
thermal strain and higher temperature at the hotface region result in
the greater plastic straining at the hotface region.
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C. Component II Stress Analysis Results for Heatup and
Two Steady-State Conditions (Profiles 1, 2 and 3)

The results of the thermal stress investigation of the
unrestrained and restrained component II [26, 27], subjected to
temperature profiles 1, 2 and 3, are similar in behavior to the
previous results shown for the component I investigation with the
exception of the steady-state profile results.

The two component II steady-state temperature profiles
caused the restraint load to vary in magnitude and caused the joint
to compress over different lengths, as shown in Figures 16.25 and
16.26. The component II, unlike the component I, did not have
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a circumferential joint. Therefore, the longer continuous radial joint
surface of component II resulted in Sy tensile stresses as shown.
The maximal tensile S, stress at the radial joint for the profile 2
steady-state temperature was about 16 MPa while the greater profile
3 steady-state temperature caused a maximum Sy of 26 MPa.

The reason for the component I having no S, radial joint
tensile stresses is explained in Figures 16.27 and 16.28. The
compressive restraint force causes component I to bend. However,
the circumferential joint opens, resulting in no radial joint Sy tensile
stress.

A summary of the Sy and S, maximum tensile stresses is
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described in Figure 16.29. As with component I, the elastic versus
elastic-plastic refractory lining behavior did not greatly affect the
magnitude of predicted maximum tensile stresses. The steady-state
condition stresses described in Figure 16.29 are for profile 3, with
the hotface temperature of 1100°C. The maximum tensile stresses
during heatup occur at the tail of the constraint load in the radial
joint for the restrained component II and are similar in magnitude to
the unrestrained component II tensile stresses that occur at interior
region.

The maximum tensile stress for the steady-state temperature
(profile 2, hotface at 650°C) of the restrained component II is about
6 MPa (see Figure 16.30). The profile 2 tensile stresses are similar
in magnitude to the end of the heatup tensile stresses.

D. Component I Stress Analysis Results for the Two
Cooldown Transients (Profiles 4 and 5)

The first cooldown results for profile 4 in which the
cooldown starts from the hotface steady-state temperature of
1100°C.  The thermal stresses are evaluated at one hour of
cooldown from the steady-state profile 3. The Sy and S, tensile
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thermal stresses for the elastic-plastic analysis is described in
Figures 16.30 and 16.31, respectively. As shown, a short length of
the radial joint, in the region of the hotface, is open. During
cooldown, two maximum thermal tensile stress states are developed.
One at the tail of the radial joint compressive load and the second
at the center point of the hotface. The results are summarized in
Figure 16.32. Note that the elastic-plastic analysis results for the
profile 4 cooldown shows higher thermal stresses than those
obtained from the elastic analysis. The higher stresses from the
elastic-plastic analysis show that the plastic straining that occurs at
the profile 3 steady-state temperatures has a significant influence in
amplifying the cooldown thermal stress. The elastic analysis
results are only showing the effects of transient cooldown
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profiles. The compressive restraint load assists in reducing the
transient cooldown tensile stresses.

The second cooldown (profile 5) was from a lower steady-
state temperature (profile 2) at which a considerably less amount of
plastic straining occurred. Also, less compressive restraint loading
was imposed on the lining at these lower temperatures. The result
was that the cooldown from the lower steady-state condition
resulted in higher tensile stresses, as described in Figure 16.32.
Note the slightly lesser tensile stresses in the unrestrained
component I. The location and direction of tensile cracking are
similar for both the restrained and unrestrained component I.
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E. Component II Stress Analysis Results for the Two
Cooldown Transients (Profiles 4 and 5)

The component II cooldown (profile 4) tensile thermal
stresses are described in Figure 16.33. These results are for the
elastic-plastic refractory material behavior. As with component I,
the cooldown stresses are evaluated after one hour of cooldown.
The radial joint opens in the region of the hotface. As a result, two
maximum S, tensile stress conditions exist along the radial joint.
The maximum tensile Sy stress (46 MPa) occurs at the end of the
open joint in the hotface region. The second maximum tensile
stress (30 MPa) occurs on the back side of the radial joint at the
second end of the open joint.
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FIGURE 16.26 Sy STRESS IN RESTRAINED COMPONENT II
FOR TEMPERATURE PROFILE 3
(STEADY-STATE)

Figure 16.34 summarizes the maximum tensile stress
locations and crack directions. The component I maximum tensile
stresses are in general less than those of component I. However,
component II develops two maximum tensile stress conditions along
the radial joint. The second maximum tensile stress on the back
side of the radial joint is identical with an asterisk. The
unrestrained component I develops only one maximum tensile
stress at the radial joint. The elastic-plastic behavior used for the
restrained component II tends to cause higher maximum tensile
stresses than those evaluated using only an elastic behavior.
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FIGURE 16.27 FUNDAMENTAL BEHAVIOR OF COMPONENT
I RESULTING FROM LINEAR TEMPERATURE
GRADIENT AND RESTRAINT LOAD

V. CONCLUSION

Based on the analytical results, the following statements are
made regarding the influence of lining restraint and elastic-plastic
behavior of the refractory lining material in predicting thermal
shock fracture during rapid heating and cooling.

1. Heating the restrained refractory lining above the
plastic strain threshold temperature results in
compressive plastic straining in the hotface region
causing amplification of tensile thermal stress during
cooldown.
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L

2. Generally, in the analytical evaluation of a restrained
lining component, an elastic analysis solution will predict
realistic critical heating rates. Realistic critical cooling
rates can be predicted if the lining is not heated above
the plastic strain threshold temperature.

3. For heated restrained lining components of varying
dimensions, lining restraint reduces thermal tensile
stress fracture along the radial joint to a single
circumferential direction. The single circumferential
fracture is caused by the strain discontinuity at the tail
of the circumferential restraint load along the radial

joint.
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During rapid cooldown of a restrained lining,
maximum radial tensile stress (S,,,) will develop at the
tail of the restraint load along the radial joint. The
maximum circumferential tensile stress (S,,) will occur
at the mid-width location of the hotface. With an
increase in the length of the refractory lining
component, a tail is developed at each end of the
restraint load, resulting in two local maximum radial
tensile stresses along the radial joint.

In a restrained lining component, the amount of
compressive plastic strain that occurs in the heated
condition is a function of the magnitude of the lining
component temperature that exceeds the plastic strain
threshold temperature.

The maximum radial tensile stress (S,,) along the
radial joint is due to the strain discontinuity between
the restrained and unrestrained surfaces of the radial
joint. That is, if €, represents the unrestrained strain
near the discontinuity and €, represents the restrained
strain near the discontinuity:
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dey . deg
dy dy

Therefore, at the discontinuity:

dy?

de de 2
u_ %r_,|d%€| 5,
dy dy

A radial tensile thermal stress exists (where € is the
strain function at the discontinuity).
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7. The second maximum radial tensile stress (S,,) at the
interior tail of the restraint load along the radial joint,
remote from the hotface, appears to be independent of
the transient heating or cooling applied to the hotface.
Also, this stress appears to be independent of the
compressive plastic straining that occurs in the hotface
region of the lining component. As a result, thermal
spalling can occur due to the steady-state heating
condition.

8.  Maximum radial tensile stress (S,,) developed at the
tail of the restraint load along the radial joint near the
hotface appears to be dependent on the amount of
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10.

compressive plastic straining and the cooling or heating
rate.

The maximum circumferential tensile stress at the mid-
width of the lining component hotface appears to be
dependent on the amount of compressive plastic
straining and the cooling rate.

The maximum tensile stress (S,, maximum of S, or S)
developed in a restrained refractory lining component is
dependent on many variables, expressed as:

Sm = f(t’(byaa’as,EEB’EpB,UB,LB’WBaKs’TB,TpT’6B:dTD/dy)

indicating that S is a function of time (t), heating or
cooling rate (¢), refractory component thermal
diffusivity (ag), refractory component thermal
expansion (og), refractory component elastic modulus
(Egp), refractory component plastic modulus (E,p),
refractory component Poisson’s ratio (vgp), the
refractory component length (Lp) and width (Wp), the
stiffness of the vessel shell (K), the steady-state
temperature of the brick component prior to heating or
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cooling (Tg), the plastic strain threshold temperature (T,;), the
expansion allowance used in the circumferential and radial
joints surrounding the brick component (8;) and the slope of
the temperature gradient at the point of the maximum radial

tensile stress along the radial joint at the tail of the restraint
load (dTy/dy).

VI. SUMMARY

A. Material Tensile Strength

Refractory engineers use the chemistry of refractories,
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processing procedures and other related manufacturing processes to
maximize the strength of refractories and, more specific to our
discussion, the tensile strength. The refractory component in the
refractory lining system is exposed to two types of loads: stress-
controlled loads and strain-controlled loads. Work of fracture
(WOF) is a testing procedure for refractory materials measuring
their strength. By maximizing the area under the WOF force-
displacement curve, the strength is also said to be optimized.
However, the load type to which the refractory is exposed is not
considered as a part of the material strength optimization.
Therefore, it is recommended that the parameters for material
strength optimization be revised to:

I. For refractory exposed primarily to stress-
controlled loadings:

a. Maximize the area under the WOF force-
displacement curve.

b. Maximize the ultimate tensile stress, o,.

I.  For refractories exposed primarily to strain-
controlled loadings:



Tensile Fracture 409

a. Maximize the area under the WOF force-
displacement curve.

b. Maximize the ultimate tensile strain, €;.
B. Lining Tensile Stress

As shown in this investigative analysis, the cause of tensile
thermal stress fracture and the resulting deterioration of the
restrained lining component is highly complex and dependent on
many variables. Fracture of the restrained lining component is not
only dependent on transient heating and cooling rates, but also on
the steady-state temperature gradient and the maximum temperature
imposed on the component.

In general, the restraint applied to a lining component reduces
maximum tensile stress during heatup. If the lining temperature
does not exceed the plastic strain threshold temperature, restraint
tends to reduce the maximum tensile stress during cooldown. If the
lining temperature exceeds the plastic strain threshold temperature,
the restraint tends to increase the maximum tensile stress in the
region of the lining hotface during cooldown.

Pinch spalling deterioration at the hotface corners of the
radial joint is caused by the shear stress produced by the restraint
loading on the radial joint.

Slabbing deterioration appears to be caused by crack initiation
due to maximum tensile stress developed at the radial joint surface.
The maximum tensile stress causing slabbing might be developed
during heatup, cooldown or during steady-state temperatures. In
general, cooldown appears to be more critical than heatup in
causing lining mechanical deterioration. The brick component with
a narrow hotface width and a significant length appears to develop
higher tensile thermal stress at the radial joints during steady-state
temperatures than during transient heatup.

The results and conclusions of this study will, most likely,
vary due to the rate of heating or cooling, the elastic-plastic
behavior and other mechanical material properties of the refractory
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lining and the thermal material properties of the refractory lining.

Thermal tensile fracture is an extremely complex behavior
and must be evaluated on a case-by-case basis.
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Results of Investigative
Studies on Various Industrial
Refractory Systems

I. INTRODUCTION

The objective of this chapter is to provide details of various
investigative studies [1] on refractory-lined industrial vessels and
other industrial refractory structures. In some cases, strain gauges
and thermocouples were used to verify analytical predictions. In
some cases, vessel inspections were made to verify the reported
refractory lining problems. In other cases, discussions were
conducted with engineers who observed the refractory lining
behavior and were able to provide details of their observations.

The reason for the investigative studies varied from simply

confirming expansion behavior of the lining system to identifying
the cause of refractory deterioration.

415
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II. REFRACTORY SPRUNG ARCH

A. Description of Sprung Arch

The refractory sprung arch has been a popular cover for
tunnel kilns and other industrial refractory structures. The basic
components [2] of the sprung arch are described in Figure 17.1.
The external structural support consists of continuous horizontal
beams along the exterior end of each skew. Vertical columns
(called buckstays) are spaced at uniform intervals along the length
of the arch. The spacing of these vertical columns are a function of
the horizontal beam stiffness. The horizontal thrust of the arch will
cause the horizontal beams to displace. The spacing of the vertical
columns is selected to maintain a reasonable displacement in the
horizontal beam.

The base of each vertical column is designed as a pin
connection, allowing the column to rotate from the base without
resistance. The top ends of each pair of vertical columns are
connected by a rod and spring system. The spring stiffness is
selected to be compatible with the expected horizontal thrust, F,
(see Chapter 12). The spring can be positioned by the thread/nut
system at the end of the rod which supports the spring. As the arch
is heated, the nut is backed off to allow for the appropriate
horizontal outward movement of the horizontal beam and skew
brick and the resulting expansion allowance for the arch.

The primary load-carrying arch is shown as arch brick
components. The insulating brick, block and blanket materials are
shown as a cross-hatched pattern over the top of the arch.

The arch investigated had the following dimensions (see
Figure 17.2) [3,4]:

radius, r = 2800 mm
angle, ¢/2 = 23° 31
rise, h = 232 mm
thickness, t = 228 mm
span, s = 2235 mm
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FIGURE 17.1 DESCRIPTION OF REFRACTORY SPRUNG ARCH}

The insulating materials, over the top of the arch, were
defined as 342 mm of insulating brick, consisting of three layers,
114 mm thick, and a 25 mm thick insulating blanket material placed
over the top outside surface of the insulating brick. The arch was
constructed of fired 90% alumina arch brick.

As a matter of interest, the arch thickness is checked against
the Equation (12.7) criteria. Basically, the arch thickness should be
less than:

t < {h - [1/48S]}/cos 6/2 (17.1)
or:

t < {232 - [1/(48)(2235)]}/cos 23.52 = 253 mm

Since t = 228 mm < 253 mm, the arch geometry is satisfactory.
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FIGURE 17.2 DEFINITION OF ARCH GEOMETRY [2]

This criteria is not applicable for arches with full compensation for
expansion. For arches with partial or no expansion compensation,
the preceding relationship is applicable.

B. Arch Operating Environment

The arch hotface was exposed to a process temperature of
1700°C. The heat transfer analysis revealed that the arch coldface
temperature was 1600°C. Because of the amount of insulation, the
through-thickness temperature gradient was quite low. The arch
was constructed as part of a tunnel kiln. However, the arch
experienced considerable difficulties after only a few years of
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FIGURE 17.3 LOCALIZED INELASTIC REFRACTORY FLOW
AT ARCH CROWN HOTFACE

operation, The arch did not completely collapse, but slumped
inward into the tunnel kiln, as shown in Figure 17.3. Note the
excessive deformations at the hotface end of the radial joints in the
crown region of the arch. This reflects localized high compressive
stresses in the hotface end of the crown radial joints. The section
of the slumped arch is shown behind a portion of the arch that
remained stable. The irregular surface at the top of the photo is the
hotface portion of the closer part of the arch that remained stable.
The result was that plastic deformations occurred at these regions of
the joints. An investigative analysis was conducted in an attempt to
replicate the thermomechanical behavior of the arch and to provide
detailed insight into the arch behavior.

C. Sprung Arch Analysis

The arch was analyzed using the finite element method. A
finite element program was developed with constant strain triangle
as the basis of the single element. In addition, non-linear interface
elements were used at the radial joint to simulate a “compression
only” stress state for the radial joints. The model is illustrated in
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FIGURE 17.4 FINITE ELEMENT MODEL OF REFRACTORY
SPRUNG ARCH

Figure 17.4. Because of symmetry, only half of the arch was
required for analysis.

The temperature-dependent modulus of elasticity of the arch
brick was defined as:

MOE = 1.50 x 10* - 0.0706T, GPa

Because of the limited MOE data on alumina refractory materials at
the time of this study, the above MOE equation was the best fit for
sonic MOE test data, as described in Figure 17.5. The coefficient of
thermal expansion was:

o =7.92 x 10° m/m°C

Poisson’s ratio for the material was:
v =0.20

The average temperature of the arch was:

Taye = (1700 + 1600)/2 = 1650°C
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Because only a half-span section was required for the analysis, the
expansion allowance (Au) was evaluated as:

Au = «SAT/2 (17.2)
= (7.92 x 10)(2325)(1650)/2
= 15 mm

where S is the span at the arch centerline. The insulating material
gravity load was applied as a uniform load of 90 N/m along the full
span of the arch.

The arch elastic analysis results are best described by the
radial joint behavior as shown in Figure 17.6. Hinges are formed at
the center and two skew regions. However, the joints actually
undergo a transition from partial bearing of the joints at the hinges
to full bearing of the joints in regions adjacent to the hinges.

As expected, the highest stresses exist at the three hinge
points. Figure 17.7 describes the circumferential compressive
stresses in the arch. The high stresses at the hinge points will cause
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plastic deformations at these points. The analytical results are
consistent with the observed inelastic deformations described in
Figure 17.3.

D. Conclusions

The finite element solution of the refractory brick arch is
path-dependent. The behavior of the model is complex and highly
sensitive to the rate at which the loads are applied in the analysis,
and care must be exercised in evaluating the refractory structures.
However, the elastic solution using the finite element technique
agrees well with experimental data on a multijointed arch
constructed of steel blocks. The analysis of a refractory sprung
arch revealed an interesting behavior and has practical application.

From the analysis of the sprung arch it appears that several
critical regions merit attention. At initial conditions, before
significant creep flow has begun, the brick at the skew and near the
crown of the arch experience the highest stresses. Even with
movement of the skew for thermal growth the arch still exhibits
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FIGURE 17.7 CIRCUMFERENTIAL COMPRESSIVE STRESS
ONTOURS, Sc

high stresses because of the small bearing surface at the joints. It
seems reasonable that the more dense, higher-strength brick be
placed in these regions of high stress.

Many other ideas have been used to absorb the thermal
expansion forces in other types of refractory arches. These ideas
have included inserting cardboard or asbestos liners in the joints or
the use of special designs of metal-encased brick. This analysis
indicates that determining the location of joint openings may be
complex. For the joint opening condition considered in this
analysis, the expansion strips would be ineffective on the hotface
near the skew and the coldface of the crown since no contact occurs
at these locations immediately after heatup.

The joint opening distribution is related to the amount of
expansion allowance. In this respect, careful consideration should
be given to the design of a thermal expansion mechanism if it is to

be used successfully.

Caution should be used when applying this solution to other
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types of refractory arches or to those cases where different thermal
expansions, materials and boundary conditions are used in their

design.

III. SPHERICAL REFRACTORY SILICA
BRICK DOME

A. Description of Spherical Silica Brick
Refractory Dome

An analysis was conducted on the spherical refractory dome
shown in Figure 17.8. The refractory spherical dome described is
part of a complex refractory lining system used in a blast furnace
stove. The blast furnace is part of the equipment used in the pro-
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duction of pig iron in a steel mill. The stove is used to conserve
heat from spent gas as well as to heat the fresh supply gas used in
the blast furnace operation, which reduces iron ore to pig iron [S].
This portion of the steel mill is referred to as the ironmaking, or
primary, portion of the steel mill. The steelmaking portion of the
steel mill converts the pig iron to steel by adding alloys and
removing impurities and other undesirable chemical components.

The blast furnace stove dome described in Figure 17.8 was
constructed with a silica brick work lining. Typically, the stove
dome work lining is constructed of fired alumina brick. For high-
temperature gas usage in the biast furnace, the silica brick is used
because of the greater silica brick strength at higher temperatures.
Higher gas temperatures are used to enhance the process of
converting iron ore to pig iron in the blast furnace.

As described in Figure 17.8, the dome had an inside radius of
4724 mm and a silica brick work lining thickness of 305 mm. The
skew face angle was 24.78° measured up from the horizontal.
Insulation was used on the cold side of the dome that had a total
thickness of 228 mm.

The steel shell is 20 mm thick in both the cylindrical and
spherical portions. The dome had a radius of 5500 mm and the
cylindrical part a 4877-mm radius.

The silica brick expansion curve is shown in Figure 17.9 [6].
As expected with silica brick, the rate of expansion is highly non-
linear and is temperature dependent. The greatest amount of
expansion takes place in the temperature range between room
temperature and about 300°C.

The primary concern of the silica brick stove dome design
with regard to the amount of expansion allowance is whether
sufficient expansion allowance is used to prohibit overstressing the
silica brick during heatup and resulting stress fracture. The
compressive failure stress for the silica brick was established at 34
MPa.
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B. Background on a Silica Brick Stove Dome
Experiencing Spall Fracture

The concern over stress fracture of the silica brick stove
dome is valid. Another silica brick blast furnace stove dome of
similar size experienced stress fracture during heatup. The fracturing
occurred on the inside face of the dome at about the seventh course
up from the skew, as illustrated in Figure 17.10. The spall fracture
was noticed when the hotface combustion gas reached about 540°C,
The calculated angular location of the spall was at an angle of
about 14° up from the skew face.
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The strength data on the silica brick used in this dome
showed a MOR strength of 5.5 MPa and a CCS of 38.50 MPa. The
silica brick thermal expansion was found to be 1.5% at 1100°C.
The dome was designed with an expansion allowance for a silica
brick with an expansion of 1.3% at 1100°C.

Cardboard was used as an expansion allowance material. The
cardboard was defined as having a 2.5-mm thickness. A single
layer of cardboard was used at every second circumferential joint
throughout the full dome. The alternate joints were mortar joints.

In the first six courses (measured up from the skew), every
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five vertical joints consisted of a single layer of cardboard in four
of the five joints. A mortar joint was used in the fifth joint. In the
remaining courses of brick (from seventh course up to top of
dome), the vertical joint expansion allowance consisted of a single
layer of cardboard in every third vertical joint. The remaining
vertical joints in these courses consisted of mortar joints.

The percent expansion allowance was based on the
assumption that 80 percent of the cardboard burned out at 200 to
260°C. Therefore, the cardboard thickness used for expansion
allowance was 2 mm (0.80 x 2.4 = 1.92). Therefore, at
temperatures below 200 to 260°C, no expansion allowance was
available. However, the expansion forces are only a small fraction
of the values that would exist at full expansion. Based on a 1.5%
brick expansion at 100°C, Table I summarizes the percent
expansion allowance in the various dome joints. As shown in Table
I, an abrupt change in expansion allowance occurred in the vertical
joints of the sixth and seventh courses. That is, the circumferential
expansion stresses in the silica brick would experience an abrupt
change at the sixth and seventh rows.

The results of the analysis of the initial silica brick stove
dome will be used to explain why the spall fracture occurred at the
location shown in Figure 17.10. As previously discussed in Chapter
14, a hinge occurs at the location of the spall. Although an analysis
was not conducted on this silica brick stove dome, the reason for
the spall fracture is a result of thermomechanical events
unfortunately occurring at the same location in the dome. That is,
the abrupt change in circumferential expansion stresses occurred at
the same location as the upper hinge. As a result, high stresses and
high-stress gradients existed at the skew, resulting in a
circumferential spall fracture, as illustrated in Figure 17.10.

C. Theoretical Aspects in Brick Stove
Dome Design

The theoretical aspects in brick dome designs are presented
for the catenary and spherical stove domes. For the gravity load
condition, this dome shape has considerably lower stresses at the
skew region than the spherical shaped dome. However, the gravity
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Table 1

Description of Expansion Allowance in
Spall Fractured Silica Brick Stove Dome

Course No. % Expansion
Joints Measured Up Allowance
From Skew
Circumferential
Joints All of Dome 58
Vertical l1to 6 100
fotnts 7 to Top 45

load stresses are usually much smaller than the thermal expansion
stresses. Therefore, the choice of dome design must be made based
on the stresses developed during the hot condition. The amount of
expansion allowance determines the stresses during the hot
condition and is a primary parameter for evaluating the dome
design and not the dome geometry. The type of refractory brick
used has a direct influence in the design considerations. Silica
brick has higher expansion rates than fireclay and high-alumina
brick. The expansion allowance is of primary concern in both the
catenary and spherical dome constructed of silica brick.

When considering only the gravity load condition, the
catenary type of dome does not develop significant bending stresses
at the base of the dome near the skew. The spherical dome,
however, develops higher bending near the skew for the gravity
load condition. Since gravity load stresses are considerably less
than the thermal expansion stresses, the gravity load stresses are of
secondary concern. The primary concermn is the amount of
expansion allowance used to avoid the development of excessive
thermal expansion stresses and failure of the refractory.

The most popular method of incorporating expansion
allowance into the dome design is to place thin sheets of
combustible material in the brick joints. This material burns out
during heatup. Typically, the combustible material is placed in both
the vertical and horizontal brick joints. The combustible material in




430 Chapter 17

the vertical joints provides expansion allowance in the
circumferential direction, as shown in Figure 17.11. The
combustible material in the circumferential joints (between various
courses of brick) provides expansion allowance for both the vertical
and horizontal directions of expansion. The horizontal component
(Ty) of the circumferential joint expansion allowance adds to the
vertical joint expansion allowance. That is:

Ao =2rTy+ Ac (17.3)
where
A = Total effective circumferential expansion
allowance at a given horizontal brick course in
the dome
Tu
Ta Ty = Tc cosB

Ta = Tc cosB
¢

&

Typical Circumferential Joint
Expansion Allowance

&G

|

-

LA .

Typical Vertical Joint
Expansion Allowance

Tc = Circumferential expansion joint thickness
Tv = Vertical expansion joint thickness

FIGURE 17.11 HORIZONTAL AND VERTICAL JOINT
EXPANSION ALLOWANCE |
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A = Total circumferential expansion allowance in
vertical joints

Ac = ETV

21Ty = Circumferential expansion allowance provided by

the horizontal component (T,) of the
circumferential joints. This is for a
circumferential joint located at angle 6 measured
from the dome axis.

2nT, = 2nTcos O

The total circumferential expansion allowance for the
circumferential brick course at angle 0 is:

A'c =2nT.cos6 + Ty, (17.9)

The expansion allowance material used in the vertical joints
provides considerably more circumferential expansion allowance
than the circumferential joints for any given course of brick. At
any given brick course, each circumferential joint expansion
allowance material provides the total circumferential expansion
allowance, described as:

21T, = 2nT.cosO
= 6.28 T_cos0

The effective thickness (T.) of the circumferential joint burnout
material is amplified by 2x, but reduced by cos6.

The total number of vertical joints with burnout material, in
the lower regions of the dome, may be about 60 to 70. Therefore,
the total circumferential expansion allowance from only the vertical
joints in the lower regions of the dome would be about 60T.. If the
vertical joint and horizontal joint burnout material is assumed to be
the same thickness (T, = T.), then the vertical joints have
considerably more expansion allowance material than the horizontal
joints by the ratio (using 6 = 60°):
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60T,

-V (17.5)
21T cos(60)

Since T, = T¢:

60
2n(0.5)

Since the only restraint to the dome is the horizontal restraint
imposed by the skew, the total circumferential component of the
expansion allowance is of primary concern. In the lower region of
the dome, near the skew region, the circumferential joints of the
dome have less of a slope (8 is larger) than the circumferential
joints in the upper part of the dome. Assuming that all these joints
are keyed in some manner to prevent shear displacement (see
Figure 17.12), the circumferential joints in the lower region of the
dome provide less contribution to expansion allowance in the
horizontal direction (see Figure 17.11) than the vertical joints.
Thus, the circumferential joints in the lower region of the dome
provide less effective circumferential expansion allowance than
vertical joints. That is, the primary portion of the circumferential
expansion allowance, in the lower region of the dome, is provided
by the vertical joints. It should be noted that in the lower dome
region a catenary dome has considerably less slope in the horizontal
joints than the spherical dome. Therefore, more burnout material
would be required in the lower dome vertical joints of a catenary
dome than in the lower dome vertical joints of a spherical dome.

Since the catenary and spherical domes are not restrained in
the vertical direction, the axial component (T,) of the expansion
allowance in the circumferential joints offers no assistance in
reducing thermal expansion stresses. The axial component,
however, is part of the expansion component of the circumferential
joints and cannot be avoided. This implies that if a 100 percent
circumferential expansion allowance is incorporated into the vertical
joints, then no expansion allowance 1is required in the
circumferential joints. The purpose of the additional amount of
expansion allowance in the horizontal joints would be to preserve
the geometry of the brick system, such that the hot geometry is
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FIGURE 17.12 CIRCUMFERENTIAL HINGE FOR HORIZONTAL
JOINT IN SPHERICAL REFRACTORY LINING

nearly identical to the cold geometry. By preserving the cold
geometry, the development of hinges is minimized.

The expansion allowance for the circumferential expansion is
more important for the lower portion of a dome than for the upper
region of a dome. The skew, in most cases, provides the horizontal
restraint to the dome at the base of the dome. The top crown
portion of the dome is not restrained in the horizontal direction and,
therefore, requires less expansion allowance. Shear lag, bending
and the formation of hinges in the skew region dissipate and isolate
the horizontal restraint of the skew from the upper regions of the
dome.
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In both catenary and spherical domes, the circumferential
joints have a greater slope in the upper regions of the dome. These
upper circumferential joints have a larger horizontal component of
expansion allowance and, therefore, have a greater contribution to
the circumferential expansion allowance in the upper regions of the
dome. Typically, a constant amount of expansion allowance in the
vertical joints is used throughout the full dome height. However,
there is a greater need in the lower dome region for expansion
allowance in the circumferential direction. That is, more of the
circumferential expansion allowance is needed in the lower region
of the dome due to the skew restraint.

The needs for expansion allowance in brick stove domes and
other portions of the stove brick system should be carefully
evaluated, and the theoretical considerations should be carefully
understood.  Silica brick systems require special considerations. It
should also be noted that the catenary and spherical dome designs
cannot be compared based on similar amounts of expansion
allowance.

D. Material Properties and Operating Conditions of
Spherical Silica Brick Stove Dome

The silica brick spherical stove dome was introduced in the
Section III.A of this chapter.

The expansion allowance material was styrene acrylic pads 4
mm thick. This plastic material is supposed to completely burnout
at about 95 to 120°C. Unlike the previous dome expansion
allowance described in Section III.LB, this dome had the same
pattern of expansion allowance pads in the joints from the skew to
the crown of the dome. Table II describes the expansion allowance
using a 1.5% expanding silica brick at 1100°C.

The 4-mm thick plastic material was used in every third
vertical joint throughout the full dome and every fourth
circumferential joint throughout the full dome. The vertical joint
expansion allowance resulted in a 4 mm expansion allowance every
435 mm (3 bricks x 145-mm width) and the circumferential
expansion allowance resulted in a 4 mm expansion allowance every
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440 mm (4 bricks x 110-mm length). Therefore, the expansion
allowance for a 1.5% expansion of the silica brick at 1100°C is:

. . 4 mm
Vertical Joints = —— — x 100? = 61%
ertical JoInts = 43S x 15%

Circumferential Joints = —+ @™ ¥ 100* = 61%
440 x 1.5%

The skew brick in the vertical radial joints used a 4-mm thick
plastic pad every 7 bricks, or about every 965 mm. The skew brick
had an expansion allowance for the circumferential direction of
28% [(4/965 x 1.5)(100)2].

The stress-strain data [6] for the silica brick used to construct
the work lining of the spherical dome are described in Figure 17.13.
The stress-strain data reflect a change in stiffness over the
temperature range of 300 to 1400°C. Starting from 300°C, the
silica brick material stiffness increases when the temperature is
increased to 600°C. At temperatures above 600°C (900, 1200 and
1400°C), the material continues to soften. A plot of the MOE
calculated from the initial tangent of the stress-strain curves is
tabulated in Table TIL.

Both the hot and cold condition have to be evaluated in a
stove design. The evaluations should include the stresses and
displacements of the dome during both the hot and cold conditions.
Typically, the geometry of the dome and other portions of the stove
are designed for the cold condition. During heatup the geometry is
altered because of thermal expansion. The compatibility of the
geometry with the hot condition is based on the amount of
expansion allowance. With 100 percent expansion allowance, the
geometry should be compatible with the hot condition, and stresses
should be similar to the cold deadload condition. However, during
subsequent cooldown the resultant geometry is not compatible
and hinges will develop resulting in higher cooldown stresses.
Lesser amounts of expansion allowance would result in higher
stresses in the hot condition. With lesser amounts of expansion



436 Chapter 17
Table II

Description of Expansion Allowance
in Successful Silica Brick Stove Dome Design

Joints Courses %Expansion
Allowance
Circumferential
Joints All 61
Vertical
Joints All 61

allowance, the system would have less tendency to develop hinges,
thereby avoiding the higher stresses at the hinges during cooldown.
This also implies that with lesser expansion allowance, the
geometry is more compatible with the cold condition resulting in
less movement of the brick work during cooldown. According to
discussions with plane engineers, they have seen stoves with
excessive brick movement at cooldown and found it necessary to
realign the brick work before the next heatup.

In summary, it appears that 100 percent expansion allowance
may be desirable in minimizing expansion stresses in the hot
condition. However, 100 percent expansion allowance would result
in excessive brick work movement at cooldown. A prudent design
would have sufficient expansion allowance to avoid excessive
expansion stresses at hot conditions and avoid excessive brick work
movement at cold conditions. If a stove system can be maintained
at a hot condition without cooldown, then 100 percent allowance
appears ideal since brick work movement in the cold condition
would be avoided.

E. Results of Investigative Field Testing Analysis of
Spherical Silica Brick Refractory Dome

A description of the spherical brick refractory dome was
previously provided in Section IILA. The following discussion
addresses both the investigative field tests and the related
investigative analysis on this refractory dome.
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FIGURE 17.13 STATIC COMPRESSIVE STRESS-STRAIN
DATA FOR A SILICA BRICK [6]

Considerable data were developed from the 42 strain
gauges and the 9 temperature gauges attached to the stove shell.
Additional temperature gauges were attached to several locations
within the brick work. A 28-day (about 672 hours) heatup was
scheduled for the stove to take the stove temperature from room
temperature up to about 1100°C. The primary interest here is the
upper region of the shell where the skew and adjacent wall, the
silica brick dome and the shell dome temperature all contribute to
the development of stresses in the upper region of the shell at the
location adjacent to the skew (see Figure 17.14).

The arrangement of the strain gauges and thermocouple at
location A is shown in Figure 17.15. There were four sets of
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Table T

Material Properties of Silica Brick
for Stove Dome Design

Coefficient
Modulus of | of
Temperature | Density* | Poisson’s [ Elasticity Expansion
°C Ib/cu ft | Ratio psi x 10° in./in.°F x
10°
70 142 0.2 0.5 7.04
600 142 0.2 1.0 23.00
1000 142 0.2 1.8 15.40
1400 142 0.2 2.1 11.07
2000 142 0.2 2.5 7.67
2600 142 0.2 2.2 5.77

&Effectfve density to include weight of insulating brick.

gauges positioned along a vertical line. Each set had a vertical
gauge and horizontal (circumferential) gauge.

The strain gauge stress measurements at location A (top set
gauges S, and S_;) are plotted in Figure 17.15. These gauges were
at an elevation on the vessel shell near the elevation of the skew.
These results show that maximum shell stresses during heatup were
achieved at about 300 hours. The maximum circumferential stress
of nearly 40 MPa is reached. The maximum vertical stress is
approaching -60 MPa. At 300 hours, the hotface of the dome brick
had reached about 660°C. The coldface of the dome silica brick
was at 585°C. Based on the dome temperature the stress-strain data
(Figure 17.13) and the thermal expansion data (Figure 17.9), the
maximum shell stress at 300 hours (Figure 17.16) seems very
reasonable. At these dome temperatures, the silica brick has
reached greatest stiffness in combination with the near greatest
expansion. Because the heatup is very gradual, no significant
transient stress effects are developed. This means that near steady-
state temperatures exist at any point in time during heatup.
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Figures 17.17a and 17.17b are plots of the vertical (S,) and
circumferential (S,) stresses at the two locations (A and B,
respectively) around the regions of the skew in the upper shell wall
near the dome shell. In each location, the circumferential stress (S,)
is continuously increasing in the vertical direction at the skew
region. The vertical stress (S,) represents the compressive vertical
bending stress on the outside shell wall surface due to the outward
loading of the skew. The gauges were at the outside surface of the
shell. Therefore, since the S_ is compressive, the shell would be
bending inward. This shell behavior, although it appears unrealistic,
will be fully explained by the following analytical results.
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The investigative analysis of the spherical silica brick
refractory dome was performed using the finite element method [7].
An isometric view of the finite element mode! outline is described
in Figure 17.18. A small pie section of the refractory dome was
chosen for the model. Because of symmetry, a pie section is valid.
However, the non-linear compression only stresses of the brick
joints require appropriate joint elements to simulate this behavior in
both of the primary directions within the dome. A pure axis
symmetric model would not have allowed the use of the non-linear
joint elements for the vertical joints. The mesh details and the
location of the expansion allowance materials are shown in Figure
17.19. The silica dome was constructed of three-dimensional solid
isoparametric elements. As previously discussed, the expansion
joints were constructed of three-dimensional interface elements.
Because these elements are non-linear, an iterative procedure was
used to converge on the correct expansion joint behavior
(compression only). Since a tongue and groove was designed into
the brick joint, it was assumed that shearing displacement normal to
the spherical dome surface could not exist. That is, the mid-
thickness nodes were coupled in the radial direction (motion normal
to shell surfaces) to simulate the keying action of the tongue and
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groove joints. Not shown with this model is the exterior vessel
shell model. Only the cylindrical portion of the shell contributing
to restraining the dome skews is shown. There are two equal
lengths of cylindrical shell above and below the skew that provide
the significant part of the restraint to the skew. Portions of the
cylindrical shell can be quantified using classical cylindrical shell
equations [8]. Assuming the normal force developed between the
shell and skew is over a small finite distance, the assumption of a
concentrated circumferential load is used. As shown in Figure
17.20, the maximum contributing length (L) of cylindrical shell on
each side of the skew is defined as:

BL = 2.5 (17.6a)
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or:

L =2.5/p (17.6b)

B - 4l 31 - v9) (17.7)
R%?

where v is Poisson’s ratio (for steel, v = 0.3), R is the shell radius
and t is the shell thickness.

where:
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Substituting the values of R and t from Figure 17.8 into Equation

4
B - l 31 -03) _ 1
(4877)%(20)?

17.7:

Substituting B into Equation 17.6a, and solving for L:

L = (2.5)(243)/1 = 608 mm

Therefore, the effects of the skew horizontal reaction load is only
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FIGURE 17.18 OUTLINE OF FINITE ELEMENT MODEL
SHOWING EXPANSION JOINT LOCATIONS

resisted by a short length (L) of the cylindrical vessel shell above
and below the skew. The total length of the cylindrical vessel shell
resisting the skew load is therefore, 1216 mm (2L). Beyond this
distance the effect of shell moment, shell shear and shell
displacement, resulting from the skew horizontal radial loading,
decay to insignificant values. As shown in Figure 17.15, it was
assumed that the center of the skew reaction forces would be at the
center of the four sets of strain gauges, or at a distance of 750 mm
measured vertically down from the weld connecting the cylindrical
vessel shell to the spherical vessel shell. The strain gauge sets are
spaced at equal intervals of 100 mm. Because of the 750-mm
distance, the edge effects of the spherical shell will not influence
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FIGURE 17.19 CROSS SECTION OF FINITE ELEMENT MODEL:
L SHOWING MESH PATTERN *

the cylindrical shell behavior in the region of the skew.

Since strain gauge data were obtained on the shell stresses
during heatup, the analysis will include evaluation of the shell
stresses in the upper region of the stove shell wall. This informa-
tion will assist in confirming gravity load and expansion forces
developed by the silica brick skew and silica brick dome. The shell
stress was influenced by three separate types of loads. The three
loadings are defined as:

1. The horizontal (radial) thrust developed by the silica
brick dome gravity load and expansion force.
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The horizontal (radial) expansion force developed by
the skew and the adjacent region of the silica brick
wall.

The temperature gradient between the wall shell and
dome shell. This is not a through-thickness
temperature  gradient, but rather a membrane
temperature gradient. A lower dome shell temperature
would tend to pull the top of the shell wall inward. A
higher dome shell temperature would tend to push the
top of the shell wall outward. Circumferential and
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vertical stresses in the top of the shell wall would be
developed compatible with the imposed dome
displacements.

The predicted displacement of the silica brick dome, resulting
from the thermal expansion of the brick and the restraint of the
skew (resisted by the shell wall), is shown in the computer plot of
Figure 17.21. Note that two primary circumferential hinges occur
in the region of the skew. The circumferential hinge, at the skew,
is on the coldface. The second circumferential hinge occurs in the
second expansion joint, above the skew, and is on the hotface side.
The second location is the approximate position in which pinch
spalling occurred in the silica brick stove dome design (see Section
III.B). Therefore, the solution appears to be valid, based on

—

COLD FACE HINGE

d© - ROTATION AT HINGE

*AMPLIFIED DiSPLACEMENT

FIGURE 17.21 THERMAL DISPLACEMENT OF REFRACTORY
DOME SHOWING THE TWO HINGE LOCATIONS
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experiences with dome brick spalling. It should be mentioned that
the hinge location could have been confirmed by evaluating the
total strain energy versus hinge location. However, the nature of
the finite element method will allow convergence to the correct
hinge location.

The phenomenon of hinges is not unique to domes, and exists
in other refractory shell structures, as discussed in the chapter on
the sprung arch.

The highest circumferential stresses (about -11.05 MPa) occur
near the skew, as shown in Figure 17.22. The section locations are
described in Figure 17.21. Also shown in Figure 17.22 is the
portion of the circumferential joint in bearing. The crosshatched
box, above each through-thickness stress description, describes the
bearing area of the joint. The existence of the hinges is primarily a
result of the shell restraint on the skew and other effects previously
discussed under theoretical considerations.

The meridional, or vertical, stress (about -0.86 MPa psi) is
also highest near the skew, as described in Figure 17.22. The
stresses in the upper regions of the dome are considerably less. As
expected, the circumferential stresses are greater than the vertical
stresses.

The second part of the analysis consists of the analysis of the
upper stove shell using the radial skew expansion loads developed
previously.  These skew reaction loads were applied to the
corresponding locations on the inside surface of the shell model.
Figure 17.23 is a plot of the vertical stress (S,) and circumferential
stress (S,) results on the outside surface of the stove shell. The
skew reaction load was applied at the cold location of the skew.
But, as previously defined, the center of the skew radial force was
assumed to be applied at a location 600 mm down from the weld
connecting the spherical portion of the vessel shell to the cylindrical
portion of the vessel shell. As described in Figure 17.23, the
vertical stress (S,,) on the outside surface reflects the outside surface
component of the vessel bending stress. The predicted S, stress
behavior replicates the classically predicted behavior of the vessel
shell bending moment (M,) in Figure 17.20. The circumferential
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stress (S.) in Figure 17.23 also exhibits the same trend as the radial
displacement W in Figure 17.20. The maximum outside stress at

the skew is 196 MPa.

values of -46 to -53 MPa on each side of the skew.

The vertical stress oscillates and decays to

As noted in Figure 17.23, the gauges are assumed to be
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below the position of skew. If the assumed skew load is raised to a
higher position on the cylindrical shell model, the predicted stress
contours agree with the measured stress values. A more detailed
comparison is made in Figure 17.24.

The trends in the variations of vertical and circumferential
stresses now compare quite favorably between the measured and
analytical results. The circumferential stress (S,) is tensile across
the region of the gauges and increases when moving vertically
upward toward the topmost gauges. The vertical stress (S,) goes
from negative (in the region of the lower gauges) to positive (in the
region of the topmost gauges).
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Since the measured shell stresses and the analytical shell
stresses agree in both magnitude and general trends, stresses are
considered to be an accurate evaluation of the actual stresses
developed in the silica brick dome during heatup. These results
also indicate that the installed position of the skew was apparently
higher than anticipated and that the gauges were placed too low on
the exterior surface of the shell. Perhaps the difference in vertical
expansion of the interior refractory and the vessel shell caused the
skew to grow upward more than expected. In either case, the
outcome between the field test and analytical investigation was very
encouraging and indicated that the predicted silica brick dome
stresses were fairly accurate.
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F. Summary of Spherical Silica Brick
Dome Investigation

As a result of this investigative analysis, a variety of
summary items are provided which relate to the outcome of the
investigation.

1.

Using a 100% expansion allowance is not always the
optimum approach in designing silica brick stove
domes. During cooldown, a silica brick stove dome
(and other portions of the stove brick work) with 100%
expansion allowance may experience excessive brick
movement resulting in necessary realignment before the
next heatup.

In silica brick stove domes, two primary directions of
thermal expansion demand consideration in the design
of the expansion allowance. These directions are the
circumferential direction and the meridional (vertical)
direction. The circumferential expansion is directly
influenced by expansion allowance material in the
vertical joints. The meridional direction is directly
influenced by expansion allowance material in the
circumferential joints.

When the theoretical aspects of expansion allowance
are considered, the vertical joints with expansion
allowance material have a considerably greater
contribution to expansion allowance than the horizontal
joints with expansion allowance material. It should be
noted that the beginning stages of silica brick stove
dome design did not include expansion allowance
material in the vertical joints.

The spalling locations, above the skew, encountered in
another silica brick stove dome design are in agreement
with the hotface hinge location (point of concentrated
loading), as predicted by the brick dome model.
Therefore, the effects of insufficient expansion
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allowance, such as pinch spalling, will begin to occur
initially at the hinge locations on the hotface side of the
brick work. The hinges will occur at predictable
locations of the dome as determined by principles of
structural analysis for refractories. The study also
indicates that abrupt changes in expansion allowance,
especially in the lower region of the dome, are highly
undesirable.

5. Based on the experience with percent expansion
allowance in the spalled silica brick stove dome and the
percent expansion allowance in the investigated brick
stove dome design, the minimum allowance for thermal
expansion in silica brick stove domes is about 60% for
the silica brick with a 1.5% expansion at 1100 C. That
is, the thickness of material which burns out during
heatup should represent at least 60% of the total growth
due to thermal expansion of a 1.5% expansion brick.
This amount of expansion allowance is used in both the
meridional and circumferential direction.

6.  The field measurements showed that maximum radial
expansion forces from the silica brick stove dome skew
were developed after about 300 hours of heatup, or
when the dome reached about 600°C.

7. The field measurements also showed that the skew
evidently moved upward during heatup and, therefore,
the skew radial expansion forces were above the
location of the top strain gauges. Plots of the shell
wall circumferential stresses and shell wall vertical
stresses clearly show that the greatest expansion forces

are developed by the skew brick and dome brick.

8. The analysis demonstrated that the thermal gradients in
the shell wall and shell dome were not significant and
that the skew radial expansion force developed by the
thermal expansion of the silica brick stove dome was
the predominant load in the shell wall.
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9. The analytically calculated silica brick dome radial
skew loads, when applied to the shell, resulted in
analytical shell stresses that agreed favorably with the
measured shell stresses.  Therefore, the material
properties used for the silica brick are valid for future
designs of silica brick stove domes.

10. The amount of expansion allowance used in the
investigated silica brick stove dome is adequate for
future silica brick stove dome designs.

In conclusion, this investigative analysis provides significant
information for understanding the behavior of silica brick stove
domes and basic engineering data for evaluating future silica brick
stove dome designs.

IV. STEELMAKING LADLE REFRACTORY
EXPANSION

A. Introduction

The objective of this chapter is to describe the necessary
refractory mechanical material property data required when
evaluating the thermal expansion behavior of refractory-lined
cylindrical vessels and, more specifically, the compressive stress-
strain data needed to define the MOE and other parameters
associated with inelastic flow of the refractory.

The following investigative analysis examines and compares
the measured expansion stresses of a refractory-lined cylindrical
vessel (a steelmaking ladle) with the results obtained from a
detailed finite element analysis.

B. Background

The following investigative analysis describes the influence
of the stress-strain data used in characterizing the refractory lining
of a cylindrical vessel. In our case, the field test results of an
investigative study on a steelmaking ladle are used as the basis for
the investigation (see Figure 17.25) [9].
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For those not familiar with steelmaking operations, the
steelmaking ladle is used in the final stages of steelmaking. This
ladle allows the transport of molten steel from the stationary
steelmaking vessels to the continuous casters. Quite often addition-
al steelmaking processing is conducted within the ladle. Therefore,
the steelmaking ladle has become another process vessel in
steelmaking.

In the past, the ladle was lined with fireclay brick. However,
the recent emphasis on clean steelmaking practices has resulted in
the use of cleaner, purer refractory linings. These refractories are
also stronger and stiffer than the old fireclay linings. As a result of
the use of stronger linings, such as high-alumina working linings,
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concern has been expressed over the structural integrity of the ladle
shell due to the larger expansion loads imposed on the shell by
these stronger linings. Appropriate refractory material properties
are required in order to develop an accurate and dependable
analytical prediction of ladle lining behavior. This study compares
the analytical results with field test data. Updated analytical
predictions are made using developments in refractory material
testing which provide an improved definition of refractory structural
material properties [10,11].

Since the primary interest in this study was in the cylindrical
lining behavior, the ladle wall lining behavior was investigated.
The ladle wall refractory lining design is described in Figure 17.26.
As shown, the working lining is a 127-mm thick fired 70% alumina
brick. The backup, or safety, lining consists of two parts: a 76-mm
thick fireclay brick and a 51-mm thick alumina insulating brick.

C. Results of Field Test Measurements

The field strain gauge test was conducted on a newly lined
ladle with the wall lining details as described in Figure 17.26.
Strain gauges were placed on the exterior side of the wall vessel
shell. Because of the limitation on the portable test measurement
equipment, only the first heatup and process cycle could be
recorded. As described in Figure 17.27, the cold ladle was initially
subjected to a preheat. The maximum preheat temperature was
about 1100°C. The ladle was then subjected to a series of cooling
and teeming cycles. The cool portion of the cycle is the empty
heated ladle going through various maintenance procedures prior to
teeming. The heating or teeming portion of the ladle is the portion
of the cycle when the ladle is filled with molten metal. During
teeming, the ladle is serving as a molten metal transporting device.
The molten metal temperature is at about 1630°. In our field test
measurements, only the first cool and teem cycle was of interest. As
noted in Figure 17.26, the initial preheat (or heatup) is fairly rapid.
The field test thermocouple (TC No. 1) was placed at the back side
or coldface of the working lining. The analytical results shown on
the plot will be explained later.

The ladle vessel shell strain gauge result is shown in Figure
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17.28. This plot describes the variation in the ladle shell wall
circumferential stress during the preheat and the first few cycles
following the preheat. The maximum shell wall stress exists during
the preheat, with a maximum value of about 100 MPa (16,000 psi),
occurring after about two hours into the preheat. This stress
remains at this level during the remainder of the preheat. The shell
wall stress then begins to decrease in the subsequent cool and teem
cycles. Of particular interest is the magnitude of the shell wall
circumferential stress during preheat as compared to the magnitude
during teeming. The maximum hotface temperature during preheat
was about 1100°C. During teeming the molten metal temperature
is approximately 1630°C. However, a proportional increase in
expansion stress does not develop. As discussed in Chapter 6 on
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compressive stress-strain behavior at high temperatures, the lesser
shell wall stress is attributable to the inelastic behavior of the 70%
alumina work lining at these higher temperatures. The lower shell
wall stress during the short cooling event between the preheat and

first teeming event is expected.

D. Results of Finite Element Analysis

The first portion of the finite element analysis was to deter-




Investigative Studies on Refractories 459

COOL ,TEEM
i‘ PREHEAT ;i il % COOL
120
100
80
]
[a
s
_ B0t
[72]
wn
w
& 40
wn
20}
—r ] ] L 1 i
0 2 4 6 8 10 12
TIME , hrs
FIGURE 17.28 MEASURED CIRCUMFERENTIAL STRESS IN
| LADLE SHELL

mine the lining and shell transient temperatures during the preheat
and subsequent process cycles. Since the shell wall measured
stresses are predominantly lining expansion stresses, the analyses
can be divided into two primary parts. Part I is the heat transfer
analysis used to determine the lining and shell transient
temperatures. Part II is the thermal stress analyses. The Part I
lining and shell temperatures are used to evaluate the lining
expansion stresses in Part II.

The thermal expansion stress is the predominant stress in the
ladlie. The ferrostatic pressure develops a significantly lesser
circumferential stress. This stress is calculated as:
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S, = PR/t (17.8)

where R is the vessel shell radius, t is the vessel shell thickness and
P is the ferrostatic pressure. The maximum ferrostatic pressure is
estimated as:

P=D3 (17.9)

where D is the full depth of the molten metal and d is the liquid
density of the molten metal. For the ladle defined in Figure 17.25
the maximum ferrostatic circumferential stress is:

Sc = D3R/t
= (3660)(2.30 x 107%)(4650)/(32)
= (3660 mm)(2.30 x 10° N/mm®)(4650 mm)/(32 mm)
= 12.21 MPa

The ferrostatic pressure stress in the vessel wall is shown to
be small compared to the refractory lining expansion stress
measured at levels of about 110 MPa. As a result, our efforts will
concentrate on the lining expansion stresses and will assume that
the field test stresses were predominantly lining expansion stresses.

The finite element model used in the analysis of the ladle
wall is described in Figure 17.29. The model represents a unit
through-thickness section of the ladle wall. Because of symmetry,
only a quarter section of the through-thickness wall unit section was
required. Figure 17.30 describes the boundary conditions for the
non-linear compression-only stress condition of the mortar joints.
Note that this model did not include the full dimensions of the brick
lining components. In this model, the stress-strain behavior of the
brick lining component in combination with the lining joint was
based on a smeared effect. That is, the MOE and the inelastic
effects were modified for the unit component section in the model
to account for the effects of the mortar joint.

The results of the Part I transient thermal analysis are
summarized in Figure 17.27. As shown, the analytically predicted
transient temperatures of the lining coldface and the shell were
consistently greater than the field test thermocouple measurements.
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This is attributable to the thermal material properties used in the
transient thermal analysis. That is, the manufacturer’s thermal
material property data did not agree with the refractory lining
material used in the lining. It was decided that since the analytical
predicted temperatures of the lining and shell were both higher than
the test results, the analytically predicted differential expansion
between the lining and shell and resulting stresses would not be
significantly different from the field measured results.

The Part IT thermal expansion stress analysis was conducted
using three different assumptions regarding the definition of the
mechanical material properties of the 70% alumina brick working
lining. As will be described, the backup lining plays an insignifi-
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cant role in developing expansion forces against the shell.
Therefore, the mechanical material properties of the backup lining
were less important in evaluating the thermomechanical behavior of
the ladle wall.

The first thermal expansion stress analysis was conducted
using available ultrasonic modulus data for Manufacturer A’s 70%
alumina brick. Figure 17.31 and Table IV describe the ultrasonic
elastic modulus data as a function of temperature. As shown, the
elastic modulus remains constant over the range of operating
temperatures imposed on the ladle lining using the Part I calculated
lining and shell transient temperatures, the calculated lining
expansion stress in the shell wall is described in Figure 17.32.
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As described, the calculated shell wall circumferential stress is
nearly three times greater than the measured shell stresses during
preheat. During the teem portion of cycle, the calculated shell wall
stress is about four times greater than the measured shell stresses.

It is obvious that a severe discrepancy exists between the calculated
and measured shell stresses. Using ultrasonic elastic modulus data,
the lining develops an unrealistically high expansion force. It can
also be concluded that the ultrasonic elastic modulus does not
represent the true elastic modulus of the refractory lining material.
In addition, the ultrasonic test data do not provide any information
with regard to the inelastic behavior at the higher temperatures.

—
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Table IV

Comparison of Elastic Modulus
for 70% Aumina Brick

Manufacturer A Manufacturer B *
Ultasonic Modulus Static Modulus
Temperature | x 10* MP x 10* MPa
c Type 1 Type 2
20 4.8 3.17 2.14
800 4.8 3.10 2.62
1100 4.8 1.10 1.52
1200 4.8 0.28 0.19
1300 4.8

*Values from Reference 10.

A second stress analysis was conducted using creep data for 70%
alumina brick. In this second analysis, the secondary creep equation was
used in which the secondary creep strain (€) was defined as:

€, = Af(s)t™gle "AHFT

where Af(s) is equal to 2.32 x 10°, m is equal to 1.0, h is equal to
1.0 and -AHc/P is equal to -5.82 x 10°. Temperature (T) is in
degrees Kelvin and time (t) is in hours. It should be noted that the
creep data were developed for a compressive stress of about 0.17
MPa (25 psi). In the second analysis, the ultrasonic elastic modulus
was used as in the first analysis. This analysis using the ultrasonic
elastic modulus and the creep material property data, resulted in no
significant difference in the calculated stresses from the first
analysis at temperatures below about 1200°C. Therefore, it was
concluded that the secondary creep data were not satisfactory. The
second analysis was then modified using a reduced coefficient of
thermal expansion. Typically, 70% alumina brick has a coefficient
of thermal expansion of about 6.3 x 10°® mm/mm°C (3.5 x 10°
in./in.°F). For this modified analysis, the coefficient was reduced
to a value of about 2.1 x 10° mm/mm°C. The results of the
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analysis are plotted in Figure 17.32. Using a reduced coefficient of
thermal expansion in combination with the ultrasonic elastic
modulus and the defined secondary creep, the analytically calculated
shell stress results closely resemble the field-measured results.
These results assist in confirming that the ultrasonic modulus does
not represent the true elastic modulus of the refractory working
lining, and also that the creep data do not represent the true creep
response of the working lining. One should not have to resort to
such a modification or fudge factor to produce reasonable results.

The resulting circumferential expansion stresses in the vessel
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shell from the second modified analysis are described in Figure
17.33. As shown, the working lining develops nearly all of the
expansion force and the backup lining contributes an insignificant
expansion force. Negligible inelastic strain is developed during the
preheat (temperatures less than 1100°C). However, during teeming
(temperatures between 1100 and 1630°C), compressive creep
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straining did occur but was not sufficient in providing a lining
expansion response that resembles the field measured data. As a
result, the adequacy of the compressive creep data (developed at
laboratory compressive stresses of 25 psi) was questionable since
the average compressive lining stresses in the tested ladles were
estimated to be about 34 MPa (5000 psi).

The third analysis used static compressive stress-strain data of
a 70% alumina brick to define the elastic modulus.  The
homogeneous static compressive stress-strain data for a 70%
alumina refractory brick are described in Figure 17.34 [10]. The
methodology of converting the compressive static stress-strain data
to a static elastic modulus (E_) is illustrated in Figure 17.35. A
bilinear stress-strain curve was used in the structural program to
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FIGURE 17.34 COMPRESSIVE STATIC STRESS-STRAIN DATA
ON HOMOGENEQUS AND MORTAR JOINT

SAMPLES OF A FIRED 70% ALUMINA BRICK
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model the elastic/plastic response of the material. The onset of
yielding is defined by the yield point stress (Sy). The slope of the
stress-strain response beyond the yield point is defined as the plastic
modulus (E,). The elastic modulus was calculated using the slope
of each curve defined by a 14-MPa compressive stress and the
corresponding strain. Table IV provides a comparison of the elastic
modulus (ultrasonic modulus) used for the 70% alumina brick
(Manufacturer A) in the initial ladle study [8] and the elastic
modulus (static stress-strain) for two similar 70% alumina brick
materials (Manufacturer B) [10,11]). A plot of the Table IV data is
described by Figure 17.31. The static elastic modulus data differ
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from the ultrasonic elastic modulus data in that (1) the static
modulus results are less than the ultrasonic modulus results by a
significant margin and (2) the static modulus data reflect the
temperature-dependent inelastic effects of the 70% alumina brick.

The material data of Manufacturer B’s alumina brick was
chosen for the analysis since this 70% alumina brick was most
similar in all aspects to the Manufacturer A’s 70% alumina brick
used in the ladle tests. Table V summarizes the resulting complete
elastic-plastic bilinear stress-strain data used to represent the 70%
alumina working lining.

The results of this analysis are summarized by comparing the
calculated circumferential shell stress with the field test results. As
shown in Figure 17.32, the general shape of the third analysis stress
results closely resembles the test results. However, the analysis
stress results were about 50% greater than the test results. The
analysis was conducted using static compressive stress-strain data
for homogeneous 70% alumina brick samples. More recent stress-
strain data on 70% alumina brick samples with mortar joints (see
mortar joint compressive stress-strain data, Figure 17.34) show that
mortar joints tend to cause an additional softening of the refractory
lining. The stress-strain data with mortar joints show about a 50%
softening due to the presence of the mortar joints. The mortar
joint test samples had a 1.5 mm mortar joint for a sample length of
50 mm. It can be concluded that the inclusion of the mortar joint
effects would result in an analytical solution that more closely
resembles the field test results.

E. Summary

The results of the analyses show that ultrasonic elastic
modulus data do not provide a true representation of the stress-
strain relationship for refractory materials. The purpose of this
study is not to diminish the usefulness of ultrasonic modulus data.
For the refractory engineer, the ultrasonic modulus assists in
ranking the refractoriness of the material; however, for the struc-
tural engineer, the static stress-strain data provide a more realistic
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Table V
Mechanical Material Data for
70% Alumina Brick
Temperature | Elastic Plastic Yield Poisson’s
°C Modulus* [ Modulus™ | Stress Ratio
x 10* MPa |x 10°* MPa | MPa
20 2.41 1.93 48.3 0.07
800 2.41 1.38 48.3 0.09
1100 1.45 0.80 14.5 0.17
1200 1.03 0.08 7.8 0.14
1300* 0.34 0.01 3.45 0.14
1650* 0.0007 0.00003 3.45 0.14

*Data extrapolated beyond the maximum test temperature of
po y

1200°C.

estimation of elastic/plastic mechanical properties of refractory
materials for structural analysis.

The reason for the differences in the analyses when using the
ultrasonic data is best described in Figure 3.4. The ultrasonic
modulus is defined by taking advantage of the high-frequency
vibration characteristics of the sample. However, this results in the
evaluation of an elastic modulus at a very low stress state. As
shown in Figure 17.36, the tangent to the actual stress-strain curve
at a low stress state results in a high elastic modulus. With the
actual stress-strain curve defined, the method of analysis (using the
elastic or elastic-plastic mechanical property definition) will provide
improved accuracy of the predicted stress. Since thermal expansion
is a strain-controlled load, the elastic/plastic solution, which traces
the actual stress-strain curve, will provide the best solution.

E. Conclusions

The results of the analyses using static stress-strain data for
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70% alumina refractory brick are very encouraging and provide
considerable confidence in using analytical methods in combination
with the associated bilinear elastic/plastic mechanical material
property definition in predicting the thermomechanical behavior of
refractory structures. The following conclusions are made as a
result of this study [12]:

1.

The temperature-dependent static stress-strain material
property data provide a comprehensive method of
defining refractory material mechanical behavior.

The elastic-plastic definition of a refractory lining
material obtained from the static stress-strain material
property data provides an improved method of
predicting the thermomechanical behavior of the
refractory structure.

As described in this study, the appropriate analytical
methods and the use of static compressive stress-strain
data are applicable for similar refractory-lined vessel
and furnace investigations.

The incorporation of mortar joint material with the
static compressive stress-strain data is needed to
provide a realistic definition of the elastic-plastic
definition of the refractory lining material.

Refractory creep data must be defined for more realistic
values of compressive stress.
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Basic brick

expansion data, 288

hot crushing strength, 275
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stress-strain data, 145
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Biaxial stress strength envelope, 263,
265

Brazil test, 60

Brick shapes, 3

C

Castable stress-strain data, 157
Central angle
of arch, 292, 295
of dome, 335, 336
Cobbling, 371
Coefficient of thermal expansion ()
data, 285, 288
Compressive insulating blanket, 325
Compressive strength, 273
Concrete, structural, 27, 165, 263
Cooldown thermal transients, 382,
386
Coulomb criteria, 227
Crack growth resistance (R, R’, R"),
369
Crack velocity (V), 368
Creep constants, 175, 176
data, 193-195
influence of, 181
universal gas constant (R), 193
Creep data, 173, 193, 194
Creep equations, 175-177
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of arch, 293
of dome, 433

Cylindrical shell

brick lined, 307

effective lining midthickness radius
R'p), 314, 319

effective lining thickness (t';), 314,
318

expansion allowance, 322

hoop circumference stress (Sc),
311-313, 318

interference pressure (P), 316, 317,
319

investigative study, 454

lining circumference gradient stress
(S8'0), 311, 312, 318
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lining circumference normal stress
(8", 311, 312, 318

lining radial expansion (ARq), 315
lining radius (R;), 314

lining total stress (S'''¢), 312, 318
numerical example, 316

shell radius expansion (ARy), 315
shell thickness (t), 315

thermal interference (Ad;), 314, 315

D

Damage, microcracking, 28
Direct tensile pull (DTP) test, 60
Dolomitic brick
coefficient of thermal expansion,
288
stress-strain data, 152
Dome
hinge formation, 345, 423, 447
investigative study, 436
radius, 335
restraint, 337, 432
spherical refractory lining structure,
335
Dry joint
deformation, 231
effective MOE, 232
mechanical behavior, 230-234

E

Elastic/plastic analysis, 23, 380, 467
Expansion allowance, 322
compressible insulating blanket,
324
mortar joints, 322

F

Failure envelope, 264, 265
Finite element method (FEM), 7, 80,
415
Fireclay brick
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286



Index 477

[Fireclay brick] mortared, 201
crushing strength, 275 deformation, 202, 207
MOR, 266 FEM analysis, 215
stress-strain data, 128 joint MOE, 203
Firing temperature, effect on HMOR, mortar MOE, 203
267 thickness, 202, 228
First invariant (1), 25
Flaking, 371 K
Flat linings, 351
Fracture toughness (K;c), 368 Kern limits, 246
H L
Heat transfer equation, classical, Ladle, steelmaking, investigative
330 study, 454
Heatup transient, 376, 380 Load behavior
High-alumina brick, 131, 268, 274 for pressure load, 12
Hinge, 237 for thermal load, 14
Hoop stress (Sx), 313 Load type, 11
Hot crushing strength (f'.), 275 Loading rate, 276
alumina brick, 275 effect on strength, 278
effect of loading rate, 276
effect of stress dimension, 274 M
effect of temperature, 275
Hot modulus of rupture, 266 Mag-carbon brick, stress-strain data,
for alumina brick, 269 150
for alumina castable, 272 Magnesia brick
for fireclay brick, 268§ coefficient of thermal expansion,
for mag-chrome brick, 266 286
for silica brick, 270 crushing strength, 275
effect of stress dimension, 263 stress-strain data, 145
effect of temperature, 266 MOR/HMOR, 266
Masonry mortar joint, 220
1 Material properties, 19, 125, 285
inferential, 31
Inferential material properties, 31 stress-dependent, 68, 74
Insulating blankets, 324 Microcracking, 28
Modulus of elasticity (MOE), 28
J Modulus of rupture (MOR), 65, 78
MOE effects, 68, 74
Joints temperature effects, 266
deformation of, 202, 207, 322, Mortar behavior, 199
dry, 230, 232 confined, 221
deformation, 231 unconfined, 210
effective MQE, 232 Mortared joints, 199

hinge formation, 246 deformation, 202, 207
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[Mortared joints]

expansion allowance, 234

FEM analysis, 215

joint MOE, 203

mortar MOE, 203

stress-strain data, 203

thickness, 202, 228
Multidimensional stress state, effect

on strength, 273

P

Peeling, 371
Polynomial, for stress-strain data, 128

R

Radial tensile stress (Sy) of tensile
fracture, 383

Radius

of arch, 292

of cylinder, 313, 372

of dome, 335
Rectangular prism, for ASTM test, 93
Rectangular structure, 360
Refractory mortar joint, 199
Refractory strength, 111
Refractory structures

arch, 191

cylinder, 307

dome, 335

pressure loading, 12

rectangular, 360

spherical, 335

temperature lading, 14
Resistance to crack growth, 368, 369
Restraint load in joints

joint discontinuity, 387

tail of load in joint, 387
Restraint strain (&), 404

S

Second invariant (J,), 26
Shell restraint, in cylindrical linings,
365

Index

Silica brick
coefficient of thermal expansion,
288
crushing strength, 275
stress-strain data, 155
Slabbing, 371
Sonic MOE, 32
Spalling, 371
Spherical prism, for ASTM test, 100
Spherical refractory lining, 335, 424
Split tensile strength (STS) test, 60,
78, 87
Sprung arch, 416
Square and rectangular linings, 360
Square prism, 96
Static compressive stress-strain data,
21, 125
alumina brick, 131
alumina castable, 157
dolomitic brick, 152
fireclay brick, 128
high-alumina brick, 131
MgO-carbon brick, 150
MgO-chrome brick, 145
silica brick, 155
temperature effects, 126
Static MOE, 23
Steelmaking ladle, investigation, 454
Strain-controlled load, material
requirements, 117, 369
Strain energy, 257
Strength
loading rate influence, 276
stress state influence, 263, 274
temperature influence, 266, 275
Stress-controlled load, material
requirements, 114, 369
Stress intensity (K)), 367
at fracture (Kc), 368
Strongest refractory, 111
Structural behavior as related to load
type, 352
strain-controlled load, 353
stress-controlled load, 357
Structural concrete, 59, 166
Structural stiffness matrix, 7
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Temperature
effect on strength, 266
loading, 263, 274
Tensile fracture, 365
Tensile strength, 263
Thermal conductivity matrix, 7
Thermal expansion data, 285
Thermal expansion under load
(TEUL), 42
Thin cylindrical linings
behavior, 328
gap, 332

U

Ultimate compressive strain (¢’ ), 144,
277
Ultimate compressive stress (f’.), 59,
144, 274
loading rate influence, 276
stress state influence, 274
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temperature influence, 275
Ultimate tensile strain (¢',), 144,
277
Ultimate tensile stress ('), 59,
144, 274
stress state influence, 263
temperature influence, 266
Unrestrained strain (ey), 403
Universal gas constant (R), 193

\Y%
Von Mises criteria, 26
w

Work of fracture (WOF)
desired WOF curve
for strain-controlled load, 369
for stress-controlled load, 369
refractory design objectives
for strain-controlled load, 408
for stress-controlled load, 409
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